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(i) 

ABSTRACT 

This thesis describes a series of investigations into the 

hydraulic and thermal characteristics of various turbulent two-phase 

pipe flows, arising from one particular way of extending to two-phase 

flow, concepts previously developed for single phase pipe flow, e.g. 

mixing length, turbulent core, wall boundary or sub-layer, roughness, 

Reynolds analogy, etc. 

This approach predicted a logarithmic core profile of local 

volumetric flux as a function of wall distance. Accounting for a 

range of different possible sub-layer fluid structures, it led to a 

dimensionless profile, and hence directly to a wall friction factor, 

in terms of dimensionless parameters chosen according to the type of 

sub-layer. 

A 'friction regime' concept was developed, with regimes classified 

by sub-layer type and two characteristic integers which serve to deter­

mine the profile. The relations developed were based on the analysis 

of world-wide experimental two-phase flow data, and a number of 

practically useful new friction factor correlations resulted. 

For a number of different 'friction regimes', the work was supple­

mented by additional models and analyses and applied to the prediction 

of average void fraction, heat transfer coefficient, critical heat 

flux, pulse propagation velocity and choked flow rate. In many cases, 

significant agreement was achieved between predictions and published 

data for which simultaneous measurements of several parameters 

guaranteed experimental consistency. 
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(v) 

NOMENCLATURE 

a propagation velocity (eh. 6) 

a propagation velocity at low flowrates (eh. 6) 
0 

a,b,c,d,e letters specifying sublayer type (table 3.1) 

a,b,c, equation coefficients 

A flow cross-sectional area 

A volume fraction of annular flow core (eh. 5,6) 

�~� projected area of nucleating bubble onto heated surface (ch.8) 

c1-c4 'constants' in mixing-length theory (e.g. 3.19 et.seq.) 

c0 phase/velocity distribution parameter (e.g. 5.3, 15, 6.9, 22a) 

c1 ,c2 velocity distribution parameters (equs. 6.10, 11) 

S, temperature/velocity distribution parameter (eq. 

C specific heat at constant pressure p 

C specific heat at constant volume 
V 

d bubble diameter 

dd departure diameter for wall-nucleating bubble 

D duct equivalent hydraulic diameter 

e specific energy 

E enthalpy flux (eq. 8.33) 

f Fanning friction factor, 'w/(½ p0 <j> 2 ) 

F body force 

g acceleration due to gravity 

G mass flux 

h heat transfer coefficient, �~� /(T -T) (section 8.2); 
w w s 

�~� /(T -<T>), (section 8.3) 
w w 

h specific enthalpy 

H vertical height 

j local volumetric flux, ut (1-a) + uga 

* 
j shear velocity, l.w/p 0 



(vi) 

j+ dimensionless local velocity, j/j* 

k thermal conductivity 

K coefficient of thermal exchange (eq. 6.5) 

K wave-length inverse (section 6.4.1) 

£ flow boundary length 

. 
M£ liquid flowrate to nucleating bubble microlayer 

M£c contribution from core to M£ 

A contribution from recirculated flow round nucleating bubble 
tr 

m,n integers specifying the core velocity profile form for a 

given friction regime (see section 3.9) 

n normal vector 

N number of layers of bubbles in wall froth region at boiling 

crisis onset (section 8.2.3) 

Nu, Nusselt number (~ /(T -T )) D/k 0 (section 8.2); w w s X, 

(~ /(T -<T>)) D/k (section 8.3) 
w w g 

P pressure 

Q volume flow rate 

r radial position 

r radial vector 

R radius 

Pr Prandtl number, µC /k p 

Re Reynolds number, P0 <j> D/µ 0 

s surface (eh. 2) 

S film thickness (chs. 3 on) 

* s Ji2. s+ dimensionless film thickness, s u p 0/µ 0 = 0 Re 1 
t time 

T temperature 

u ensemble averaged axial velocity 



* u 

V 

V 

V 

V 

V g,£ 

We 

X 1,2,3 

X 

y 

(vii) 

single phase shear velocity, h/p 
w 

specific volume (eh. 6) 

local drift velocity (eh. 5) 

velocity vector 

volume (eh. 2) 

void-weighted average drift velocity (eh. 5) for dispersed 

gas or liquid phases 

Weber number, p <j> 2 D/a 
H 

orthogonal position vectors (eh. 2) 

flow quality, G /(G + G0 ) g g N 

static quality (eh. 6), p <a>/(p <a>+ p (l<a>)) 
g g £ 

distance from wall 

+ * y dimensionless wall distance, y j p 0/µ0 

z axial co-ordinate 

z letter a, b, c, d ore denoting sublayer component of 

friction regime (table 3.1, section 3.6) 

a local void fraction; probability that gas is at a point 

a fraction of heated surface where heat transfer is affected s 

by nucleating bubbles 

S gas volume flow ratio, Qg/(Qg + Qt) 

y isentropic expansion coefficient 

o binary phase existence variable (eh. 2) £,g 

o viscous sublayer thickness 

o local thermal non-equilibrium parameter (eq. 8.33) 

�~� 'disequilibrium', liquid fraction weighted mean non-

equilibrium (eq. 8.38) 

£ equivalent sand roughness height 

£ eddy diffusivity 



(viii) 

8 phase-fraction weighted mean phasic temperature (eh. 8) 

8 azimuthal angle co-ordinate 

8 angle between vertical and flow direction 

K von Karman coefficient 

\ latent heat 

µ viscosity 

p density 

o surface tension 

o.. component of stress tensor 
l.J 

L stress tensor 
:,: 

T shear stress 

ip heat flux 

'PL02 two-phase friction multiplier, correction factor for friction 

calculated as if the total mass flow was liquid 

w wave frequency (section 6.4.1) 

Q gravitational potential 

Subscripts 

C 

C 

cond 

er 

crit 

d 

e.c. 

eq 

f 

f 

F 

core value (annular flow) 

centreline value 

due to conduction 

value at boiling crisis 

choked flow condition 

droplet 

due to evaporation and condensation 

thermal equilibrium value 

value at film boundary 

value within film 

frictional component 



g 

h 

H 

gas value 

heat 

homogeneous value 

(ix) 

i,j,k denotes directions of arbitrary orthogonal co-ordinate 

system 

inf inflection point location 

i.s. inner sublayer value 

t liquid value 

LO 'liquid only', refers to calculation if all flow was all 

liquid at mixture mass flux 

m momentum 

m maximum value 

m mean value 

r radial component 

s saturation value 

TP two-phase flow 

Tr regime transition value 

up upward flow 

w wall value 

z axial component 

o value at edge of turbulent core 

cr due to surface tension 

T due to shear stress 

o denotes suitably-chosen reference value 

1,2,3 denotes directions of specific orthogonal co-ordinate system 

extreme position value 



(x) 

Superscript 

* contribution due to turbulence-induced correlation 

coefficients 

fluctuating or perturbed component of variable 

refers to 'generalised' quantity or dimensionless group 

(sections 3.10, 4.2) 

Operators and special notation 

<---> 

D 
Dt 

cross-section averaging operator, ¼ f--- dA 
A 

substantial derivative, ..l.. + u ..l.. 
dt dZ 

ensemble averaging operator 

I ,J ,K first-order Bessel functions 
0 0 0 

(z,m,n) specifies friction regime, z is letter a-e; m & n are 

integers. See section 3.9. 



CHAPTER 1 

INTRODUCTION 

The simultaneous flow of water and steam may occur in many 

water reactors operating under normal or abnormal conditions. 

Reactor design and assessment must consider low and high quality flow 

conditions, for a range of mass fluxes, flowing adiabatically or 

diabatically, in simple channels, or in complex channels such as fuel 

bundles. The channels may contain local obstructions such as spacers, 

end plates, or pipe bends. 

The need for improved prediction in reactor design and assessment 

in areas such as two-phase voidage, friction, and heat transfer has 

been a major stimulus in generating fundamental research into two­

phase thermohydraulics. 

The importance of two-phase flow models can be gauged from an 

American Physical Society report on light water reactor safety [1.1]. 

In this report, eighteen components of loss-of-coolant accident (LOCA) 

phenomena which are directly influenced by two-phase thermohydraulics 

were identified. Of these, twelve were considered to have a first­

order influence on determining overall LOCA behaviour. LOCA predictive 

abilities can thus be improved by improved models of the relevant two­

phase thermohydraulics phenomena. 

Despite the need for accurate prediction of two-phase thermo­

hydraulics, and the considerable amount of research generated from this 

need, our predictive capabilities remain inadequate. This is 

demonstrated by several surveys on research needs in the two-phase 

flow field [1.2 - 1.12]. Despite the different origins and dates of 

these surveys, they show remarkable consensus in indicating that 

topics such as two-phase friction, void fraction, flow regime predic-
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tion, and critical heat flux require further research. This is 

despite the fact that these topics are among the oldest and most 

extensively examined in the field of two-phase flow. The extent of 

the need for two-phase flow research is highlighted by the most recent 

and thorough of the abovementioned surveys (1.2, 1.3]. This survey is 

an assessment of basic research needs in all areas of fluid mechanics, 

and was sponsored by the US Department of Energy. Approximately half 

the topics are devoted to research in the two-phase flow area. A 

majority of these are relevant to nuclear engineering. As indicated 

above, the two-phase topics identified as needing long range funda­

mental research are consistent with those identified in earlier, less 

extensive surveys (1.4 - 1.12]. 

Noticeably lacking in two-phase flow research is any unifying 

model of the type developed by Prandtl [1.13], whose mixing-length 

theory of turbulence considerably assisted the development of single 

phase flow research. Indeed, the foremost recommendation in the US 

DOE study on fluid mechanics research needs (1.2] is 'Application to 

and experimental verification of extension of single phase flow theory 

to multiphase, multicomponent turbulent flows'. 

The work reported here is based on the concept that Prandtl's 

single phase flow mixing-length theory [1.13] could be extended to 

two-phase flows. Such an extension may assist in the theoretical 

modelling of several of the aspects of two-phase flow which were (and 

are) recognised as requiring further research. 

The above should not be regarded as implying that single phase 

flow mixing-length concepts have not previously been incorporated into 

models of two-phase flow. At the start of this research, the most 

widely-known such model was that due to Levy [1.14], whose mixing­

length theory had partial success in predicting phase and velocity 
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distributions and pressure gradients. A later version [1.15] 

considered the entrainment factor in annular flow. Brandt [1.16] 

considered a mixing-length approach similar to that of Levy, but 

required experimental void profiles to apply the model. Fritz [1.17] 

defined a mixing-length model for the core region of annular flow. 

More recently, an eddy diffusivity model of bubbly flow has been 

proposed by Sato et al. [1.19]. As with the model of Brandt [1.16], 

application of the model depends on experimental void profiles. Drew 

and Lahey [1.20] considered separate mixing-lengths for 'shear induced 

turbulence' and 'bubble induced turbulence'. The mixing-lengths were 

found to vary with local voidage. 

Von Karman similarity concepts were adapted by Biasi et al. [1.21] 

in their analysis of annular flow film thickness and velocity 

distribution. 

In addition to these, several models assume that the single phase 

flow 'universal' velocity profile applies to the film region. A survey 

of such models is given in section 4.3.4 of [1.22]. 

Other researchers, e.g. [1.23, 1.24], have used the results of 

single-phase flow turbulence theory only as a means of suggesting 

appropriate dimensionless groups for presenting experimental data. 

None of the above turbulence models of two-phase turbulent flow 

have attempted to allow for different flow regimes. However, it is 

recognised that many overall flow characteristics of interest (wall 

shear stress, heat transfer coefficient, etc.) depend on flow regime. 

The present extension of mixing-length concepts to two-phase flow 

is therefore performed in such a way to allow for flow regimes. Since 

flow patterns (annular, bubble, etc.) and their boundaries are studied 

because of an expected dependence of thermohydraulic correlating 

equations on flow pattern, flow regimes inthiswork are based not on 
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flow patterns but instead on correlating equations required to describe 

thermohydraulic parameters. This approach avoids the subjectivity that 

appears in flow pattern studies, and also avoids the assumed one-to-one 

correspondence between flow patterns and thermohydraulic correlating 

equations. 

The development of concepts in this work parallels that in the 

development of single-phase mixing-length theory and consequences of 

this theory. Thus, conservation equations of two-phase flow are 

considered in order to examine the nature of two-phase Reynolds 

stresses; mixing-length concepts are applied to these stresses in 

order to develop non-dimensional velocity profile expressions; these 

expressions are averaged over the flow section to yield friction factor 

expressions; and, where appropriate, heat transfer equations are 

developed from a Reynolds analogue of the hydrodynamic analysis. The 

analysis also examines consequences of mixing-length theory on phase 

distribution effects which have no equivalent in single phase flow 

theory. These distribution effects play a role in two-phase flow void 

fraction; propagation phenomena; and heat transfer. 

The following technical chapters reflect the above approach and 

consider, in order: 

two-phase flow conservation equations; 

local flow structure; 

wall shear stress; 

average void fraction; 

propagation phenomena; 

the boiling crisis; and 

heat transfer coefficient. 

In considering the US DOE recommendation [1.2] 'Application to and 

experimental verification of single phase flow theory to multiphase, 
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multi-component turbulent flows', the approach followed from the 

start of this project was one which considered that sufficient world 

data already existed to thoroughly test the present extension of 

mixing-length theory to two-phase flow. Thus, although some experi­

ments were performed by the author, and results were used to test the 

present theory, these are not reported in the body of the thesis. 

Rather, the theory is compared with data obtained from the open 

literature. Related experiments performed by the author are 

summarised in section 4 of appendix A30; some are described in more 

detail in appendices A22 and A25. 
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CHAPTER 2 

THE OVERALL CONSERVATION EQUATIONS OF TWO-PHASE FLOW 

A simplified presentation of the macroscopic ensemble averaged 

two-phase flow conservation equations is presented here as background 

to later chapters, which are primarily concerned with providing 

relations for various terms (shear, voidage, etc.) appearing in the 

conservation equations. Engineering requirements are for mean values 

of quantities such as wall shear at the boundary of the flowing two-

phase mixture. The mixture conservation equations, averaged over the 

flow cross-section, incorporate these quantities. This chapter thus 

considers only a set of conservation equations for the mixture instead 

of a set for each phase of the mixture. More rigorous and more com­

plete discussions of the two-phase conservation equations are given 

by Ishii [2.1] and Delhaye [2.2]. 

The two-phase mixture conservation equations are discussed for 

the parallel channel flow of a two-phase gas/liquid mixture, as shown 

in Fig. 2.1, considered as a realisation of a non-stationary random 

process. The phase at point r is defined by the two binary variables 

o (r,t) and on(r,t) as follows: 
g - X, -

Thus, o2 (f,t) 

State r in gas 
Variable at time 

0 (r,t) 1 
g -

o2 C!,t) 0 

= 1 - o (r, t) • 
g -

f in liquid 
t at time t 

0 

1 

The voidage a(f,t) is defined as the ensemble average og(r,t). 

If the flow of Fig. 2.1 is a realisation of a stationary random 

process, 
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dA z 

<I> 

H 

A 

<'\ = l; 0 = 0 
g 

�~� J �~� 
dQ, 

P2 , e 2 , h -----'!~ ,~ 
V 

0 = l; oQ, = o, 
g 

Pg, e g' E 
~g 

(J •• 
JJ 

(J •• 
1.1. 

i 

Fig. 2.1 Instantaneous local two-phase flow parameters 



8 (r,t) 
g - = 

If the stationary process is ergodic, 

= [8 (r,t)] 
g -

= time average of 8 (r,t) 
g -

i.e. the fraction of time that f is in the gas phase. 

At a point in the gas (liquid) phase, the state is defined by the 

specific internal energy eg(e2), density pg(p2), velocity vector 

V (Vn), stress tensor L (Ln) with components (cr) .. ((on) .. ) and heat -g -x, :::g ::;x, g 1) x, 1) 

flux vector p. 

It is assumed that no sources or sinks for mass, momentum, or 

energy, exist, and the only body force for unit mass Fis due to 

gravity, and is defined in terms of the gravitational potential n via 

= 

The conservation equations may be written in integral form for an 

arbitrary finite volume V, with surfaces, and outward unit normal 

vector n (component n.). In the following it is assumed that the terms 
- 1 

representing the surface tension contributions to the momentum and 

energy equations can be neglected. 

Conservation of mass: 

= 0 

Conservation of momentum: 

n. ds 
1 

t-1 (8 p (V ) . + 8nPn (Vn).) dV +J (8gpg + 8npn) ~n dV 
ot V g g g 1 x, x, x, 1 V x, x, oXi 

0 

(2.1) 

(2.2) 
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Conservation of energy: 

:tJv {ogpg(eg + vg2 /2 + Q) + o2p2 (e2 + v 22 ;2 + Q)} dv 

+ ls {ogpg(Vg)j (eg + Vg 2 /2 + Q) + o2p2 (v2)j (eg + Vg 2 /2 + ~)} nj ds 

+ f.s (og (Vg)i (og)ij + o2 (V 2)i (o2)ij) nj ds 

+ f. [og (~g)j + o2(~2)i] nj ds 

= 0 (2.3) 

These equations may be modified to incorporate the specific 

enthalpy h = e + P/p and the stress tensor decomposition o .. =Po .. + 
l.] l.] 

, .. where, .. are the deviatoric (shear stress) components. The 
l.J l.J 

surface integrals become volume integrals using 

= 
r ax .. 

j \J �~� dV. 
V ax. 

J 

On taking the ensemble averages, and using the fact that the 

volume vis arbitrary, the ensemble averaged point conservation 

equations of two-phase flow are obtained: 

Mass: 

~t (a p + (1-a) Pi> + _a_ (a p (V ) . + (1-a) Pi cv2).) = O. 
a g ax. g g J J 

J 

Momentum: 

a --- --- an (a p (V). + (1-a) p 0 (V 0 ) .) + (a Pg + (1-a) P0 ) 
at g g]. N N]. N axi 

+ _a_ (a p + (1-a) P O ) + _a_ (a (T) .. + (1-a) (~) .. ) 
ax, g N ax , g J.] l.] 

l. J 

+-a- (a p (V ).(V). + (1-a) Pi (V2)i(Vi)J.) ax. g g l. g J 
J 

= o. 

(2.4) 

(2.5) 
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Energy: 

d - -
- - (a p + (1-a) p) at g i 

+~fop (V). (h + V 2 /2 + n) + (1-a) p 0 (V 0 )J. (h 0 + Vg 2 /2 + Q) } 
oXj g g] g g N N N 

d 
+ -" - fo (V ) . (T ) , . + (1-a) (VO) . (T n) . • } 

oX. g 1 g 1] N 1 N 1] 
J 

+ _a_ {a ($). + (1-a) <<Pn>J. } 
dX, g] N 

J 

= 0. (2.6) 

On writing each variable X as X + X', the set of conservation 

equations give rise to a large number of double, triple, and quadruple 

correlations, most of which must be neglected. Those which must be 

retained correspond, in stationary random flows, to the time averaged 

double correlations representing significant turbulent shear stresses 

and heat fluxes, i.e. 

p 

and p 

(V) ' . (V) ' . 
1 J 

(V) ' . h' 
1 

the above being defined for both phases. 

= 

(-r)* .. 
1] 

* ( <P) • 
1 

For the parallel channel flow of Fig. 2.1, x3 is identified with 

the axial co-ordinate z. The outward unit normal at the fixed channel 

boundary is n and -w 

<P • (n ) . 
J w J 

= 

= 

'[ 
w 

= 

wall shear stress 

wall heat flux. 
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Cross-section averaged conservation equations may now be derived 

from the above point conservation equations, using the definition 

< X > = i /x dA 
A 

The averaged equations given below assume further that T and 
zz 

T * are negligible, and axial heat flow ~a (~ + �~� *) is negligible 
zz z z z 

compared with transverse heat flow and axial heat transport. The 

equations use the notation u as being equivalent to and instead of the 

more cumbersome V. The bar implying ensemble averaged quantities is 
z 

omitted for simplicity. The cross-section averaged conservation 

equations are: 

Mass: 

a a 
< p > + - { < p au > + < Pn (1-a) Un>} 

at az g g N N 
= 0 (2.7) 

Momentum: 

a a 
at { < a pg ug > + < pJI, (1-a) uJI, >} + g cos 8 < p > + az < P > 

+ �~� { < p a u 2 > + < p (1-a) u 2 > } + .! /T dJ/, 
az g g JI, JI, A w 

= 0. 

(2.8) 

Energy: 

!_ { < a pg (h + u 2 /2) > + < p (1-a} (h + u 2 /2} + < p Q > - < P >} 
at g g JI, JI, JI, 

+ !_ { < a p u (h + u 2 /2 + Q)> + < (1-a} Pn Un (hJI, + UJl, 2 + Q} >} 
az g g g g N N 

= o. (2. 9} 

In the above, < p > = < a pg + (1-a} PJI, > , 

< p > = < a pg + (1-a} p 9, > 

and Q = g H. 
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The term ½!Tw dt of equation (2.8) represents the frictional 

pressure gradient: If. It is often expressed in terms of a 

friction factor f, as with single phase flow, 

dP I 
dz f = 4f 1 o 2 P u2 , (2.10) 

or in terms of a 'two-phase multiplier' ~2 which is a factor by which 
LO 

a calculation of: If made by assuming the flow to be all liquid 

should be multiplied: 

~2 
LO = dP I dP 

dzf 1 dzlf • 
LO 

As with single phase flows, pressure losses due to local 

components such as bends, change in area, orifices etc., can be 

defined in terms of a loss coefficient K 

!).p = 

The two-phase multiplier concept is also often used: 

!).p = ~:W !).pLO • 

(2.11) 

(2.12) 

(2.13) 

The appropriate definition of p and u in equations (2.10) and 

(2.12) are discussed in chapters 3 and 4. In this work, loss 

coefficients are defined in terms of values of p and u upstream of the 

local component. 

For later use, it is convenient to define, for channel flow, a 

number of additional combinations of local variables: 

jg = Cl. u g; jt = (1-a.) tit 

j = jg + j R, - mixture velocity 

V = u - j - drift velocities. 
g, R, g, R, 

Useful combinations of cross-section average variables are 

Gas mass flux G = < a. p u > ; g g g 

14 



Liquid mass flux G1 

Total mass flux G 

Quality x 

= 

= 

= 

< (1-a) pt u1 > ; 

Gg + Gt 

G /G g 

Superficial gas,liquid,and mixture velocities 

< j >, < j >, < j >; 
g t 

Gas volume flow ratio 

s 

Homogeneous density 

= 

= 

< . >/< J' > Jg and 

These cross-sectional averaged variables are those which can be 

most readily obtained through the use of simple monitoring equipment 

on two-phase flow systems. 

Chapter 2 references 

2.1 M. Ishii, 'Thermo-fluid dynamic theory of two-phase flow', 

Eyrolles (1975). 

2.2 J.M. Delhaye, 'Equations fondamentales des ecoulements 

diphasiques', parts 1 and 2, CEA-R-3429 (1968). 
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CHAPTER 3 

TWO-PHASE FLOW STRUCTURE 

3.1 Some Considerations on Turbulence in Two-Phase Flows 

* In chapter 2, it was seen that the turbulent stress tensor T 
ij 

for two-phase flows is given by 

* T ij = (3 .1) 

For developed axisymetric flows of constant physical properties 

in circular pipes (r,0,z geometry), the important consequences of 

* turbulence result from the T component of the turbulent shear r,z 

stress tensor: 

* T r,z = (3. 2) 

In most cases of practical interest, two-phase flows may be 

regarded as simply connected regions of one phase (bubble, droplet) 

embedded in multiply connected regions of the other phase. For 

simplicity these will be defined as 'discontinuous phases' and 

'continuous phases' respectively. Some flows (bubble, slug, froth, 

dry-wall-droplet) have the one phase continuous throughout the flow 

section. These will be referred to as 'continuous flows'. In others, 

such as annular flow, the phase comprising the continuous phase is 

different in different regions of the flow cross-section. Such flows 

will be referred to as 'separated flows'. 

If equation 3.2 is to provide a basis for describing different 

flow structures in differing flow regimes, it must be able to be 

developed in different directions. In order to allow this, it is 

assumed that two-phase flows can be divided into macroscopic spacial 

regions in which turbulence is restricted to one phase only. 

On the basis of this assumption, turbulent regions in two-phase 

16 



flow can be regarded as 'gas-phase turbulent', for which equation 3.2 

reduces to 

* • r,z = a p (V } ' (V } 1 , 
g g r g z 

or 'liquid-phase turbulent', in which case equation 3.2 becomes 

* • r,z = 

(3.3) 

(3 .4) 

In order to comply with the assumption described above, 

contributions to the Reynolds stress from discontinuous elements of a 

two-phase system, that is, bubbles in bubble flow or droplets in drop­

let flow, are neglected. 

With these assumptions, the applicability of equations (3.3) and 

(3.4) leads to a classification scheme as follows: 

Flow type Reynolds stresses Conventional regime examples 

Separated 3.3 near wall, 3.4 in core Inverse annular 

3.4 near wall, 3.3 in core Annular 

Continuous 3.3 throughout Droplet 

3.4 throughout Bubble 

3.2 Application of Classical Turbulence Techniques: 
Two-Phase Void Profile Equations 

In the classical treatment of the single phase version of 

equation (3.2), i.e. 

* • r,z = p V' V' r z 

assumptions are made which convert that equation to 

* u 
du 

Ky - , dy 

(3. 5) 

(3 .6) 

where K is the von Karman coefficient [3.1]. Integration of equation 

(3.6) results in the well-known logarithmic velocity defect equation. 

17 



The same classical assumptions applied to equations (3.3) and 

(3.4) result in 

* u Q, = h /p 
w Q, 

(liquid-phase turbulent regions) 

and 

* u 
g = h /p w g 

(gas-phase turbulent regions)t. 

= (1-a)½ (3. 7) 

= a 
½ d]' 

Kg y dy (3. 8) 

For integration, equations (3.7) and (3.8) require some statement 

on the radial dependence of voidage. Noting that relationships 

and 

dj n 
- a: (1-a) 
da 

d; n -=-=-- a: a 
da 

(liquid phase turbulent regions) 

(gas phase turbulent regions) 

lead to simple integrations of equations (3.7) and (3.8), available 

data on phase and velocity profiles were examined in order to assess 

the validity of the above relations. These data indicate that the 

linear forms 

a= at j + bt 

= a j + b g g 

(liquid phase turbulent regions) 

(gas phase turbulent regions), 

with a, b being flow dependent but independent of y, describe 

(3. 9) 

(3 .10) 

* available data. Typical examples are shown in figures 3.1 and 3.2. 

Although apparently significant in the present treatment, the 

coefficients a, b do not appear in expressions derived later for 

quantities such as wall shear stress, average void fraction, etc. This 

is because, as will be demonstrated in section 3.4, the mean void 

t Detailed development of equations (3.7) and (3.8) in terms of 

mixing length concepts is given in appendix Al. 

* The mixture velocity profile was not available for the data of fig. 

3.1. The linear trend in fig. 3.1 suggests a similar linear a:j trend. 
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profile has only a second order influence on the mean velocity profile. 

For this reason, the actual assumptions introduced to render equations 

(3.7) and (3.8) integrable - in this case equations (3.9) and (3.10) -

can be regarded as not critical in the evaluation of those two-phase 

flow quantities dependent on the mean velocity profile and this 

includes most quantities of interest. For the same reason, evaluation 

of the coefficients a, b has not been pursued in this work. 

It is noted that a simpler version of equation (3.9), one of 

simple proportionality (i.e. bi= 0), has proved useful in the drift­

flux formulation of mean void fraction [3.4]. 

and 

From equations (3.7 - 3.10), 

(1-a.) 3/2 = (1-a. )3/2 _ 
0 

(liquid phase turbulent regions) 

3/2 a. = 
3/2 

a. + 
0 

3a u 
g g 

2 K 
g 

* 

(gas phase turbulent regions). 

(3.11) 

(3.12) 

These 'void defect equations', named so in analogy with the 

velocity defect equation of single phase flow, are compared with 

typical data in figures (3.3) and (3.4). The corresponding void­

velocity relations for these data have already been shown in figures 

( 3 • 1) and ( 3 • 2) • 

It is seen that equations (3.11) and (3.12) are consistent with 

the data of figures (3.3) and (3.4). Further comparisons of the void 

defect equations are contained in appendix Al, where it is also 

demonstrated that the equations are more compatible with data than are 

the forms a./a. = 1 - (r/R)n and a./a. = (y/R)n, often proposed in the 
C C 

literature. 
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3.3 The Film Region of Annular Flow and a Point of 
Inflection Criterion 

3.3.1 Film thickness definition 

Although annular flow film thickness is often regarded as an 

important parameter [3.51, the actual thickness is not easy to deter­

mine experimentally. Wave contributions to the film; droplets in 

the core; and bubbles in the film give rise to an indistinct trans­

ition between the film and core regions. Electrically determined 

film thicknesses neglect film bubbles or include contributions from 

outer frothy regions which might more appropriately be considered as 

part of the core region. 

As outlined in section 3.1, annular flow is considered here in 

terms of a liquid-phase turbulent film and a gas-phase turbulent core. 

Within this concept, void profile data, which cannot lead to meaning­

ful film thickness data through qualitative examination [3.41, can be 

quantitatively examined in terms of equations (3.11) and (3.12) to 

produce simple interpretation of the data. The interpretation is 

based on the film (core) void profile being compatible with equation 

(3.11) (equation 3.12), and the interface is given by the intercept 

of the two equations. 

3.3.2 A point of inflection criterion 

Interpretation of annular flow void profiles as described above 

can be supplemented by an inflection point criterion. This criterion 

arises from equations (3.11) and (3.12) which contain inflection 

points at 

= 
-1/3 

e y. , 

where y. represents an extreme position on the curves defined by 

Cl (y. ) 

Cl (y.) 

= 

= 

1 

0 

(liquid phase turbulent) 

(gas phase turbulent) 

(3.13) 
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The inflection point will occur outside the physically meaningful 

0 <a< 1 range for the core region of an annular (or inverse annular) 

flow, but will occur in the range O <a< 1 for the turbulent region 

near the wall. Moreover, the inflection point in the equation may 

occur in the meaningful range y, f < R. Equations (3.9) or (3.10) 
in 

imply a corresponding velocity profile inflection. Velocity profiles 

containing inflections are unstable [3.7). The inflection point 

position given by equation (3.13) may therefore be significant. 

Annular flow void profile data [3.4, 3.8-3.12) indicate that the 

film boundary given by the intercept of equations (3.11) and (3.12) 

generally coincide with y, f obtained from equation (3.13). An 
in 

example is given in fig. 3.5. 

Defining yf as the film boundary position given by the intersect 

of equations (3.11) and (3.12), it is suggested that: 

(1) yinf >Risa prerequisite for stable bubble or droplet flow; 

(2) yinf = yf defines a stable annular flow in which there is a 

balance between droplet entrainment and deposition; 

(3) yinf < yf implies an annular flow with a film that is larger 

than that required for developed conditions. The flow is 

unstable,with pressure fluctuationsand slugging being associated 

with the instability. The inflection point suggests an 

* 
inflection in the profile of some waves. Waves with such an 

inflection (the roll waves of [3.5)) are the source of entrained 

droplets, and the entraining process continues until waves have 

no inflection points (i.e. are ripple waves) and Yinf = yf; 

* This follows since, with negligible bubbles or droplets, void 

profiles are equivalent to film thickness probability 

distributions. such distributions, e.g. [3.8-3.12) have been 

interpreted here as void profiles. 
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and 

(4) Yinf > Yf implies an annular flow with film that is thinner than 

that required for developed conditions. In this case, excess 

deposition occurs until the film is such th t a y. f "'y • in f 
3.4 The Velocity Defect Equation 

From equations (3.9-3.12), the void and velocity profiles of two­

phase flow depend on the coefficients a, b introduced to render 

equations (3.7) and (3.8) integrable. It is shown here that a, b 

only have a second order influence in the velocity profile. 

Consider the void defect equation for liquid-turbulent conditions, 

equation (3.11). Linearising (1-a.)312 about a suitable mean voidage, 

a. : 
m 

(1-a.)3/2 = )3/2 (1-a. (1 
m 

(1-a. )3/2 
m 

and substituting equation (3.9) produces 

j = 

a.-a. 3/2 m - --) 
1-a. 

m 

3 
2 (a.-a. ).(1-a. ) m .. m 

Similar treatment for gas-phase turbulence produces 

j = 

1/2 
I 

(3.14) 

(3.15) 

Annular flow velocity profile data in which data covers both the 

film and core regions [3.4] indicate that there is no change in 

velocity profile across the film/core interface. Indirect evidence 

for the above comes from the annular flow average voidage analyses 

given in section 5.3, where data support the supposition that the core 

region velocity profile also applies to the film region. As a result, 

equations (3.14) and (3.15) can be replaced by a single equation which 
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covers both separated (i.e. annular) and distributed (bubble, etc.) 

flow patterns: 

* 
j + j_ tn ..L 

0 K y 
0 

j = (3.16) 

where/ =~i:w/p , with p being a suitably chosen mean density. 

Equation (3.16) is of the same form as the well-known velocity 

defect equation of single phase flow. A typical velocity profile is 

compared with equation (3.16) in figure 3.6. The void defect equation 

and the void-velocity relation for these data have been shown in figs. 

3.2 and 3.4. 

3.5 Non-dimensional Velocity Profile 

Two-phase flows are modelled here by a near-wall (y < o) viscous­

dominated region together with a turbulent core (y > o), where o 

defines the boundary between the viscous sublayer and turbulent core. 

As with classical single phase turbulence theory, equations 

applicable to the sublayer are used to obtain boundary conditions for 

the velocity defect equation, equation (3.16), at y = o. 

For this purpose, equation (3.16) is re-expressed as: 

* 
j = · + j_ tn y 

JO K 0 (3.17) 

* where j = li:w/p 0 • 

In the more general case where the shear velocity is expressed in 

terms of a suitably chosen characteristic density p instead of p0, p 

may be chosen to ensure that the von Karman parameter K takes its 

single phase value. However, the specific choice p = p0 in equation 

(3.17) may require values of K for some flow regimes which differ from 

the single phase value. It is here supposed that K as defined by 

equation (3.17), remains constant for a given flow regime. 

The form of boundary conditions for equation (3.17) for different 
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types of two-phase flow are obtained from adaptations of the 

classical turbulence theory boundary equations for the single phase 

flow velocity defect equation. The two-phase boundary conditions are 

described below. 

3.5.1 Smooth tube flows 

As with single phase flow, the sublayer stress for smooth tube 

flows is primarily due to viscous forces, and the sublayer velocity 

profile is obtained by considering the relationship between shear and 

velocity gradient._ The two-phase viscosity is a function of both 

flow structure and of void fraction, and hence of position. The 

analysis is simplified by supposing that the sublayer can be modelled 

by two regions: an inner wall region of constant viscosity µw for 

which 

• • w 

and an outer region of constant viscosity µ0, for which 

• • w = 

If the extent of the inner-sublayer region is defined by y, , 
1S 

these two equations can be re-arranged to yield the sublayer velocity 

profile 

.+ 
J * j/j 

yhwpo 
= I Y < y, I is 
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(3 .18) 

= 

y. < y < 0 
1S 

Adapting single phase concepts, it is assumed that the intercept 

between the sublayer and turbulent core velocity profiles is deter­

mined by an equation of the form 
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= 
h /p 

w s 

where Ps is a characteristic sublayer density, suitable choice of 

which will ensure that c1 has the same value as in single phase 

theory, i.e. 11.8. Re-expressing in terms of p0 to suit the 

objectives of matching sublayer and turbulent core velocity profiles, 

the boundary condition can be expressed as 

= = (3.19) 

where c2 may differ from the single phase value but is assumed to be 

constant for a given flow regime. 

From equations (3.17), (3.18) and (3.19), the two-phase turbulent 

core velocity profile for smooth tube flows is of the form 

.+ 
J 

= 

j / hw/po 

3.5.2 Rough tube flows 

(3.20) 

Adopting single phase theory, we assume that if wall roughness 

elements are of sufficient magnitude for shear to depend on the rough­

ness and not on the fluid viscosity, then the velocity at the 

characteristic roughness height£ is given by 

= 

where c3 is a constant, at least for a given flow regime, and Ps is a 

characteristic sublayer density. For£ as the 'equivalent sand rough­

ness height', suitable choice of ps will ensure that c3 has the same 

value as in single phase theory, 8.6. Re-expressing the above in 



terms of p 0 to suit the objective of matching sublayer and turbulent 

core velocity profiles, the boundary condition can be expressed as 

j (y=£) 

fTW/pO 
= (3.21) 

where c4 may differ from the single phase value but is assumed to be 

constant for a given flow regime. 

From equations (3.17) and (3.21), the two-phase turbulent core 

velocity profile for rough tube flow of roughness height£ is of the 

form 

j = C4 + _! £n y_ 
K £ 

(3.22) 

3.6 Some Special Cases 

As well as the unknown parameters c2, c4 and K (assumed constant 

for a given flow regime), equations (3.20) and (3.25) contain other 

parameters, such as µ0 and p0, for which equations must be given. 

In this section, some special cases are considered. These cases 

do not exhaust all possible options, but have been found, in the 

present work, to cover most two-phase flows of interest to reactor 

engineering. 

3.6.1 Smooth tube flows which may be characterised 
by a single sublayer viscosity 

The form of equation (3.20) is such that strongly varying sublayer 

viscosities in smooth tube two-phase flows may be approximated by two­

viscosity sublayers. Data analysis has indicated that two-region 

sublayers are not necessary to describe non-annular flows and annular 

flow with film thickness larger than the sublayer region: such flow 

may be characterised by a single sublayer viscosity µ0• Under these 

conditions, equation (3.20) becomes 
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.+ 
J = (3.23) 

Various options for µ0 have been found necessary in the present work 

in order to allow for different sublayer structures: 

(a) Bubbly sublayer in which surface movement does not occur: 

= µi (1 + 2.5(3) (3.24) 

This form is based on Einstein's viscosity expression for solid 

spheres [3.13]. The local voidage at position o is unknown and is 

assumed to be the same as the overall volume flow fraction, (3. 

Although the assumptions behind Einstein's theory are such that it 

should not apply above about 5% local voidage, direct measurements of 

bubbly viscosity [3.14] have shown Einstein's equation to be applicable 

up to 25% voidage. The present work has shown equation (3.24) is 

valid for the present application of classical turbulence theory up to 

very high voidages. This appears to be due to an over-estimate of the 

viscous sublayer void fraction, taken as S, being compensated for by 

the coefficient 2.5, which data suggest is too low at high void 

fractions. 

The treatment of bubbles as solid spheres is valid for some two­

phase bubbly flows because impurities in systems with polar molecules 

migrate to bubble surfaces and inhibit surface movement. 

(b) Bubbly sublayer in which surface movement may occur: 

= 
2.5 µ + J!n -g 1v 

µ + µn g 1v 

S) (3.25) 

This equation is based on Taylor's [3.15] extension of Einstein's 

[3.13] theory of viscosity to systems where solid spheres are replaced 

by bubbles. Taylor's theory allows for viscous dissipation in the gas 

within bubbles caused by movement of the surface of spherical bubbles. 
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(c} Sublayer which varies between liquid and gas: 

= (3.26} 

This equation is proposed for annular flows with a wavy interface which 

extends to within the viscous sublayer region. It is based on the 

concept of a local viscosity at the outer edge of the sublayer inter­

mittently changing between µi and µg' with the intermittency fraction 

(i.e. local voidage} being assumed to bes. 

are 

(d} Dry wall sublayer 

= µ • 
g 

The densities assumed appropriate to the above sublayer models 

for the two-phase sublayers (cases a, b, c}, and 

= 

for the gas-only sublayer (cased}. 

3.6.2 Smooth tube flows with a strongly varying 
sublayer viscosity 

The single sublayer viscosities considered above are not suitable 

for the description of thin film annular flows in which the film is 

entirely within the viscous sublayer. Such flows have a sublayer 

viscosity varying between µi at the wall and µg at the outer region of 

the sublayer. 

In this work, the general two-viscosity sublayer model of section 

3.5.1 is used for the description of very thin film annular flows, 

with µi being used for the inner sublayer viscosity up to a distance 

S corresponding to the film thickness, and µg being used for the 

outer sublayer region. 

Adapting the results of section 3.5.1, the velocity profile for 

annular flows with film entirely within the sublayer is derived to be 
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.+ 
J = j 

./r /p 
w g 

= 

= 

= 

y < s , 

1 R-n c2) + .! R-n 
K K 

hp 
wg 

( .+ 
Y > Y J = C2). 

JJ c2 g 

(3. 27) 

It will be noted that, unlike the case for the single viscosity sub­

layer models of section 3.6.1, the core region velocity profiles of 

thin film annular flows vary with film thickness S. The film thick­

ness Smay be obtained from the liquid volume fraction 1-<a> c~ 4S/D). 

A method of calculating 1-<a> for annular flows is given in chapter 5. 

3.6.3 'Rough' wall flows where the roughness is due 
to attached wall bubbles 

Bubbles attached to walls due to heat transfer or flashing may 

act on the flow in a similar manner to wall roughness elements. The 

velocity profile equation for rough walls, equation (3.27), should 

apply if the roughness£ of equation (3.27) is replaced by the size of 

the largest attached wall bubbles. 

Adapting the attached wall bubble force balance analysis of 

Staub [3.16)*, the dominant forces acting on a bubble of diameter d 

* The approach of Staub appears invalid near the heat transfer crisis 

since heat transfer effects prevent bubbles growing to a size where 

shear forces remove them from the wall. Such bubbles are analysed 

in chapter 8 from a heat transfer viewpoint. 
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are the surface tension force F0 holding the bubble to the wall, 

and an opposing shear force F, tending to drag the bubble from the 

wall 

Other forces (for example, gravity) on attached wall bubbles can 

be neglected for flow conditions of interest in reactor engineering. 

Since wall bubbles will grow until the shear force is sufficient 

to overcome the surface tension force, the bubble breakaway diameter 

dd is then given when F, = F0 , i.e. when 

cr/T • 
w 

It is now assumed that the above equation is completed by a 

proportionality constant. Replacing E of equation (3.22) by dd, and 

rearranging leads to 
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j = C1t' + 
y T 

1 in ___.!!_ (3.28) 
K 0 

where ci.' incorporates the assumed proportionality constant of the 

above dd relation. 

As with the two-phase sublayer analysis of section 3.6.1, it is 

now assumed that, for the purposes of analysing surface-tension 

dependent velocity profiles in terms of equation 3.32, 

= 

3.7 Non dimensional Velocity Profile in Terms of 
Global Dimensionless Groups 

The velocity profile expressions of section 3.6 were presented in 

. .+ 
terms of local non-dimensional velocity J 

+ dimensionless wall distance Y = 

= 

or, 

-_-_=j=== as a function of 
hw/po 

in the case of flows with 



attached wall bubbles (section 3.6.3), y+ = y T /cr. In all cases the 
w 

core region velocity profile could be expressed in the form 
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.+ 
J = + a tn y + b. (3. 29) 

In the next chapter, the core region non-dimensional velocity 

profile is averaged over the flow section to yield expressions for 

friction factor 

f = 

in terms of Reynolds number Re= p0 D/µ0 or Weber number We= 

p0 < j > 2 D/cr. It. is therefore convenient to express the equations 

relating the local dimensionless parameters j+ and y+ in terms of the 

overall dimensionless groups f, Re and We through the transformations 

and 

or 

.+ 
J 

+ 
y 

+ 
y 

= j 

yhwpo 
= 

µo 

y TW 
= cr 

= j 
< j > 

x._ Re �~� = R 2 

y f = - We -R 2 

To this group a dimensionless film thickness 

+ s = = ~Re_[ 
R 2 12 

is added to facilitate the analysis for very thin film flows (section 

3.6.2). 

The special cases considered in section 3.6 are summarised in 

For Convenience, the subscript o is omitted in the notation table 3 .1. 

for the density and viscosity values at the edge of the turbulent core, 

i.e. p andµ are used instead of po and µo. 



Table 3.1 Dimensionless group definitions for various 

two-phase flows 

( .+ - j J2 
J - <j> lt' f = 

Sublayer type 

Viscosity dependent 
flows (a,b,c,d) 

Surface-tension 
dependent flows (e) 

Film thickness 
dependent flows (f) 

D(dP/dz)f 
, Re= 

2p<j>2 
pD<j> 

, We 
µ 

= p<j>2D 
CJ ) 

Core region velocity profile 

.+ a tn + + y Re �~� J = y + b, y =--R 2 

.+ a Jl.n 
+ + = X. We!_ 

J = y + b, y R 2 

.+ + + µ -1 

J = a tn [y (l+S (1 _ _JI)) ] t b, 
µJI, 

+ + y,S Re �~� y ,s = -
R 2 

Sublayer notation/ Density definition Viscosity definition 

type 

a. Rigid surface p = p JI. (1-S) + p 

bubbles 
g s µ = µ R, (1 + 2.5 S) 

b. Non-rigid surface p = p JI. (1-S) + pg s (1 + 
2.5 µg+µJI, 

µ = µJI, 
bubbles µg + µJI, 

c. Wavy gas/liquid p = p JI. (1-S) + p s µ = µJI, (1-S) + µ s 
interface 

g g 

d. Dry wall p = pg µ = µg 

e. Attached wall p = PJI. (1-S) + p s N.A. 

bubbles 
g 

f. Very thin film p = pg µ = µg 
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3.8 Data Analysis 

As indicated in section 3.6, the coefficients a,b in the two­

phase non-dimensional velocity profile 

.+ 
J = + a tn y + b (3.30) 

are expected to have different values for different flow regimes if 

dimensionless groups are as defined in table 3.1. Analysis of two-

* phase velocity profile data obtained from the literature and which 

also had corresponding shear stress data (in order to obtain valid j+ 

and y+ values) indicated that this was generally so, except for very 

thin film flows (type (f) in table 3.1); data could be grouped into 

'friction regimes', each of which could be characterised by (i) a 

sublayer type as described in table 3.1 and (ii) specific values of 

a, bin equation (3.30). Attempts to further interpret data pertain­

ing to very thin film flows were not pursued since flows of this type 

rarely occur in conditions relevant to reactor engineering. 

Examination of the various non-dimensional velocity profiles of 

the form of equation (3.30), as obtained from the grouping of data 

into different friction regimes, produced the unexpected result 

that, within data scatter, various empirical values of the coefficient 

'a' of equation (3.30) were found to be elements of a simple geometric 

progression with factor /2, and that, for each value of 'a', various 

values of 'b' were possible and these were found to be elements of 

simple arithmetic progressions with differences being proportional to 

the coefficient 'a'. 

* The velocity data were analysed subsequent to the analyses of 

wall shear stress data presented in the next chapter. Generalised 

equations presented here were inferred from the results of the 

wall shear data analysis. 
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Further examination showed that, within experimental data scatter, 

the various empirically obtained non-dimensional velocity profiles 

could mostly be generated from generalised equations: 

.+ 
J = r.:: m+5 + 

{v2) {log y - 0.60 m - 0.50 n - 0.10} {3.31) 

for Reynolds number dependent flows apart from very thin film flows 

{i.e. types a - d of table 3.1), and 

.+ 
J = r.:: m+5 + 

{v2) {log y - 0.45 m - 0.15 n + 1.91} , {3.32) 

for Weber number dependent flows {type e of table 3.1), using integer 

values of m and n. Exceptions to the above were rarely found, and 

most exceptions conformed to the general pattern if half-integer values 

were used form and/or n in equations {3.31) or {3.32). 

Some examples of non-dimensional velocity profile are shown in 

figs. 3.7 and 3.8. Figure 3.7 shows data for 3 friction regimes 

obtained as part of an experimental examination of hydrodynamics of 

argon-alcohol flows performed at CISE laboratories [3.17], and fig. 

3.8 data were obtained from [3.18, 3.19]. 

The argon-alcohol data are viscosity dependent, cover a gas 

density range 10 < p < 36 kg m-3, and were obtained with a 25 mm tube. 
g 

Fig.3.7a covers very high gas velocities {<j > > 15 m s-1 ); fig. 3.7b g 

is for conditions approximated by 6 <<jg> <15 m s-1 and 0.3 <<j 1> 

< 1 m s-1 ; and fig. 3.7c for <j 1> > 1 m s-1 and 6 <<jg>< 15 m s-1 • 

The dimensionless group definitions for figures 3.7a, 3.7b and 

3.7c are given by types d, c and b of table 3.1 respectively. The 

core region velocity profiles of figure 3.7 a-care special cases of 

equation {3.31) with {m,n) values respectively {0,0), {4,1) and {3,-1) 

respectively. The near wall region data of figure 3.7b is consistent 

· .+ + d b th d 1 d with the viscous sublayer equation J = y suppose Y e mo e, an 

fig. 3.7c has a 'buffer' region, also consistent with equation (3.31) 
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10 
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J •5·66 log y+ + S·66 

(Eq. 3.31 with m,n = 0,0) 

y+ 104 

(Eq. 3.31 with m,n = 4,1) 

y+ 

• / .. 
.At. 22·63log y+-43.9 

(Eq. 3.31 with 

/ m,n = 3,-11 

�~� -'\~+ + 
• • ......-. J =8·0log y -8·88 

�~� (Eq. 3.31 with m,n = 1,1) 

Fig. 3.7. Non-dimensional velocity profiles for argon-alcohol 
data of [3.17] 
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but with (m,n) = (1,1). 

Figure 3.8 shows some velocity profiles from [ 3.18, 3.19] for 

adiabatic steam-water upflow in a 17.1 mm tube at a density ratio 

Pi/pg = l3. The data are consistent with equation (3.32) with (m,n) = 
(2 ,-4) • 

40,-----------------

+ ,-, 30 

t• 11·31 (log y+ + 1. 61) 
(Eq. 3.32 with o 
m,n = 2,-4) 0 

Sublayer e, 
table 3.1 

20 .,_..,_..,_ ..... ....,_ ____ 4-_~_ ....... __, 

5 

Fig. 3.8 

10 50 
+ Y Wcf y -1r -2-

Adiabatic steam-water velocity profiles, 

Pi/pg = 13. Data from [3.18, 3.19]. 

The data of figs. (3.7) and (3.10) represent typical 

viscosity-dependent and surface tension-dependent flows and are 

presented here because they have associated pressure loss and average 

void profile data, thus enabling further consequences of the model 

presented here to be tested against these other data. This will be 

done in later chapters. 

Analyses of other typical viscosity-dependent and surface tension­

dependent velocity profiles can be found in appendices Al, A2, 

A6, AlO, A24. 

As stated, the form of non-dimensional velocity profile for film 

thickness dependent flows (type f of table 3.1) has not been satisfac­

torily resolved in this work. However, film thickness-dependent 

velocity profile data of [3.20] are consistent with the velocity 

defect equation, equation (3.16), supposed here to be applicable to 

these flows. 
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3.9 Friction Regime Classification Method 

The previous section indicates that a viscosity-dependent or 

surface tension-dependent velocity profile can be obtained from 

equation (3.31) or (3.32) if m and n are known for the particular 

regime and if the sublayer type as given in table (3.1) is known. 

For the remainder of this work, a notation of the form (z,m,n), 

in which z is alphabetic and m and n are integers, will respectively 

indicate the appropriate sublayer type of table 3.1 and relevant m 

and n values of equation (3.31) or (3.32). The triad (z,m,n) thus 

specifies a friction regime. 

The triad is not sufficient to specify a flow completely. It 

will be seen in chapter 5, for example, that the triad is necessary 

but not sufficient to calculate average void fractions. 

In terms of this classification, the data of figures 3.7a,b,c and 

3.8 are respectively denoted by (d,O,O), (c,4,1), (b,3,-1) and 

(e, 2 ,-4). 

3.10 Re-expression in Terms of Generalised Dimensionless Groups 

The coefficients 0.60, 0.50, 0.45 and 0.15 in equations (3.31) 

and (3.32): 

and 

.+ 
J 

.+ 
J 

= fi m+S {log y+ - 0.60 m - 0.50 n + 1.0} (3. 31) 

= f2 m+S {log y+ - 0.45 m - 0.15 n + 1.91} (3.32) 

are sufficiently close to log(/i)~,log /io, log(i2)3 and log Ii for 

differences to be insignificant. The equations can thus be re-

expressed as 

j = 

{pv'2 -Sm ) 

�~� (,:w Ii -3m) (p Ii -Sm) 

(µ /ion) 
• 1.0 I 

(3.31a) 
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and 

j 12. 5 
2 y (T n_ -3m) 

l = log w 

�~� 
(CJ 12. n) 

+ 1.91 

12 p 2 (3. 32a) 

or 

! 
j 12. 5 

y h 'p I 
= log w 

(i; µ' + 1.0 I (3.33) 

p 

and 

2 y T I 

j = 12. 5 log w 
1.91 + (3.34) 

�~� 
CJ I 

p 

Thus, equations (3. 31) and (3.32), which are generalised equations 

relating specific j+ and 
+ 

y parameters 

.+ 
j//i7p _j_ �~� J = = w <j> 

and + yhp/µ y_ Re �~� y = = w R 2 

or + 2y T /CJ y_ We f 
y = = w R 2 

p<j> 
2T p<j>2D D f w and We = where Re = = µ I p<j>2 CJ 

have been converted to specific equations (equations (3.33) and (3.34)) 

1 · 1· d .+' d +' d' · 1 re ating genera ise J an y imension ess groups 

and 

or 

.+' 
J 

y 
+' 

+ y 

= 

= 

= 

j/-h '/p' 
w 

yh Ip I/µ I 
w 

2y T 1 /0 
w 

= 

= 

= 

_j_ 
<j> 

f' y_ We' 
R 2 
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where Re' = 
p'<j>D 

µ' f' = 
2T 1 

w 
p'<j>2 

The generalised parameters p', 

•w' µ and cr by 

T ' w ' 

and 

p' 

T ' 
w 

µ' 

(1 ' 

= 

= 

= 

r.:: -Sm p t'2 

r- -3m 
T t';,: 

µnon 

and We 2 = p'<j>D 
(1' 

µ' and cr' are related top, 

This presentation of the equations appears significant because 

the apparently arbitrary coefficients of equations (3.31) and 

(3.32) are shown to be simply related; 

equation (3.33) is of the form of the core region component of 

the universal velocity profile; and 

the factor n. differs by only 1% from the factor e113 which 

appeared in the point of inflection criterion ( section 3. 3) 

resulting from turbulent velocity profile stability considera­

tions. It is thus plausible that this factor may appear in 

generalised velocity profile expressions. 

Although the formulation in terms of equations (3.33) and (3.34) 

appears possibly significant, this significance (if any) has not been 

discovered in the course of the present work. 

43 



Chapter 3 References 

3.1 H. Schlichting, 'Boundary layer theory', McGraw-Hill, 6th Edn., 

Chapter XIX. 

3.2 D. Malnes, 'Slip ratios and friction factors in the bubble flow 

regime in vertical tubes', KR-110 (1966). 

3.3 N. Adorni et al., 'Large scale experiments on heat transfer and 

hydraulics with steam-water mixtures: Phase and velocity 

distribution measurements in a round vertical tube', CISE­

R-91 (1964). 

3.4 N. Zuber et al., 'Steady state and transient void fraction in 

two-phase flow systems', GEAP-5416 (1967). 

3.5 G.F. Hewitt and N.S. Hall-Taylor, 'Annular two-phase flow', 

Pergamon (1970). 

3.6 P. Alia et al., 'Phase and velocity distribution in two-phase 

adiabatic annular dispersed flow', CISE-R-109 (1966). 

3.7 H. Schlichting, Ibid, p.445. 

44 

3.8 D. Webb, 'Studies of the characteristics of downward annular two-

phase flow', AERE-R 6426 pt.5 (1970). 

3.9 J. WUrtz, 'An experimental and theoretical investigation of 

annular steam-water flow in tubes and annuli at 30-90 bar', 

RISO-372 (1978). 

3.10 P.L. Kirillov et al., 'Measurement of some characteristics of 

steam-water flow in round tubes at a pressure of 68.6 bar', 

FEI-421 (1973). 

3.11 o. Butterworth, 'Air-water, annular flow in a horizontal tube', 

AERE-R-6687 (1971). 

3.12 G. Valleggi and s. zanelli, 'On the characteristics of wavy 

liquid film flowing downwards on a vertical wall', 

University of Pisa report R74-0l (1974). 



3.13 A. Einstein, 'A new determination of molecular dimensions', 

Ann. Phys. 19, 289 (1906). 

3.14 J. Huige and M. Ohki, 'The relationship between the apparent 

coefficient of viscosity and the void fraction in two-phase 

flow of mixtures of gas and liquid', Trans. Jap. Soc. Mech. 

Engng. 37, 97 (1971). 

3.15 G.I. Taylor, 'The viscosity of a fluid containing small drops 

of another fluid', Proc. Roy. Soc. (London) 138, 41 (1932). 

3.16 F.W. Staub, 'The void fraction in subcooled boiling -

Prediction of the initial point of net vapor generation', 

Journal of Heat Transfer, 10, 951 (1967). 

3.17 P. Alia et al., CISE reports R82, R93, R109. 

3.18 P.L. Kirillov et al., 'Calculating the hydraulic losses in an 

adiabatic high pressure steam-water flow', Thl. Engng. 24, 

10, 41 (1977). 

3.19 V.I. Subbotin et al., 'Measurement of some characteristics of a 

steam-water flow in a round tube at pressures of 70 and 

100 atrn', ASME paper WA-75/HT 21 (1975). 

3.20 L.I. Gill et al., 'Sampling probe studies of the gas core in 

annular two-phase flow: 11 Studies of the effect of phase 

flowrates on phase and velocity distribution', AERE-R-3955 

(1963). 

45 



CHAPTER 4 

FRICTION FACTOR EXPRESSIONS FOR TWO-PHASE FLOW 

4.1 Duct Flow Losses 

Round tube friction factor equations are obtained by integrating 

turbulent core non-dimensional velocity profile equations over the 

total flow area. As with single phase flow, the two-phase flow 

results so obtained are assumed to extend to non-circular geometries 

if the diameter term in dimensionless groups is replaced by the 

equivalent hydraulic diameter (4 x flow area/sheared perimeter). 

The results of this procedure are summarised in table 4.1. The 

three equations in this table are integrations of velocity profiles 

given by equations (3.31), (3.32) and (3.28). Equation (4.3) is given 

only in general form because, as stated in chapter 3, a full analysis 

of flows dependent on film thickness, which would have resulted in 

the empirical determination of unknown coefficients in equation (4.3), 

was not achieved in this work. 

Table 4.1 Wall Shear Stresses for a Given Friction Regime (z,m,n) 

(Dimensionless groups are defined in section 3.7) 

Sublayer type Friction factor relation Equa­
tion 

Viscosity dependent_!_= .0m+4 {log Relf - 0.60m - a.son - 0.10} 4.1 
flows (a,b,c,d) If 

Surface tension 1 -= 
dependent flows (e) If 

12m+4 {log Wef - 0.45m - 0.15n + 0.96} 4.2 

Film thickness 1 
dependent flows (f) - = 

If 

1 1 S 11g 
a - b log (-- + - - ( 1 - -) ) 

Relf c.0 D 11 Q, 

4.3 
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4.2 Re-expression in Terms of Generalised Dimensionless Groups 

Equations (4.1) and (4.2) are generalised equations relating 

specific dimensionless groups. Through the same transformation 

procedure described in section 3.10, these general equations may be 

transformed into specific equations relating the generalised Reynolds 

number Re' or Weber number We' described in section 3.10. The results 

are summarised in table 4.2. The same results are obtained by 

integrating the dimensionless velocity profile equations, equations 

(3.33) and. (3.34),over the flow cross-section of a round tube. It is 

noted that equation (4.4) is of single phase flow form. 

Table 4.2 Wall Shear Stresses for a Given Friction Regime (z,m,n) 

(Dimensionless groups are defined in section 3.10) 

Sublayer type Friction factor relation Equation 

Viscosity dependent 4.4 
1 if-" - 0.4 flows (a,b,c,d) -- = 4 log Re' 
If' 

Surface tension 4.5 
1 

dependent flows (e) --= 4 (log We'f' + 0.96) 
If' 

f' = 2mf, Re' = 12. -Sm /io" -n Re, We' = 12. - (Sm+n)We 4.6 

I 

4.3 Obstruction Loss Coefficient 

As discussed, the single phase friction factor f = •w/½p v 2 : 

umb R = pvD/µ relation also applies to two-phase flows if Reynolds n er e 

the two-phase friction factor and Reynolds number are appropriately 
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defined. For wet wall flows, this involves defining P and v in terms of 

homogeneous values PH and <j>; 

of the sublayer (table 3.1). 

and definingµ according to the nature 

local losses (obstructions, contractions, It is assumed that, for 

1 coefficient K = ~P/½pv2 :Reynolds etc.), empirical single phase oss 



number relations similarly extend to the two-phase situation if 

physical properties in the two-phase loss coefficient and Reynolds 

number are defined according to sublayer structure as indicated in 

table 3 .1. 

The loss coefficient defined above may be referenced to either 

upstream or downstream conditions - whichever is used for a given 

single phase loss coefficient should also be used for the two-phase 

case. The coefficient does not incorporate the acceleration component 

of pressure changes with changes in flow area. 

4.4 Some Considerations on the Effects of Surface Roughness 

It is widely recognised that the effect of surface roughness is 

less for two-phase pressure losses than for single phase pressure 

losses. Shires [4.11 has proposed a flow structure 'relaxation' in 

which, for example, the roughness thickens the film of annular flow, 

resulting in lower wall velocity gradients and hence also lower shear 

than for no film alteration. 

The previous analysis for smooth tube shear, when considered in 

terms of possible extension to rough ducts, suggests some alternative 

mechanisms. These are described below. 

4.4.1 Film thickness-dependent flows 

Equation (4.3), which relates friction factor f, Reynolds number 

Re and film thickness sis of the same form as the single phase 

Colebrook equation relating friction factor f, Reynolds number Re and 

equivalent sand roughness e: 

1 

If 
= -0.4 - 4 log (-1 - + 0.214 E /D}, 

Relf 
(4.6} 

but in which the equivalent sand roughness is replaced by a length 

h f 'l th'ckness S Indeed, the analysis parameter proportional tote 1 m 1 • 

leading to equation (4.3} can be adapted to derive Colebrook's equation 
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(see appendix If this adaptation is further included in 

the original derivation of equation (4.3) to allow for surface rough-

A28). 

ness of height E, the new derivation leads to equation (4.3) in which 

the film thickness Sis, to a first approximation, replaced by 

Since, in most cases,µ/µ ·<<1 and E < s, g t 

s, 

so surface roughness effects can be generally be expected to be smaller 

in those annular two-phase flows where shear stress depends on film 

thickness. 

4.4.2 Surface tension-dependent flows 

As shown in section (3.6.3), surface tension-dependent hydro­

dynamics result from a model of flows with attached wall bubbles which 

act as effective duct wall roughness elements. Moreover, the bubbles 

have been considered to be sufficiently large for the hydrodynamics to 

be determined only by bubble size and not flow viscosity, i.e. the 

bubbles render the duct surface 'completely rough'. 

Under these circumstances, any natural roughness on the duct 

surface can be considered to be swamped by the bubble 'roughness'. It 

follows that the influence of any natural roughness will be smaller 

than would be the case for single phase flow. 

4.4.3 Viscosity-dependent flows 

Equation (4.4), which is of the form of the single phase smooth 

tube Nikuradse equation and which describes pressure losses for 

viscosity-dependent two-phase flows, was developed from an adaptation 

of classical single phase smooth tube turbulence theory. The 

Nikuradse equation of single phase flow is replaced by the semi­

empirically based Colebrook equation (equation (4.6)) for flows in 

ducts with •natural' roughness. By analogy, it appears plausible that 
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equation (4.4) should be replaced by a corresponding equation, of the 

form proposed by Colebrook for two-phase rough wall flows, i.e. by 

1 

If' 
= 3.48 - 4 log (2£/D + 9.35/(Re' If')). (4. 7) 

The regime-specifying integers m and n (section 3.9), as obtained 

from data analysis, have been observed in the present work to be 

generally non-negative. The generalised Reynolds number Re' (table 

4.2) will thus usually be considerably smaller than the specific 

�~� -Sm r::-::: -n Reynolds number Re since Re'= v~ vlO Re. In terms of equation 

(4.7),a smaller Re' will produce a smaller £/D effect than would be 

the case for the corresponding specific Re in Colebrook's equation. 

This reasoning suggests that surface roughness effects will be the 

same as in single phase flow for those viscosity-dependent flows with 

(m,n) = (0,0) (i.e. Re'= Re), but will be less for flow regimes for 

which (m,n) �~� (0,0). 

4.5 Data Analysis 

A considerable number of two-phase pressure drop data c-20,000) 

have been examined in terms of concepts presented in this chapter. 

Although this thesis is concerned primarily with high pressure steam­

water flows, data analysis was not confined to this system because of 

the general nature of the theory, which thus required data analyses 

from both one and two component systems and from a variety of 

geometries for its evaluation. Special attention was given to pressure 

drop data which contained associated data for other parameters 

(voidage, flow structure, heat transfer, etc.) since these data could 

be used to check the inter-relation between various parameters 

anticipated by the present theory. Pressure drop data of this type 

analysed include data from refs. [4.2 - 4.5]. 

Since most data are presented in a form requiring analysis to 

50 



extract friction factor data, an extensive data bank was constructed. 

The high pressure steam-water component of this, being particularly 

pertinent to this work, is discussed later in section 4.6.5. This 

was supplemented by analysis of data from a large number of sources 

(e.g. [4.3)) in which the raw data had already been reduced to, e.g. 

'two-phase multiplier' data. 

4.5.1 Compatibility of shear and velocity profile data 

Figure (4.1) shows various friction factor curves for argon­

alcohol viscosity-dependent upflow data [4.4). Each curve corresponds 

to a different friction regime. The friction regime map for the data 

of fig. 4.1 is shown in fig. 4.2. The map also shows the relevant 

triad (z,m,n) from which the friction factor curves are generated 

using equation (4.1) or (4.4) or (4.7). As discussed in chapter 3, 

the same triad specifies the corresponding velocity profiles. Velocity 

profile data obtained concurrently with the pressure gradient data of 

fig. 4.1 are consistent with these anticipated profiles. These data 

have been presented in fig. 3.7. 

Figure 4.3 shows typical surface-tension dependent friction factor 

data. The data correspond to the (e,2,-4) friction regime, and the 

friction factor curve is that obtained from equation (4.2) or (4.5) 

using this triad. Velocity profile data obtained simultaneously with 

the pressure gradient data are also consistent with this triad; these 

data have been presented in fig. 3.8. 

4.5.2 Film thickness dependent data 

As stated previously, two-phase flows with characteristics which 

depend on film thickness have not been extensively analysed in this 

work. As a result, the form of friction factor equation derived for 

these flows, equation 4.3, has not been fully tested. However, if 

flows with large film thicknesses are considered, the equation can be 
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seen to be consistent with at least some trends shown by data. For 

large thicknesses S, equation 4.3 can be rearranged to the form 

1//f = 2.28 + 4 log a' (D/S)b', 

where, from the derivation of equation 4.3, b' = 0.407/K, with K being 

the von Karman coefficient for the two-phase conditions. The 

relation between film thickness and 'interfacial roughness', which is 

often used in the analyses of annular flows (e.g. [4.6], section 

5.3.2), is based on the value of sand roughness£ required to give 

an equivalent shear using the single phase equation 

1//f = 2.28 + 4 log D/£ 
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It follows from a comparison of the above two equations that the 

relation between equivalent sand roughness and film thickness is of 

the form£ - (S)0.40?/K. 

Experimental K values for film thickness-dependent flows are not 

unique (fig. 5.10, [4.6]). Typical values (fig. 5.10, [4.6]) suggest 

a general approximation to the above relation as£ - s1 •3• Data 

presented in figs. 5.11 to 5.13, [4.6] and in [4.7], are broadly 

consistent with this theoretical expectation. 

4.5.3 The effect of surface roughness 

The analysis of section 4.4 suggests that surface roughness 

effects should be the same in two-phase viscosity-dependent flow as in 

single phase flow for the special case when the parameters (m,n) are 

(0,0) and should be smaller for other (m,n) values. For all m,n, the 

single phase curves should apply to the two-phase case when considered 

in terms of the generalised friction factor and Reynolds numbers of 

table 4.2. For (m,n) = (0,0), surface roughness effects should be the 

same as in single phase flow since in this case the generalised 

friction factor and Reynolds numbers are identical to the actual 

friction factor and Reynolds numbers. 

Figures (4.4) and (4.5} show rough tube (m,n) = (0,0) friction 

factor data for bubbly (figure 4.4} and dry-wall droplet flow (figure 

4.5). The respective friction regimes for these data are (a,0,0) and 

(d,0,0). Equivalent sand roughness values were obtained from single 

phase data presented in [4.5, 4.8]. The data are consistent with the 

analyses of section 4.4. 

Rough tube pressure loss data for bubbly sublayer annular flow 

with (z,m,n) = (b,1,0) and various surface roughnesses [4.9],values 

obtained from single phase tests, are shown in fig. 4.6 as friction 

factor f against Reynolds number Re and as generalised friction factor 
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f' against generalised Reynolds number Re', and as pressure gradients 

in fig. 4. 7. 

Because of the comparative independence on quality, each point on 

fig. 4.6 actually represents a cluster of points. As expected from 

section 4.4, the representation off' versus Re' is consistent with 

Colebrook's equation. It can be seen that the effect of roughness is 

less than would be the case for a non-generalised Reynolds number Re 

at the same flow conditions. 

The predicted (b,1,0) pressure gradients for the rough tubes 

compare favourably with measured values (fig. 4.7). Also shown in 

this figure are calculated single phase liquid gradients. The 

influence of roughness is more significant for single phase ccnditions, 

amounting to 100% in the roughest tube, but this reduces to only a 25% 

increase in the two-phase case. 

It can be seen from the above why surface roughness effects are 

often not detectable for two-phase flows with more moderate surface 
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roughnesses than those of [4.9]. 

4.5.4 Obstruction loss coefficients 

A large number of two-phase loss coefficient data covering 

orifices, spacers and other obstructions were analysed. These 

include data from [4.8-4.13], which consider obstruction types and 

flow conditions which are relevant to reactor engineering. The 

analysis indicates that, in a large fraction of cases, the expecta­

tions of section 4.5 are satisfied: empirical relations between 

single phase loss coefficients and Reynolds number extend to the two­

phase case provided physical properties in the dimensionless groups 

are correctly defined. 

The appropriate physical property definitions were found to 

depend on obstruction type and not on flow conditions. Definitions 

corresponding to sublayer 'c' (table 3.1), i.e. µ of Re is µt (1-S) + 

µ S, apply to local obstructions, suggesting a tendency of flows to g 

become separated at such obstructions. On the other hand, definitions 

corresponding to sublayer 'a', i.e.µ of Re is µt (1 + 2.5S), apply to 

distributed obstructions, implying a tendency for sublayers to become 

'churned' and bubbly for non-local obstructions. 

In figs. 4.8 and 4.9, data [4.8, 4.12] for local and distributed 

losses are compared with predictions based on the above. In order to 

conform to the presentation of the data of [4.8, 4.12], the comparison 

is made in terms of two-phase multiplier $~0 = 6PTP/6PW, where the W 

refers to liquid only with the mixture mass flux, against quality. 

The predicted curves are readily obtained from the predicted two­

phase loss coefficient-Reynolds number relation K.rP (ReTP) from the 

transformation 

$2 w 
KTP(ReTP(x)) 

KLO (Rew) 
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As stated, curves of KTP (ReTP) are assumed to coincide with 

those of KLO (ReLO). The single phase curves, as obtained empirically 

for the geometries of figs. 4.8 and 4.9, are presented in [4.8] and 

[4.12]. 

4.5.5 High pressure steam-water flows 

In view of the importance of high pressure steam-water flows to 
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reactor engineering, a comprehensive analysis of high pressure steam­

water pressure loss data, covering some 104 data points, was undertaken 

in an attempt to obtain equations which were sufficiently valid for 

engineering design purposes. 

Unfortunately, the analysis uncovered evidence of entrance effects 

being rather stronger in two-phase flows than in single phase flow, 

with the result that data from nominally identical test sections may be 

incompatible to a strong degree. 

Because of the large number of data from CISE laboratories [4.51, 

the equations given below are biased in favour of these data. An 

attempt was made by CISE researchers to minimise entrance effects and 

so the equation below can be considered as being reasonable for 

'developed' flows where repeatability of data can more reasonably be 

expected. Moreover, the CISE data were suitable for the present 

analysis since a wide range of flow conditions were covered in a 

systematic way and since other parameters (void fraction, heat transfer 

coefficient, etc.) were often measured simultaneously, so enabling the 

theoretical dependence of various characteristics on shear character­

istics, as developed in this work, to be tested. 

The equations given below can be considered as reasonable for 

-2 -1 P > 3 MPa and G > 400 kg m s • 

4.5.5.1 Adiabatic flow in round tubes 

Lower quality friction factors are consistent with the (a,0,0) 



friction regime (as are nearly all data for bubbly flows); lower 

intermediate quality data with (c,4,2), which can be considered as 

applying to semi-annular flows, slugging flows, and annular flows 

with no entrained bubbles in the film; and higher intermediate 

quality data with (a,4,0), which is consistent with annular flows 

with entrained film bubbles. Low mass flux high quality friction 

factors were not satisfactorily analysed in this work, but data trends 

are qualitatively consistent with the partially developed 'thin film' 

friction factor equation, equation (4.3). Higher mass flow 

(> 2000 kg m-2 s-1 ) high quality friction factors are consistent with 

the dry wall f(d,0,0) suggesting that under these conditions the gas 

momentum is sufficient to entrain all the liquid in the form of core 

droplets. 
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The boundary between the various friction regimes appears to be 

such that no shear discontinuity appears at the boundary. The boundary 

can thus be predicted from the intercept of the shear stress equations 

relevant to either side of the boundary. 

The above can be more neatly expressed by 

D(dP/dz)F 

2G<j>2 
= max {min [f (a,0,0); f (c,4,2)]; 

(4. 8) 

which covers the whole quality range. Some qualifying remarks can be 

found in section 5, appendix Al0. The factor pg/pH for the highest 

quality regime is to allow for different friction factor definitions 

for wet-wall and dry-wall flows (table 3.1). 

A comparison of equation (4.8) with some typical data is shown in 

fig. 4.10. 

For extremely long upstream settling lengths, greater than about 

500 diameters, f(a,4,0) of equation (4.8) should be replaced by 



f(a,2,0): 

D(dP/dz)F 

2G<j> = max {min [f (a,0,0); f (c,4,2)]; 

(4. 9) 

In fig. (4.11), a comparison of equation (4.9) is made with some 

data from a test section with a long settling length. 

4.5.5.2 Diabatic flow in round tubes 

For diabatic pressure drop data obtained from experiments with 

both pressure taps in the two-phase region, average frictional 

pressure gradients are assumed here to be equal to the mid-point local 

frictional pressure gradients. The analysis of appendix 1 of [4.15] 

shows that this assumption is very reasonable. 

Pre boiling-crisis diabatic friction factor data [4.5] are 

consistent with 

D(dP/dz)F 

2G<j> = max {min [f(a,O,0); f(e,4,0)]; f(b,4,0)}; 

and post crisis data, with 

D(dP/dz)F 

2G<j> = p f (d,0,0)/pH g 

This is compared with some typical data in fig. 4.12. 

(4.10a) 

(4.10b) 

Equation (4.10) is similar to equation (4.8) except, as expected, 

the shear stress is consistent with attached wall bubbles (sublayer e) 

for the second regime. The following is noted: 

(i) Wall bubbles, which act as roughness elements, have been 

neglected for the (a,0,0) regime. This leads to a slight under­

prediction of shear for this regime, particularly at lower mass fluxes 

where boiling wall bubbles are expected to be larger. The error is 

about 20% at 1000 kg m-2 s-1 but is negligible above 2000 kg m-2 s-1 

The above indicates that wall bubbles only partially 'roughen' the 
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surface at lower qualities. 

(ii) The 'b' sublayer (see table 3.1) of the higher inter-

mediate quality regime, (b,4,0), suggests an absence of nucleating 

wall bubbles. This is consistent with current ideas that nucleation 

is suppressed in annular flows. The Chen heat transfer correlation 

[4.14], for example, contains a 'boiling suppression factor' which is 

significant at higher qualities. 

(iii) The higher intermediate quality regime, (b,4,0), differs 

from that for adiabatic flows, (a,4,0), only in the nature of the sub­

layer bubbles. The 'a' sublayer is due to impurities on bubble 

surfaces preventing surface movement. This was discussed in section 

3.6.1. In the case of diabatic flows, bubbles generated in the heated 

sectionmaynot remain in the heated section for sufficient time for 

impurities in the fluid to migrate to the bubble surfaces, so surface 

movement remains possible: 'b' bubbles instead of 'a' bubbles. For 

low velocity flows in long heated test sections, impurities can 

migrate to bubble surfaces, and friction data deviate from f(b,4,0) and 

approach values predicted from f(a,4,0). 

(iv) Dry wall Reynolds numbers, p <j>D/µ, are generally of a g g 

magnitude that the recommended friction factor, f(d,0,0) depends on 

the tube surface roughness. This has been demonstrated in fig. 4.5. 

However, some post boiling-crisis data are consistent with f(d,0,0) 

only if it is assumed that the surface roughness is considerably less 

than it actually is. An example is given in fig. 4.13. It is assumed 

that these data correspond to 'pseudo-dryout' instead of dryout, with 

superheated liquid remaining in micro-crevices between roughness 

elements. This would reduce the apparent roughness for the turbulent 

droplet flow. The concept is consistent with the behaviour of some 

heat transfer data, discussed in chapter 8, and some critical heat 
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flux data, discussed in chapter 7. 

4.5.5.3 Complex geometries 

Rod bundle geometries are of special relevance to nuclear 

engineering. However, rod spacers, inserted to prevent inter-surface 

contact, and abrupt changes in flow area at the entrance of rod 

bundles ensure that flows are not 'developed'. Different rod bundle 

constructions are such that entrance and spacer effects must differ. 

Not unexpectedly, although data from individual test rigs can be 

correlated in terms of the generalised equations in table 4.1, 

different equations apply to different test sections. Unlike the case 

for round tubes, no general predictive equations can be given. How­

ever, some generalities can be made: 

As with most lower quality data, lower quality friction 

factors are consistent with the (a,0,0) friction regime; 

Also as with most dry wall data, friction factors for tests 

in which all surfaces are dry are consistent with the (d,0,0) friction 

regime; 

Both adiabatic and diabatic friction factors for long test 

sections with no rod spacers are similar in trends to those for round 

tubes. Differences in values for the complex geometry data and round 

tube data occur at intermediate qualities and presumably reflect the 

rod bundle entrance influence in the bundle data; 

In the case of test sections with localised rod spacers, 

friction factor behaviour differs from that for round tubes in that 

the same equations apply for both adiabatic and diabatic conditions. 

The data tend to be described by 

D(dP/dz)f 

2p <j>2 
H 

= min [f (a,O,O); f (e,m,n)] , 

with different m and n values applying to different test sections. 
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An example is given in fig. 4.14. 

The applicability of a sublayer based on a model with attached 

wall bubbles (sublayer e) for both adiabatic and diabatic data 

suggests wall bubble generation in adiabatic flows due to low level 

flashing induced by spacers; 

Boiling appears to be suppressed in test sections with wire­

wrapped spacers, with neither diabatic or diabatic data being consis­

tent with sublayer e of table 3.1. Data from [4.16] behave as such; 

and 

There is some limited evidence that rod bundle geometries 

with some dry surfaces U2 post-CHF) behave as equivalent geometries 

with the dried surface neglected, i.e. the equivalent diameter is 

defined by (4 x flow area) f (non-dried perimeter). This may be 

connected with the fact that shear on dry surfaces is generally much 

smaller than that on wetted surfaces under similar flow conditions, 

as can be confirmed by comparing the wet wall and dry wall shear 

stresses using equations presented earlier. 

This final point is demonstrated in fig. 4.15. The data in this 

figure are from an annulus under post-dryout rod conditions and are 

consistent with the round tube (a,4,0) friction regime when considered 

in terms of the 'equivalent sheared diameter' described above. The 

applicability of sublayer 'b' (i.e. of f(b,4,0)) at higher velocity 

conditions can be explained in terms of the argument concerning bubble 

surface contamination presented in section 4.5.5.2, point (iii). 
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CHAPTER 5 

AVERAGE VOID FRACTION 

The relationship between the average void fraction and flow 

parameters on which it depends is different for different flow 

patterns. For the purpose of this chapter, it is convenient to 

consider flow patterns in two broad categories: 'distributed flow 

patterns', in which one phase is continuous over the flow section, 

and 'separated flow patterns', in which the flow domain can be divided 

into a continuous liquid region, perhaps containing elements of the 

gas phase, and a continuous gas region, perhaps containing elements of 

liquid. Examples of distributed flows are bubble, slug and droplet 

flows. Examples of separated flow are annular and stratified flow. 

It will be demonstrated in this chapter that, as with other two­

phase parameters, the void fraction depends on those factors defining 

a friction regime, i.e. the sublayer structure and the coefficients of 

the non-dimensional velocity profile. However, the form of dependence 

differs for separated and distributed flows. Two further flow pattern 

effects are important: (i) As discussed below in section (5.1), the 

void fraction depends in part on the 'drift velocity' which is deter­

mined in part by drag on discrete elements of the flow, so the 

structure of discrete elements also influences the void fraction; and 

(ii) The regime boundary between separated and distributed flow 

patterns is important not only for determining which type of voidage 

prediction equation (separated or distributed) is appropriate, but 

also because the equation for separated flows developed below in 

section (5.2) involves this flow pattern boundary. 

The analysis in this chapter covers both distributed and 

separated flows, with stratified flow patterns being neglected as 
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these are of little interest in reactor engineering. As with other 

sections of this thesis, the analysis is developed for symmetric 

flows in round tubes, and results are assumed to apply to other 

geometries through the use of the equivalent hydraulic diameter. 

5.1 Distributed Flows 

Low voidage liquid-phase continuous flows (bubble, slug, froth) 

are considered first (section 5.1.1) using as a basis the'drift-flux 

equation' developed by Zuber and co-workers [5.1, 5.2] and the 

results then generalised to high voidage gas-phase continuous droplet 

flows in section (5.1.2). 

A new method is presented for estimating the value of the drift­

flux equation's distribution parameter in section 5.1.1. 

5.1.1 Liquid phase continuous flows 

5.1.1.1 The drift-flux equation 

Following Zuber et al. [5.1,5.2], a local drift vis defined by 

u g = j + V • 

Multiplying by a and averaging over the flow section yields 

<j >/<a> = C <j> + V 
g 0 

where 
C = <aj>/(<a><j>) 

0 

is the distribution parameter and 

V = <va>/<a> 

is the drift velocity. 

(5.1) 

(5.2) 

(5.3) 

(5.4) 

The L.H.S. of equation (5.2) is the mean gas velocity. This 

differs from the mean mixture velocity because (i) the gas tends to 

concentrate in either the slower moving region (C < 1) or the faster 
0 

moving region (C > 1), usually the latter; and (ii) there is often 
0 

a buoyancy-induced drift contribution to the gas phase, allowed for 
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by V in equation (5.2). 

If C and V are known - see sections 5.1.1.2 and 5.1.1.3 - <a> 
0 

can be obtained from the flow rates using equation (5.2) expressed as 

<a> = <j >/(C <j> + V) 
g 0 

For negligible V this becomes 

<a> = f3/C 
0 

5.1.1.2 The distribution parameter c 
0 

(5. 5) 

(5.6) 

Consider a generalised version of the distribution parameter as 

defined by equation (5.3): 

= 
.k 

< aJ > 
.n-1 . <aJ ><J> 

(5. 7) 

This reduces to the definition given in equation (5.3) fork= 1, 

and values of k = 2 and k = 3 are relevant to the prediction of 

momentum and kinetic energy fluxes, discussed in the next chapter. 

Consider the numerator of equation (5.7): 

.k <aJ > 1 / .k dA A aJ 
A 

Data analysis indicates that for most data, the local voidage a 

is negligible except in higher velocity regions where the local 

velocity is approximately the maximum value jmax· Exceptions are low 

velocity upflow, subcooled boiling, and low velocity non-vertical flows 

where buoyancy effects may produce partial or total stratification. 

Such flows have voids concentrating on the lower velocity region, so 

the present analysis does not apply. The general case is, however, 

consistent with the void profile given by equation (3.11), which 

indicates a zero voidage in the near-wall region where the local 

velocity is expected not to be close to j • (Data analysis suggests 
max 

that the present analysis also applies to boiling diabatic flows which 
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cannot have zero near-wall voidages. The applicability of the analysis 

to these flows suggests that the near-wall voidages for these flows are 

not significant.) 

Returning now to <ajk>: For flows where the voidage can be 

neglected near the wall, 

.k <aJ > i / al dA 
A-o 

where o defines the area for which a is negligible 

"' 

since j "' jmax in the domain 

= 

= 

1 I A 

A-o 

jmax 
A 

A-o 
ajmax 

.k-1 
J 

.k-1 dA 
UJ 

.k-1 
jmax <aJ > 

As a result, c 0 k defined by equation (5.7) becomes 

= j /<j>. 
max 

dA 

(5.8) 

For the friction regime (z,m,n), manipulation of equations (3.31) 

and (3.32) produces 

C (z,m,n) 
0 

= 1 + 2.6 (v'2)m /f(z,m,n) (5.9a) 

or, in terms of the generalised friction factor given by table (4.2), 

C (z,m,n) 
0 

= 1 + 2.6 /f' (z,m,n) (5.9b) 

In equation(5.9), the 'k' subscript has been omitted from C since 
0 

equation (5.9) indicates that the value is independent of k. 

Most bubble flows are for (z,m,n) = (a,O,O), for which equation 

(5.9) produces C �~� 1.2 for typical flows. This is consistent with 
0 

empirically obtained values [5.1,5.2]. The variation of C with mass 
0 
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flow and pressure as predicted from equation (5.9) is also consistent 

with empirically-observed trends (5.2]. 

As noted, the analysis leading to equation (5.9) does not apply 

to some flows described above. A value of c < 1 can be expected for 
0 

these flows. 

5.1.1.3 The drift velocity V 

The drift velocity V for different flow patterns has been con­

sidered by others, e.g. (5.1-5.3]. From a reactor engineering view­

point, the most important drift velocities are for bubble and slug 

flows. For upflow, (V ) these are given by 
up 

and 

V slug = 0.35 vgD (5.10) 

(5.11) 

For non-vertical upflows, where 0 is the angle between the flow 

direction and upflow, these can be replaced by 

V = V cos 0. up (5.12) 

This should result in reasonable estimates of the magnitude of the 

drift component to equation (5.2), although, as noted in section 10.5 

of Wallis' book (5.4], equation (5.12) is not strictly valid for slug 

flow. 

Data analysis performed as part of the present work suggests that 

two new drift velocities be considered in addition to those normally 

quoted (5.1-5.3]: 

(i) Some distributed flow low voidage flows have shear stresses 

which correlate with a 'c' definition of viscosity (table 3.1). The 

distributed nature of the flow coupled with the concept behind the 

viscosity formulation imply a frothy core rather than a bubbly core. 

The drift velocity must then be 
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V z=c 

irrespective of flow direction; and 

= 0 

(ii) Non-developed bubbly flows empirically have a drift 

velocity close to 

V N.D.B.F. = -<j > t 

irrespective of flow direction. A possible explanation is that 

entrance regions and flow obstructions such as rod bundle spacers 

(5.13) 

(5.14) 

collect gas wakes. If the bulk of gas collects at the wakes and is 

then sheared off the wake into the flow, gas leaving the wakes will 

momentarily have zero velocity with respect to the duct, and thus a 

negative velocity, approximately - <jt>' with respect to the flow. An 

example is given in fig. 2d(i), Appendix AlO. 

Similarly, bubbles leaving nucleation sites necessarily have 

negative drift velocities with respect to the flow. Consequently, 

average drift velocities for nucleate boiling upflow are expected to 

be lower than predicted by equation (5.11), for developed flows. In 

the case of high vapour generation rates, the contribution from 

recently-generated bubbles may dominate the average drift, resulting in 

a net negative value. The above is consistent with the diabatic upflow 

void data of Rouhani [5]. 

5.1.2 High voidage droplet flows 

The analysis contained in section 5.1.1 readily adapts to the 

case of gas-phase distributed flows: 

Defining a gas-phase distributed flow distribution parameter 

C go = 

then, for droplets confined to the faster-moving central region 

C go = 1 + 2.6 lf(d,O,O) , 

(5.15) 

(5.16) 

since the friction regime expected for droplet flows is that described 
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described in this work as (d,0,0). The friction factor f(d,O,O) can 

be predicted from equation (4.1). 

The drift flux expression now becomes 

= C <j> + Vd go (5.17) 

where Vd is the liquid fraction weighted drift between the droplet 

velocity and the mixture velocity. An expression for Vd is suggested 

by Zuber and Ishii [5.3]. This expression is, however, the terminal 

drift velocity, i.e. the value of the drift when a steady drift is 

achieved. The high velocities of droplet flows means that terminal 

drift velocities are not often achieved in flow sections of interest. 

On the other hand, the difficulties in predicting the transient drift 

velocities are more than compensated for by the fact that they may be 

neglected when compared with the high mixture velocities encountered 

with droplet flow. For negligible Vd, equation (5.17) becomes 

1 - <a> = 

5.2 Separated Two-phase Flows 

(1-S)/C • go (5.18) 

An analysis is presented here for round tube symmetric annular 

flows with a liquid-phase continuous film and a gas-phase continuous 

core. Void fraction relations derived can be adapted to inverse 

annular flows (gas-phase continuous film and liquid-phase continuous 

core, as expected in the rewetting phase of a LOCA, for example) but 

no data have been found to validate any such relations. 

The relation between annular flow void fraction and volume flows 

of the gas and liquid is based on the relation between the film thick­

ness and film volume flow obtained by integrating the velocity profile 

over the film region. Core droplets and film bubbles are allowed for 

by film and core void parameters ac, af, Sc, Sf 
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a. = ¾ / a. da c,f 
c,f 

JA a. u da 
g 

f3 = 
c,f 

c,f {, j da 

The core area fraction A 

£ da a 
A C = = 

1:+f 

da ac+af 

and core volume flow fraction 

ij da 

B = 

la+f 

j 
da 

are then related to the regional void parameters and the overall 

voidage <a.> and volume flow ratio f3 by 

A 

and B = 

(5.19) 

(5.20) 

(5.21) 

(5. 22) 

(5.23) 

(5.24) 

For a purely liquid film and purely gas core, A= <a.> and B = $. 

The analysis in section 5.2.1 relates A and B. In view of equations 

(5.23) and (5.24), this can be converted to a relation between <a.> and 

f3 if the regional void parameters a.f, f3f, a.c, f3c are known. Methods 

of estimating values for these, at least for some flow conditions, are 

given in section 5.2.2. 

5.2.1 The relation between film thickness and film flowrate 

The film volume flow Qf is obtained by integrating the velocity 

profile derived in chapter 3 over the film region: 
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D/2 

Qf = / j 21rrdr , 

D/2-S 

where the film thickness Sis related to the core area fraction A by 

S/D = c1 - IA> ;2 

The analysis is simplified if it is assumed that the film is thin 

compared with the diameter, in which case 

= 
s 

nD f O j dy (5.25) 

The thin film approximation for annular flow was examined as part 

of the present analysis and was found to be remarkably accurate, even 

for 'film' thicknesses equal to the duct radius, provided the 

approximation is used also in the relation between Sand A, i.e. 

1-A = 1TDS/(1rD2 /4), or S/D = (l-A)/4. 

Expressing the volume flow expression given by equation (5.25) in 

terms of the dimensionless quantities of table 3.1, 

= 

where 

Q+ = f 

+ 
s = 

= 

+ JS (z,m,n) 

j+(z,m,n) d y+(z,m,n) 
.+ 0 J = 

1-B 
4 Re(z,m,n) 

1-A 
4 Re(z,m,n) ~f (z,~1 n) 

1-B ( ) ~ff (e,~1 n) - 2- We e,m,n -,· 

1-A - 4- We(e,m,n) f(e,m,n) 

Viscosity 
dependent 
flows 

Surface 
tension 
dependent 
flows 

(5.26) 

(5.27a) 

(5.27b) 

Equations (5.26) and (5.27) may be used in conjunction with 

velocity profiles given in chapter 3 to relate A and B for a given 
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friction regime and hence relate <a> and S if the regional void para-

5.2.2 Some considerations on annular flow regional 
void parameters 

Prediction of voidage with equation (5.26) requires knowledge of 

the regional void parameters ac, Sc, af, Sf. Although a full evalua­

tion of the factors has not been achieved in this work, some trends 

can be surmised. 

This simplest treatment of the parameters is to assume them to be 

independent of quality for a given mass flow. Although this appears 

unrealistic, there are two supporting factors for such a treatment: 

(i) The available empirical data on high pressure steam-water 

core liquid flow, such as the data of [5.6], shows the core liquid 

mass flow generally to be proportional to quality for most of the 

annular flow regime, with little effect of parameters such as heat 

flux. Such a proportionality is equivalent to constant S • Data 
C 

supporting the independence of one regional void parameter on quality 

suggests that the other three parameters might also be independent of 

quality; and 
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(ii) Sensitivity studies on equations (5.23),(5.24), (5.26) & (5.27) 

show liquid in the core region to have little effect on average voidage 

for lower voidage annular flows and gas in the film region to have 

little effect at higher voidage annular flows. Errors introduced in 

average voidage through assumptions of constant regional voidage 

factors will then be small if af and Sf are reasonable for lower 

voidage annular flows, and ac and Sc are reasonable for higher voidage 

annular flows. 

The above, together with the assumption of no change in average 

voidage on undergoing flow pattern transition, indicates that for the 

purpose of average voidage calculation, af and Sf can be identified 



with the values of <a> and Bat the distributed flow/annular flow 

transition, and a and 
C 

Bc with the values of <a> and Bat the 

annular flow/dry wall transition. 

Empirical regime maps for high pressure systems [5.7-5.9] 

indicate that the lower voidage annular flow boundary occurs approxi­

mately at a void fraction of 0.55. This indicates that af can be 

assumed to be 0.55 and Bf can be calculated from equation (5.3) as 

= <. >/<">I Jg J <a>= o.55" Values of a and B have not been fully 
C C 

established in this work; however, in view of section 4.5.5.1, for 

adiabatic steam-water flows they may be estimated from the quality at 

which f(a,4,0) equals p f(d,0,0)/p (i.e. the dry wall transition g H 

quality) together with equation (5.11). At lower mass fluxes, the 

calculation indicates that no adiabatic dry wall region exists. Under 

these conditions, core entrainment can be neglected for the purpose of 

average voidage prediction. 

5.3 Comparison with Data 

A consequence of the model proposed in this chapter is that void 

characteristics depend both on flow pattern and friction regimes. A 

full test of this is not possible since an extensive data analysis 

performed as part of this work indicates that a majority of both 

distributed and separated flow void data were obtained for the f(a,0,0) 

friction regime. This is because void-measuring techniques are often 

unsuited for the high void, high velocity conditions expected for 

other friction regimes. 

Although, as stated, most void data apply to the (a,0,0) friction 

regime, exceptions found covered a number of different friction regime/ 

flow pattern combinations, so a reasonably extensive evaluation of the 

model was possible. The model was generally compatible with the data. 

Although an examination of all relevant data is beyond the scope of 
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this work, some typical comparisons of data with equations developed 

here are presented to demonstrate the applicability of the model. 

Figure 5.1 compares equations (5.6), (5.15) and (5.19) and 

average voidage data argon-alcohol viscosity-dependent upflow [5.10]: 

figures (5.la), (5.lb) and (5.lc) being respectively for liquid-flow 

distributed (c,0,0) flow (for which V �~� 0, see section 5.1.1.2), 

(b,3,-1) annular flow, and dry wall distributed (d,0,0) droplet flow. 

The flow conditions for these data are as given in the flow regime map 

of fig. 4.2. Associated pressure drop and velocity profile data, from 

which the friction regimes were determined, have been presented in 

figs. (4.1) and (3.7) respectively. 

The friction regime for fig. (5.la), (c,0,0), is not that expected 

for developed flows, (a,0,0). Moreover, the transition to annular 

flow does not occur at the voidage value <a>= 0.55 expected for 

developed flows (see section 5.2.2). Although the flow conditions thus 

appear to be for under-developed flows, the data are compatible with 

the present modelling of the drift-flux equation's distribution 

parameter and drift velocity. 

so--.--.-.,...,,...,..-----r-"'"'""l,....,.--,---, 

5 
0•5 1 5 

5+_ �~� Wef 
4 
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Fig. 5.2 Comparison of(e,2,-4)annular flow data with theory: water 
adiabatic upflow in a 17.1 mm tube,pt/p = 13, data from [5.12]. Corres­
ponding velocity profiles and friction lactors are in figs. (3.7)&(4.3). 



Some void data for typical annular flow surface tension­

dependent (e,2,-4) average voidage data [5.11] are compared with 

predictions from the present model in fig. 5.2. Associated pressure 

loss and velocity profile data have been presented in figs. 4.3 and 

3.7. Core droplets and film voids have been found to affect average 

voidage for surface tension-dependent flows to only a small extent 

except at high voidages (this is demonstrated in fig. 10, appendix 

A24) , and so were neglected in fig. 5. 2 • 

Figure 5.3 considers typical void data for high pressure steam­

water flows in various rod bundles. Rod bundle flow geometries are 

particularly relevant to nuclear engineering. The predictions are for 

the (a,0,0) friction regime with a bubble drift velocity for distri­

buted flow, and a separated flow/distributed flow transition at <a>= 

0.55, with no core droplets for separated flow. The errors at very 

low values of 1-<a> are due to the neglect of core droplets. It is 

apparent that core droplets have little influence on annular flow 

voidage at lower average voidages. 

Figure 5.3 also contains data obtained immediately downstream of 

a 37 rod bundle[5.16]. The data disagree with the model and instead 

agree with the homogeneous prediction <a>= S, suggesting that the 

flow is homogenised by abrupt changes in flow section. 

Figure 5.3 supports the assumed flow pattern transition at <a>~ 

0.55, although a better prediction of the lowest mass flux data shown 

would be achieved with a transition voidage of 60%. This feature is 

common to mass fluxes lower than those encountered under riormal 

reactor operating conditions, and also to pressures lower than 

encountered under normal reactor conditions. The latter is demonstra­

ted in fig. 5.4, which shows air-water data at atmospheric pressure 

[5.17] compared with predictions for the (b,0,0) regime. The agree-

86 



Symbol 

t:, 

0 

+ 
X 

V 

• 

0·1 

Fig. 5.3 

No. of rods 
(Test section name) 

4 
19 (IT25) 

1 
1 (IT45) 
1 (IT37) 

Downstream of 37 
rods 

V 

O· 

G 

kg m-2s-1 

750 
2164 
132 

3489 
412 

various 

01 

1- ,G 

D p 
Ref. 

mm MPa 

21.1 7.1 5.12 
7.5 2.9 5.13 

13 3.9 5.14 
9.0 5.0 5.15 
3.0 5.0 5.15 

27 5.0 5.16 

Comparison of typical complex geometry void fraction 
data with theory 

87 



ment in the annular regime has been achieved only through a transition 

voidage choice of 0.63. The prediction error at very high voidage is 

again due to the neglect of core entrainment. 

The close agreement between the present theory and experimental 

void data demonstrated in figs. (5.1-5.4) is considered here to be due 

to correct allowance for friction regime and flow pattern effects, and 

is not due to special data selection. The data of figs. 5.1, 5.2 and 

5.4 were chosen for discussion because of the simultaneous relevance 

of these data to other chapters of the thesis, and the data of fig. 5.3 

were chosen because they representatively covered the experimental 

range of rod bundle <a>:S characteristics and covered a wide range of 

flow parameters (G,D,P). 

Although data selection on the basis of good agreement with the 

present theory has been resisted for the bulk of this thesis, an 

exception is made in closing this chapter. Void data for air-water 

upflow at atmospheric pressure in an 11 mm dia. tube [5.18] are 

considered of interest since the very close agreement between these 

data and predictions using the present theory cannot be adequately 

shown via the usual graphical comparison. Moreover, the usual method 

of assessing predictive methods through error assessment becomes 

inappropriate since, for these data, the errors are mostly less than 

experimental errors implied by the number of given significant digits. 

The data and predictions are compared in table 5.1. It can be seen 

that the agreement is remarkable: although the bulk of data are given 

to three significant figures, the discrepancy between experiment and 

prediction is less than experimental round-off in more than half the 

cases, and the maximum discrepancy is less than 2%. The close agree­

ment adds confidence to both these data and the predictive method, 

here being that for the distributed (a,0,0) friction regime (usually 
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applicable for low void bubble flow data) with a bubble rise velocity 

of 0.22 m s-1 calculated from equation (5.10). 

These data are discussed further in Appendix A18. 

Table 5.1 Comparison of experimental void fractions [5.18] with 
those calculated for the (a,0,0) friction regime 

<j > <' > <a.> % 
Q, Jg I 

m s 
-1 m s-1 Expt. Pred. 

2.91 0.11 2.86 2.86 

2.91 0.094 2.46 2.46 

2.91 0.122 3.16 3.16 

2.88 0.22 5.6 5.57 

2.87 0.302 7.4 7.48 

2.87 0.407 9.8 9.76 

2.87 0.42 10 10.0 

2.87 0.69 15.2 15.3 

2.87 0.755 16.3 16.4 

2.78 1.16 23.1 23.2 

2.51 1.25 26.1 26.1 

2.51 1.84 33.4 33.4 

2.51 0.950 21.6 21.5 

2.51 0.735 17.7 17.7 

2.51 0.54 13.8 13.8 

2.51 0.394 10.7 10.6 

2.51 0.318 8.8 8.75 

2.51 0.228 6.6 6.47 

2.51 0.181 5.29 5.22 

2.51 0.122 3.64 3.60 
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CHAPTER 6 

PROPAGATION PHENOMENA IN GAS/LIQUID SYSTEMS 

In this chapter, simplified single phase flow theory for 

propagation phenomena is adapted for two-phase conditions, with 

emphasis being placed on a method of allowing for phase and velocity 

distribution effects. The analysis presented is for the propagation 

of pulses sufficiently small that equations may be linearised. 

Compressibility of the liquid phase is neglected, as is flexibility 

of the containing pipework. Subsequent errors are negligible except 

at very low voidages, and reference is made to [6.1] where these 

neglected effects are considered. Mass transfer between the phases is 

also neglected, i.e. the 'frozen' approach is followed for one­

component flows rather than the 'equilibrium' approach. Surveys, e.g. 

[6.2], indicate that frozen models are more compatible with data, 

suggesting that the timescale required for phase changes are larger 

than the transit times of pressure pulses. 

6.1 The Gas Isentropic Expansion Coefficient 

Later analysis is simplified by an assumption that the passage of 

pressure pulses occurs isentropically. Since the liquid is considered 

to be incompressible, the assumption requires an expression for the 

gas isentropic expansion coefficient. An expression for this is 

derived as follows: 

From the gas equation of state, 

Pv g = RT, 

from which the temperature and specific volume change associated with 

a pressure pulse ~P is related by 

R~T = P~v + V ~P. g g (6.1) 
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From basic thermodynamics, the heat added to the gas phase per 

unit volume l:IQ is g 

p [C l:IT + P l:lv] g vg g = Q . g 

Similarly, for any heat transferred to the liquid, causing a 

temperature change l:ITt' 

= 

For the overall process to be adiabatic, 

= 0. 

i.e. 

= 0 

(6. 2) 

(6. 3) 

(6.4) 

where x is the 'static quality', a. p /(ap + (l-a)p 0 ). In the absence s g g �~� 

of 'slip', x = x. 
s 

For finely mixed two-phase flow, thermal equilibrium is 

expected, i.e. l:IT 1 = l:IT. For separated flows, where little thermal 

exchange is expected during a pressure pulse, l:IT 1 = 0. We introduce 

a coefficient of thermal exchange, K, defined by 

= K l:IT, (6. 5) 

where K lies between O and 1. 

For little thermal exchange, K �~� O, and for strong thermal 

exchange, K �~� 1. The comparative success of 'frozen' models for one 

component flows [6.2] suggests the K �~� 0 is more appropriate. 

Combining equations (6.2) to (6.5), 

[x C + K(l-x) C0 ] l:IT + x P l:lv s vg s �~� s g 

Eliminating l:IT from equations (6.1) and (6.6) 

K C0 (1-x) + C x l:lv 
l:IP+ �~� s pg_.:1. 
P K C n ( 1-x ) + C x v 

�~� s pg g 

where use has been made of 

R = C - C pg vg 

= 0 

= o, 

(6. 6) 
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Integration leads to 

p V y 
g = constant, 

where the isentropic expansion coefficient y is 

y = 
K Cn (1-xs) + C X 

X., pg S 

K Cn (1-x) + C X 
x., S Vg X 

6.2 Liquid-phase Continuous Flows 

6.2.1 Necessary distribution parameters 

(6. 7) 

(6. 8) 

The widely-used method of using slip or voidage correlations to 

express momentum and kinetic energy fluxes in terms of readily­

assessable parameters is not valid since, as discussed in chapter 5, 

slip or void correlations implicitly quantify a double correlation 

coefficient, and reduction of averaged momentum and kinetic energy 

fluxes require the use of higher order correlation coefficients. 

In the section 6.2.2, the momentum and kinetic energy fluxes are 

reduced through the use of the generalised distribution parameter of 

section 5. 1.1. 2 , 

C 
0 

= .k I< .k-1 . > <aJ > <aJ ><J> 1 + 2.6 (v'2)m if(z,m,n) (6.9) 

and velocity distribution parameters 

<j2>/<j>2 m 1 + 3. 77 (2) f(z,m,n) (6 .10) 

and 

= <j3>/<j>3 = m 3m/s 3/2 1 + 11.3 (2) f(z,m,n) - 34.4 (2) f (z,m,n). 

(6.11) 

The RHS of equations (6.10) & (6.11) are obtainable from manipula­

tion of equations (3.31) or (3.32). 
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As discussed in chapter 4, (z,m,n) for liquid-phase distributed 

flows is usually (a,O,O). For these flows, equations (6.9) - (6.11) 

lead to typical Co, C2 and C3 values of 1.2, 1.03 and 1.06 respectively. 



The near-unity values of C2 and C3 suggest that errors will be small 

if unity values are assumed. This is so for single phase flows, where 

the unity assumption is often used. However, the assumption can lead 

to significant errors at higher voidage distributed two-phase flows, 

so the expressions developed below incorporate the factors C2 and c3• 

6.2.2 The wave equation 

In the following, local drift between the phases is neglected, 

i.e. the analysis considers ug = ui = j. Allowance for drift leads to 

terms which cannot be readily evaluated; in any case, such terms are 

expected to have only a very small influence on predicted propagation 

velocities since drift velocities are very small compared with 

propagation velocities. (The awkward terms resulting from the 

inclusion of drift velocities can be neglected in the special case of 

very low flows. An analysis for this, similar to that presented here, 

is included in appendix AG. The analysis of appendix AG indicates 

that, at least for very low flows, the propagation velocities of the 

present analyses are the same as those when drift is allowed for, 

provided the gas-content dependent variable is chosen to be void 

fraction rather than gas volume flow fraction. For non-negligible 

flow velocities, the analysis of Martin and Padmanabhan [6.3] allows 

for a constant drift velocity but in effect considers the distribution 

parameter to be unity.) 

Consider now the equations describing conservation of mass and 

momentum averaged over the flow section, equations (2.7) and (2.8). 

Using equations (6.9 - 11) together with assumptions stated at the 

beginning of the chapter, equations (2.7) and (2.8) may be converted to 

and 

1 
C 

0 

"I d d <J'> (_o_+ C <J'> -) + 
8t o dZ PH PH dZ = 0 (6.12) 
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<J'> ~] <J'> + 3P 3P j 3P j az az + az F + az G = 0. 

(6.13) 

The convective velocities in the substantial derivatives of 

equations (6.12) and (6.13) indicate that perturbations in density and 

momentum convect with velocities which are respectively faster and 

slower than the mixture velocity <j>. This is not surprising since 

variations in density are due to variations in gas content and, in the 

present model, the gas is confined to the faster moving core region; 

similarly, variations in momentum are controlled by the slower moving 

denser region near the wall. 

Consider perturbations in density, velocity and pressure (opH, 

o<j>, and oP) to the system. Neglecting gravitational and frictional 

pressure gradients, as these are small compared with the momentum flux 

term at the conditions of interest, and noting that if the neglected 

energy equation, equation (2.9), is replaced by an assumption that the 
dp 

process is isentropic, then opH= <Js oP, then equations (6.12) and 

(6.13) may be linearised to form 

d )(O<j}o dZ 

1 dp 
d 

C 
{-~ {- + C <j> ~) oP 
dP s at 0 dZ 

0 

(6 .14) 

Characteristic velocities of the system are given by the 

determinant of the above operating on either o<j> or oP. The 

characteristic equation may be rearranged to the form 

(6 .15) 

with 
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1 
a2 = 1 

C 
0 

(6.16a) 

and 

D 
Dt = (6.16b) 

Equation (6.15) is a wave equation which states that for a flow 

velocity <j>, perturbations in velocity and pressure (and hence 

density) propagate with velocity± a given by equation (6.16a) - note 

the dependence 
p,Q, 

(C 2 -C ) - ) • 
o PH 

and (6.10). 

on <j> - with respect not to <j> but to <j>(C + 
0 

Values of C and C2 are obtained from equations (6.9) 
0 

If it is assumed that the quality does not change during the 

pressure pulse, the low velocity value of a, a0 , may be expressed in 

terms of voidage as 

a 
0 

<a.> -

-./yP/p 
g 

(6 .17) 

As stated, the analysis of appendix A6 indicates that this same 

result holds if a constant drift velocity Vis allowed for. For cases 

where p2 >> pg' equation (6.17) becomes 

a 
0 

= 
-./yP/p,Q, 

{ <a.> (1 - C <a.>) }½ 
0 

(6.17a) 

which is similar to the often-quoted equation (e.g. equation (14) of 

[2] and equation (23) of [4]) 

-./yP/p,Q, 
a = 

{ <a.> (1 - <a.>)}½ 



Returning now to the influence of flow on 'a', equation (6.16a) 

can be expressed as 

a = a 
0 

(6.18) 

where a is the velocity of sound at negligible flow velocities, given 
0 

by equation (6.17). 
p ,Q, 

This value of 'a' is with respect to <j> (C + 
0 

(C2-C ) - ) • 
o PH 

Choked flow occurs if 'a' is zero with respect to the flow 

boundary, i.e. choked flow occurs when 

a = 
p,Q, 

<j> (C + (C2 - C) - ), 
0 0 

from which the critical velocity <j> is obtained as crit 

a 
<j> 0 = crit p,Q, 

}½ {c [C + 2 (CrC ) - ] 
0 0 0 

PH 

It is seen from (6.23) that, since (C2-C) < O, the critical 
0 

(6.19) 

velocity <j> 't is generally larger than the low flow sonic velocity cri 

a . 
0 

In order to conform to the practice of expressing experimental 

data in terms of critical mass flux G 'tor the ratio of this to the cri 

homogeneous prediction G . crit,H 

can be re-expressed as 

G . crit 

as a function of quality, the above 

{y Pp /x}½ 
g 

(6. 20) 
p,Q, 

{1 - (C -1) (1 + 2x (- - 1)) 
0 pg 

and 
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G crit PJI, PJI, 
- 1)) }-½ = {1 - (C -1) (1 + 2x (- - 1)) + 2 (C2-l) (1 + x(-

G. 't 0 pg pg cr1. ,H 

(6.21) 
dpH -½ 

where G crit,H - pH{(dP)s } 

The above equations must be solved iteratively since both C and 
0 

C2 depend on flow. Examination of the equations indicates that the 

term containing C2 can be neglected except at higher voidages, when 

the denominator in the RHS of the equations can become very small. It 

is expected that a more detailed examination, in which the kinetic 

energy equation was included, would result in an additional term 

involving the factor C3 of equation (6.20). 

6.2.3 Comparison with data 

To test the present theory, pressure pulse velocity and critical 

flow data had to satisfy two requirements: 

(a) The data needed to be two component rather than one 

component, thus ensuring no phase change effects; and 

(b) The data needed to be for developed, turbulent, 

straight pipe flow since distribution parameters 

cannot as yet be predicted for other systems. 

As well as these requirements, it is desirable that additional 

information be present in order that specific aspects of the model may 

be tested (e.g. void data to give experimental distribution parameter 

values). 

Very few data were found in the literature satisfying these 

requirements. Most two-component data found were for stationary liquid 

(pressure pulse propagation velocity) or for nozzle flow (critical 

flow). Although the analysis does not strictly apply to these data, 

it has been found that, for distributed flow, suitable choice of 

distribution parameter (rather than the predicted value) renders the 
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equations consistent with the data. This is demonstrated in data 

analysis presented in appendices A6 and A19. It is, however, more 

appropriate to compare the model with data satisfying the above 

requirements. Such a comparisonisa more rigorous test of the theory 

since the option of adjusting the distribution parameter is 

invalidated as this parameter is predictable from the model. The data 

analysis below is confined to a comparison of the model with data 

satisfying the requirements stated above. 

In considering the fact that the model does not apply to nozzle 

flow, it should be kept in mind that current reactor design basis 

accidents involve choked flow from a straight pipe, as discussed 

here. 

Data suitable for testing equations of the model describing 

(a) the flow pressure pulse velocity, (b) the pressure pulse velocity 

for intermediate flows, and (c) choked flow, were found in refs. [6.5], 

[6.6] and [6.7] respectively. 

The one unknown for model predictions is the value of the thermal 

exchange coefficient, K, defined by equation (6.5), which determines 

the effective isentropic expansion coefficient, equation (6.8). 

Although specific values of K are unknown, for the present data 

analyses, the qualities are very small indeed, so for non-negligible 

K, equation (6.8) indicates y �~� 1, a value which is assumed for the 

data of refs. [6.5], [6.6] and [6. 7]. 

The low flow pressure pulse velocity data of [6.5] are compared 

with predictions based on the present model and the homogeneous model 

in fig. 6.1. Both predictions are close to the data, with discrep­

ancies occurring at higher voidages, where both models underpredict, 

with the present model being closer to the data. 
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It is interesting to note that an assumption of y = y instead of 
g 

y = 1 would raise the predicted curves of fig. 6.3 by -18% and so 

bring agreement between the higher voidage data and the present model. 

Such a value of y for this voidage region is plausible since slug flow 

is plausible for this region. For this flow pattern, little thermal 

exchange between the phases is expected, i.e. K = O and from equation 

(6.8), y = y. 
g 

The data of fig. 6.1 are for low flows. The analysis of section 

6.2.3 indicates that, at higher velocities, the pressure pulse 

velocity varies with flow velocity in a complex manner. Pressure 

pulse velocities at intermediate flow velocities [6.6] indicate that 

the effect of flow on propagation velocities is not simply additive. 

Predictions from the present model are reasonably close to the data of 

[6.6]. 

The choked flow data of [6.7] are compared with predictions based 

on the present model and the homogeneous model in fig. 6.2. The 

predictions from the present model are given both for a calculated 

value of the velocity distribution parameter C2 , and for a unity value 

of C2 • As discussed in section 6.2.2, it can be seen that correct 

treatment of this parameter is important at higher voidages. 

The homogeneous model predictions are far too low, while the 

predictions based on the present model are reasonably consistent with 

the data, with discrepancies becoming pronounced near the distributed 

flow/annular flow boundary. It is possible that these discrepancies 

would reduce if the analysis had incorporated the energy equation 

instead of the assumption of isentropic flow. 

The distribution parameter C predicted for the data of fig. 6.2 
0 

were independently confirmed by analysis of void data obtained 

simultaneously with the data. This analysis has already been 
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summarised in fig. 5.4. The flow pattern transition volume flow ratio 

of fig. 6.2, 8Tr = 0.78, was obtained from figure 5.4. 

6.3 Dry Wall Droplet Flows 

Perturbations in droplet flow density, kinetic energy and 

momentum are associated with perturbations in droplet concentration so, 

unlike the case for bubble flow, convective velocities for the above 

perturbed quantities can be expected to be close to the flow velocity. 

It is therefore anticipated that propagation velocities will be close 

to those predicted by the homogeneous model, so the factors C2 and C3 

of equations (6.10) and (6.11) can be assumed to be unity with neglig­

ible error being introduced by this assumption. 

6.3.1 The wave equation 

Droplet flow propagation phenomena can be analysed in a manner 

analagous to that used in the previous section. Using the same 

assumptionsasin that section (constant area duct, no phase change, 

constant physical properties, zero drift velocity) and using the drop­

let distribution parameter of section 5.1.2: 

C go 

= 1 + 2.6 /f(d,O,O) 

(6.22a) 

the equations of conservation of mass and momentum, equations (2.7) and 

(2.8) can be expressed as 

and 

1 
C go 

d 
PH [at+ <j> {c 

+ (1--C go 
) <j> 

dP dP +-+-
dZ dZ IF+ 

= 0 (6.23) 

2 (1--C go) 
pg 

.1...1 <j> + -} 
go PH dz 

d 
<j> .1...1 [- + pg at dZ 

dP 
IG 0 = dZ 

(6.24) 
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In obtaining these equations, use has been made of 

C <p> = pH+ (C -1) p , i.e. go go g 

a<p> 1 
apH+ 

1 ap = (1 - -) 
C C g 
go go 

which follows from the definitions of average and 'homogeneous' 

densities <p> and pH,equation (6.22a) fork= 1, and the relation 

As expected, the convective velocities as given by the substan­

tial derivatives of equations (6.23) and (6.24) are close to <j>. 

Consider perturbations of density, velocity and pressure (opH, 

o<j> and oP) to the system. Neglecting gravitational and frictional 

pressure gradients, as these are small compared with the momentum flux 

dp 
term at the conditions of interest, and noting that op= dP oP, the 

conservation equations may be linearised to form 

a P a 
pH{- +<j> [C + 2(1-C )-!l.J-;;-} 

at go go PH oz 
a ~g a a 

- + -- (1-C ) <j> (- +<j>-) 
az dP go at az 

o<j> 

1 dp H a . a 1 dp g a 
-C --dP (-;;-t + C <J>-)+(l ---)-- --

o go az C ap at 
go go 

oP 

where values of quantities in the operator are initial values prior to 

the perturbations. 

Characteristic velocities of the system are given by the deter­

minant of the above operating on either o<j> or oP. The characteristic 

equation may be rearranged into the form 

1 D :2 a2 
[a:2 (0t) - azZ-1 (o<j> or oP) 0 (6. 25a) 

1 dp H p :2 dp 1 p g :2 

l+<j>:2{- -(1-C ) :2 (~) + �~� (1- -) [ (C + (1-Cg0 ) -) -C ] } 
C dP go PH dP C go PM o 

a:2 = ----~g~o---------=--------"-g_o_,,,_ __________ _ 
1 dpH+ (l __ 1_) 2,g_ 

C C dP go dP go 

with 

(6.25b) 

o, 
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and 

D 
Dt = 

a Pg a 
-;;--t + <j> [C + (1-C ) -] ~z. 
o go go pH o 

(6.25c) 

Equation (6.25a) is a wave equation which states that for a flow 

velocity <j>, perturbations in velocity and pressure (and hence 

density) propagate with a velocity ±a given by equation (6.25b) (note 

the dependence on <j>) with respect not to <j> but to <j>[C + (1-C ) 
go go 

pg/pH]. Choked flow occurs when the propagation velocity is zero, 

which corresponds to 

a = [C + (1-C ) p /pH]<j>. go go g 

Despite the complexity of equations (6.25), the propagation 

velocities as given by these equations are very close to those of the 

homogeneous model (equations (6.25) with C = 1), with the homogeneous go 

model tending to underpredict the slow flow pressure pulse velocity and 

overpredict the choked flow velocity. This is consistent with the 

expectations outlined at the beginning of this section and is in 

marked contrast to bubble flow propagation velocities which, as 

indicated by equations in the previous section, are considerably 

greater than velocities predicted by the homogeneous model. 

6.3.2 Comparison with data 

No data were found suitable for testing the present model, as high 

voidage data found were for wet wall conditions, i.e. for dispersed 

annular rather than droplet flows. A possible exception is the high 

voidage steam-water pressure pulse velocity data of [6.9]. These 

velocity data have been questioned [6.4) since they are an order of 

magnitude lower than normally obtained at high voidages. (As 

discussed in section 6.4, pressure pulse velocities for annular flow 

are close to that for gas flowing alone.) The pressure pulse velocity 

data of [6.9) are fairly close to but about 45% higher than those for 
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the homogeneous model, and are within 25% of the predictions of the 

present equations for gas-phase distributed flow. It is possible that 

the flow conditions for the data of [6.9] were droplet rather than 

annular. 

6.4 Separated Annular Two-phase Flows 

An analysis of annular flow propagation phenomena was not pursued 

in this work for two reasons: 

(i) The kinetic energy and momentum fluxes required for the 

analyses (or the momentum flux by itself if the simplified method of 

sections 6.2 and 6.3 is adapted) can, in principle, be expressed as 

functions of dependent variables by adapting the method used to obtain 

the film volume flux in the analysis of annular flow voidage (section 

5.2). The approach requires the integration of the relevant fluxes 

over the film region using a velocity profile from chapter 3. As with 

the analysis of average voidage, film bubbles and core droplets can be 

allowed for. However, as with the case for volumetric fluxes, kinetic 

energy and momentum fluxes so obtained would be implicit (rather than 

explicit) functions of dependent flow parameters such as superficial 

velocities, etc. Simple explicit functions for the fluxes, such as 

were achieved in the analysis of distributed flow propagation, cannot 

be obtained by the method. The analysis of annular flow propagation 

phenomena in terms of the flow model developed here would thus require 

the development of a computer program, and this was felt to be beyond 

the scope of the present work. 

(ii) The method followed in the previous parts of this chapter 

implies that, quite generally, the zero flow pressure pulse propagation 

. . . b ~(""dp velocity is given y a =1d<p>. According to the theory followed so 

far, this should also apply to low velocity annular flows. However, 

experimental evidence,e.g.[6.11] indicates that the correct expression 
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is a=~, where subscript c indicates the core value. Usually 
C 

pc~ pg for flow conditions for which annular flow pressure pulse 

velocity data are available. Thus, a pressure pulse travels preferen­

tially through the core, suggesting an electrical parallel resistance 

analogy, where the path followed is that of least resistance. The 

fact that this is so indicates that propagation velocity analyses used 

for distributed flows must be considered more carefully for annular 

flows. 

The remainder of this section will examine reasons why the low 

flow pressure pulse velocity is close to that for the core region 

alone. 

6.4.1 Low flow pressure pulse propagation 

Consider a round tube system, as in fig. 6.3, where film and core 

void profiles are assumed to be flat. Flow velocities are assumed to 

be negligible compared with propagation velocities. The behaviour of 

a pressure pulse can be determined by examining the radial distribution 

of perturbations in pressure. 

For each of the two regions of fig. 6.3, the appropriately 

simplified mass and momentum equations are 

and 

Eliminating pj, 

1 a P 
a2 at2 

= -VP 

= -V.(pj). 

= 

where a f is as stated in fig. 6.1. 
c, 

Assume pressure pulse perturbations P' vary with time and axial 

iwt -iKz position as e e The radial variation is to be determined. 

With the above variation, the velocity a of pressure waves of 
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frequency w is then a= w/K. 

Substitution into the wave equation gives rise to equations 

describing the radial variations of the perturbations: 

Core region: 

1 d (r dP') w2 
- K2) P' 

r dr + (-dr a 2 = 0 
C 
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(6. 26) 
Film region: 

1 d (r dP') w2 
- K2) P' + (-r dr dr a 2 

f 
= 0 

Boundary conditions for the above equations are 

(i) P' is symmetric about the centre-line; 

(ii) = 

(iii) 

0 at r =Rand r = O; 

I -
r. 

1. 

= I + 
r. 

1. 

and (iv) P' is continuous across the interface at r .. 
1. 

From the boundary conditions, the radial distribution of the 

pressure perturbation must be of a form as shown in fig. 6.4(a) or 

6.4 (b). 

In order to see which general form is appropriate, the values of 

1 d dP' (r --) are considered, for each case, in terms of equation 
r dr dr 

(6.26). This leads to: 

case a (as in fig. 6.4a): 

w2 
- K2 < 

a 2 
C 

implying a > af, 
C 

and, case b (as in fig. 6 .4b) : 

w2 
- K2 > 

a 2 
C 

O; 

O; 

w2 
- K2 > O, a 2 

f 

w2 
- K2 < O, a 2 

f 
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In reality, the film is approximately all liquid and the core 

approximately all gas, so af > ac. Thus, of the two possibilities, 

case bis considered realistic. This leads to the solution of equation 

6.26 as 

w2 ½ 
P' = a1 J [(- - K2) r] , r < r. 

0 a 2 l. 
C 

(6.27) 

w2 ½ w2 ½ 
P' = a2 I [ (- - K2) r] + a3 K [(- - K2) r], r > r. 

0 a 2 0 a 2 l. f f 

where a1, a2, a3 are constants. The small amplitude in the film region 

implies a~ a which is compatible with data [6.8]. We suppose this to 
C 

be so and show that the supposition is compatible with equation (6.27). 

Consider the film component of equation (6.26). For a thin film, 

the first term may be approximated by 

dp' I dP' I r. - R--
l. dr + dr -r. R 

l. 

R (R - r.) 
l. 

dP' I dr + r. 
l. = 

(R - r.) 
l. 

in view of boundary condition (ii) and since r. �~� R. The film component 
l. 

of equation (6.26) then becomes 

1 dP' 
P' dr I + -

w2 
(-2 - K 2 ) (R - r.) 
a J. r. 

l. 
f 

From the core region component of equation (6.27) 

1 dP' 
P' dr I -

r. 
l. 

w2 
- (-- - K2) a 2 

C 

r. 
l. 

2 

w2 ½ 
[ (- - K 2 ) r.] a2 J. 
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since a = a implies that (-2- - K2)½ r is small. 
C a 2 i 

C 

In view of the above two equations, boundary condition (iii) becomes 

r. w2 Pc w2 J. - K2) (R -(- - r.) (K2 - -) 
2 a 2 J. pf a 2 

C f 

2 (R - r.) 1-A Now J. 
- A r. 

J. 

where A is the area fraction of the core. Thus, the propagation 

velocity a= i is approximately 

a [ 
A+ (1-A) pc/pf ] ½ 

ac _A_+_{.,....l ___ A.,....)...,.(p_c_/.,...p_f..,...)-(a_c_/.,...a_f_)_2 

a 
C 

i.e. the propagation velocity is approximately that of the core. 

6.4.2 Propagation velocities at moderate flow velocities 

(6.28) 

For flows with velocities not negligible compared with propagation 

velocities, the above analysis must be modified. Although the velocity 

profiles of chapter 3 are used predominantly in this thesis, the 

present analysis is simplified by assuming flat velocity profiles for 

the core and film regions, having magnitudes uf, uc. The wave 

equation for each region now becomes 

1 
a2 
f,c 

ci + u _i_> 2 P, at f,c az = 

iwt -iKz 
For p' varying as e e , as before, then 

dP' 
w - u K 2 

1 d [ ( C ) - K2] p' (r -) + 
r dr dr a = 0 

C 

and 

dP' 
w - u K 2 

1 d [ ( f ) - K2] p' (r -) + 
r dr dr af 

= 0 

which replaces equation (6.26). 

(core region) 

(film region) 
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The same approximations as were considered in examining the lower 

velocity case in section 6.4.1 then lead to a= w/K being given by 

a-u 
(-'-c) 

a 
C 

2 

For most situations, this becomes 

a �~� u + a , 
C C 

i.e. as before, the pressure pulse velocity is approximately that 

which would occur for the core flow alone. 

6.4.3 Comparison with data 

The above analysis indicates that the pressure pulse propagation 

velocity for annular flow should be close to that for the core flowing 

alone. If the core voidage is known, the pressure velocity can be 

obtained from the equation for droplet flow, equation (6.25b). 

Unfortunately, core droplet concentration cannot yet be adequately 

predicted. 

However, all annular flow pressure pulse propagation velocity data 

found in this project were for low pressure, low flow conditions. For 

these conditions, droplet concentration is negligible (see e.g. the 

core void data of [6.10]), so the core propagation velocity should be 

close to, but, because of the existence of some droplets, slightly 

less than, the propagation velocity for gas flowing alone, iyP/p • g 

The data of [6.11], shown in fig. 6.5, are consistent with this. 
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CHAPTER 7 

ON THE RELATIONSHIP BETWEEN THE BOILING CRISIS AND WALL SHEAR STRESS 

7.1 Introduction 

The boiling crisis is defined here as the onset of a sufficiently 

large dry region on the flow boundary for heat transfer coefficients 

to be significantly reduced. The term 'boiling crisis' is used here 
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in preference to 'heat transfer crisis' since dry wall conditions may 

occur with no heat transfer, and since crises connected with the limit­

ing quality phenomenon [7.1] are determined by local quality rather 

than heat flux. 

The dry wall characterising the crisis may be due to the removal 

of the film region of annular flow by the combined effect of evapora­

tion, entrainment, and deposition (dryout); or to a breakdown in the 

nucleate boiling heat transfer process (departure from nucleate 

boiling, or DNB). As discussed in [7.2], other crisis mechanisms 

exist, but these are generally not relevant for nuclear engineering. 

Dryout is necessarily confined to the annular flow regime. DNB is 

usually considered as being confined to lower quality conditions. 

However, the hydrodynamic evidence presented in previous chapters of 

the applicability of the 'e' sublayer of table 3.1, i.e. of annular 

flow nucleate boiling, suggests that DNB may also occur with high 

quality annular flows. 

Experimentally, the boiling crisis is usually identified by the 

onset of a temperature transient on the heated surface during the 

quasi-stationary variation of one flow parameter (usually power) with 

other parameters (duct dimensions and geometry, heat flux profile, 

system pressure, mass flux) being kept constant. For the purpose of 

this thesis, in which emphasis is placed on stationary flows, con-



ditions where crisis temperature transients are initiated are assumed 

to be identical to those which occur at the crisis location when dry 

regions reach their equilibrium steady-state temperatures. 

7.2 Experimental Evidence of a Relationship between the 
Boiling Crisis and Wall Shear Stress 
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Examination of boiling crisis data indicates that, when plotted 

as power (or heat flux) as a function of quality, with other para­

meters being kept constant, the plots are better fitted by a series of 

connected straight lines rather than a smooth curve. For boiling 

crisis data with associated pressure loss data, the pressure loss data 

may be converted to friction factor data and interpreted in terms of 

the friction regime concept of chapter 4. A comparison of boiling 

crisis and associated friction factor plots indicates that individual 

lines on the crisis plots may be identified with specific friction 

regimes. 

An example, based on data from [7.31 and [7.41, is shown in fig. 

7.1. The predicted friction factor curves, based on equations in 

chapter 4, is also shown. The applicability range of a particular 

friction factor curve f(z,m,n) indicates the range of the (z,m,n) 

regime. It is clear from fig. 7.1 that each straight line of the 

critical heat flux plot can be identified with a particular range of 

the friction factor plot, and hence with a particular friction regime. 

The identified regime is indicated on the CHF plot for regions AB, CD 

and DE. These regimes are presumed to apply immediately upstream of 

the crisis location. 

The nucleate boiling basis of the 'e' component of the friction 

regime (e,4,0) suggests that crises within the range AB of the plot 

may be due to DNB rather than dryout. Similarly, regions CD and DE 

are interpreted as being dryout. 
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Also apparent from fig. 7.1 is the inter-connection between inter­

cepts of the various friction factor curves and the qualities at which 

individual lines on the CHF plot, extrapolated if necessary, intercept 

the quality axis. This interconnection is discussed in more detail in 

the following sections. 

7.3 The Value of x in CHF Equations of the Form~ = a(x -x) 
0 C cr--o 

7.3.1 Round tubes 

As noted, straight line regions of CHF plots for fixed flow, 

pressure and geometry, such as regions AB, CD and DE of figure 7.1 can 

be identified as being specific for a particular pre-crisis friction 

regime (z,m,n). Each line is of the form 

�~� (z,m,n) er 
a(z,m,n) (x - x (z,m,n)) er o (7.1) 

where, empirically, x (z,m,n) is the quality at which shear stresses 
0 

are equal for the pre- and post-crisis friction regimes: 

T (z,m,n) I 
W X 

= T (d,O,O) I 
W X 

(7.2) 
0 0 

An explanation for this can be made in terms of the observation, 

noted in chapter 4, that for a given flow section, mass flux, and 

pressure, the variation of adiabatic friction factor with quality 

contains no discontinuities at regime transition qualities. 

The compatibility of some adiabatic friction factors with the dry 

wall equation f(d,0,0), e.g. the higher quality adiabatic data of fig. 

7.1, indicates that some adiabatic flows may be under dry wall 

conditions even in the absence of heat flux. The shear continuity at a 

regime boundary implies that the adiabatic dryout transition quality is 

given when the wet wall shear stress equals that for dry wall condi­

tions. Adiabatic flows introduced at lower qualities will wet the 

flow boundary; but will not wet the boundary if introduced at higher 

qualities. 



Seen in the context of fig. 7.1, this means that the critical 

heat flux plot must intercept the critical quality axes (i.e. at zero 

heat flux) at a quality x (a,4,0) given by 
0 

1 ca,4,o> I 
W X = t (d,O,O) I 

W X 
0 0 

From the friction factor plot, this is about 80% quality. Flows 

introduced to the test section at this or higher qualities are under 

dryout conditions with zero heat flux. 
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Consider now the situation, for the data of fig. 7.1, which would 

occur if the higher quality pre-crisis diabatic flow friction regime, 

(b,4,0) existed at zero heat flux as well as under diabatic conditions; 

i.e. if the transition to (a,4,0) did not occur at lower heat fluxes. 

The reasoning which indicated that the CHF plot should intercept the 

quality axis at point E suggests that, in the absence of (a,4,0), it 

would intercept at x defined by 
0 

= t (d,O,O) I 
W x0 1 

i.e. at approximately 65% quality. As indicated in figure 7.1, crises 

from the (b,4,0) regime lie on a curve CD which extrapolates to the 

critical quality axis at this quality. 

The above can be generalised to indicate that, for critical heat 

flux curves for a regime (z,m,n) with the form of equation (7.1), 

x (z,m,n) is as given by equation (7.2). 
0 

All heat transfer-induced transitions to the dry wall regime occur 

at qualities less than the adiabatic dry wall regime transition quality. 

Accordingly, as well as a step rise in wall temperature occurring on 

transition, there is a step drop in wall shear t (z,m,n) - t (d,O,O). w w 

Empirically, the step change for shear and temperature both increase 

with reducing crisis quality. It is possible that the two step changes 

are related. Any such relation, if found, could assist in the formula-



tion of the coefficient a(z,m,n) required to complete equation (7.1). 

7.3.2 Complex geometries 
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The concepts described above apply equally to complex geometries. 

However, as discussed in section 4.5.5.3, complex geometry friction 

factor behaviour differs from that for round tubes, for both pre- and 

post-crisis conditions. As a consequence of the inter-relation between 

shear and crisis characteristics described in the preceding section, 

coefficients in round tube CHF equations will not apply for complex 

geometries. 

Some critical heat flux data for the central rod of an annulus 

[7.5] are shown in fig. 7.2, together with friction factor data from 

the same test section [7.5]. The higher quality friction factors, with 

negligible dependence on quality, correspond to dry rod and wet shroud 

conditions. The curves are calculated by the method described in 

section 4.5.5.3. These data are presented in a different form in fig. 

4.15. It is noted that the annulus friction factor dependence on 

quality with the rod dry differs from the dry tube dependence on 

quality as shown e.g. in fig. 7.1. 

The lower quality friction factors of fig. 7.2 correspond to pre­

crisis conditions. These friction factors also behave differently to 

round tube friction factors. The data were not described by any 

equations discussed in chapter 4, and the friction factor curves shown 

are empirical curves fitted to the data. 

It is seen from fig. 7.2 that, as with round tubes, CHF plots 

intercept the zero heat flux axis at qualities where the pre- and post­

crisis friction factors are equal. 

7.3.3 Pseudo-dryout 

As reported in section 4.5.5.2, point (iv), some post-crisis 

friction factor data agree with predicted f(d,O,O) values provided 
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predictions are calculated for a smooth tube instead of for the actual 

tube roughness. Such friction factors are lower than for calculations 

based on the actual roughness. In view of the above described depend­

ence of CHF curves on post-crisis friction factors, the CHF curves will 

depend on whether or not roughness is apparently reduced for post 

crisis conditions. 

Fig. 7.3 shows critical power data at 7 MPa and 2980 kg m-2 s-1 in 

6 mm tubes of various lengths [7.6, 7.7), together with friction 

factors calculated from equations recommended in Chapter 4. The dry 

wall friction factors have been calculated for roughness as estimated 

from information in [7.4), and for assumed zero roughness. 

Fig. 7. 3 
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The intercepts of the critical power plots on the zero power axis 

occur at a quality where f(e,4,0) = f(d,O,O, E= true E) for a 4m 

heated length, and at a quality where f(e,4,0) = f(d,O,O, s= 0) for 

the other heated lengths. Since the data for lengths ranging from 2.4 

m to 4.8 m were obtained from the same test section with power clamps 

being shifted, it must be assumed that E �~� 0 for any of the heated 

lengths. 

An interpretation of the above is that, for some post-crisis 

conditions, superheated liquid remains in the micro-crevaces between 

the roughness elements, thus presenting an apparently smoother surface 

to the turbulent core. Such post-crisis conditions correspond to 

'pseudo dryout' rather than dryout. The slow post-crisis temperature 

rise characterising 'slow burnout' [7.8] is possibly due to the 

evaporation of residual film liquid during the transition from pseudo­

dryout to dryout. 

7.4 The Role of Pre-crisis Regime Transitions 

7.4.1 The limiting quality phenomenon 

Some boiling crises are characterised by a critical or 'limiting' 

quality which is independent of heat flux. Typical limiting quality 

crisis data are shown in the region BC of fig. 7.1. 

It is postulated here that limiting quality crises are precipita­

ted by a pre-crisis regime change. The appropriate regime change in 

fig. 7.1 is from an (e,4,0) to a (b,4,0) flow, and the limiting 

quality occurs when f(e,4,0) = f(b,4,0). This is because pre-crisis 

friction regime transitions occur with no discontinuity in wall shear 

(section 4.5.5.2). In concept, each friction regime has an associated 

CHF curve, and on regime transition, the CHF limit changes dis­

continuously from one curve to the other. 

Consider exit crisis characteristics presented schematically in 
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fig. 7.4. Curve ABB' is considered as a CHF limit curve for flow 

regime (z1,m1,n1), and curve C'CD is a corresponding limit for regime 

The regime transition quality x satisfies Tr 

The regime is defined by (z1m1n1) 

at lower qualities, so ABB' is the CHF limit for x < x , i.e. over 
er Tr 

the range AB. Similarly, C'CD is valid over the region CD. Typical 

operating characteristics (1), (2) and (3) of the form 

GDA. 
4.Q, 

(7.4) 

are shown for 3 different inlet qualities. For x. 1 (curve (1)) the 
in 

crisis occurs when curve AB is reached since C'C is inapplicable as a 

limit. For x. (curve (2)), the crisis occurs at xTr· This is 
in 2 

because at xTr-' the operating characteristic is below the limit set 

by AB, but, at xTr+ it is above the limit set by CD, so a crisis is 

precipitated. For x. (curve (3)), crisis occurs when limit CD is 
in 3 

reached. In the example of fig. 7.4, then, critical heat flux curves 

in the vicinity of a (z1,m1,n1): (z2,m2,n2) regime boundary comprise 

the curve ABCD, with AB applying for (z1,m1,n1t; CD for (z2,m2,n2) 

and BC occurring at x satisfying f(z1,m1,n1) = f (z2,m2,n2). 
Tr 

(7.4) 

Fig. 7.5 compares experimental limiting qualities with those 

predicted from friction factor data. The friction factor curves are 

those recommended in Chapter 4. The experimental friction factors 

agree with the predicted curves, and the limiting qualities agree with 

the regime transition qualities obtained from the friction factor 

curves. 

Presentation of limiting quality conditions in the 
Re-We plane 

As stated above, the limiting quality condition coincides with 

boundary between two friction regimes (z1,m1,n1) and (z2,m2,n2), and 
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= f(z2,m2,n2) • (7.4) 

The limiting quality data examined in this work were all 

associated with a regime change from one with nucleate boiling 

(z1 _ e sublayer of table 3.1) to one with no nucleate boiling 

(z2 - a,b and c sublayer of table 3.1). Since these sublayer types 

define flows which depend on Weber number for the low quality regime 

and one of the three pre-crisis Reynolds numbers of table 3.1 for the 

high quality regime, equation (7.4) is equivalent to a relation 

between Weber number and the relevant Reynolds number, each defined 

for the limiting quality conditions. Limiting quality data should 

thus correlate on the Re:We plane. 

In the case of CISE data, relevant friction factor equations are 
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given in Chapter 4 as 

1 

H 
= 16 log Wef - 13.4 

(defining f(e,4,0) for the nucleate boiling regime) 

and 1 

H 
= 16 log Reb If - 40.1 

(defining f(b,4,0) for the non-boiling regime). 
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(7.5) 

(7.6) 

CISE limiting quality data should thus correlate on the Re:We 

plane with the correlating equation being obtained by eliminating f 

from the above equations. Typical CISE limiting quality data, from 

(7.9], are shown in fig. 7.6 to be consistent with this concept. Each 

point in fig. 7.6 corresponds to one limiting quality curve of the 

type shown in fig. 7.5. 

CISE limiting quality data are discussed further in appendix A26. 

Extensive limiting quality data have been obtained by Doroschuk 

et al. [7.10], who have provided tables of limiting quality conditions. 

No pressure loss data are provided to directly confirm the relation 

between shear stress and limiting quality crises. However, pressure 

drop data from comparable rigs to that used by Doroschuk (see e.g. the 

data of fig. 4.3) indicate that, due to the inlet configuration, the 

pressure loss recommendations of Chapter 4 are likely to be invalid. 

Limiting quality data from Doroschuk et al. [7.10] will thus disagree 

with the correlation of CISE data of fig. 7.6. Nevertheless, data 

should correlate on the We:Re plane. 

Figures 7.7 and 7.8 confirm this. The lower pressure data of 

[7.10] correlate using a Reynolds number type - see table 3.1 -

suggesting no film bubbles for the non-boiling regime (fig. 7.7), and 

the higher quality data (fig. 7.8) correlate using a Reynolds number 

indicating the presence of film bubbles. 
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Fig. 7.6 Comparison of CISE limiting quality data [7.9] with 
predictions based on friction factors equations 

7.4.2 Minima in exit crisis characteristics 

In conditions of very high mass flow [7.11-7.15], or if test 
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sections contain swirl devices [7.15-7.18], minima may occur in plots 

of CHF against critical quality. As with the limiting quality 

phenomenon, these minima may be explained in terms of a friction regime 

transition which produces a step change in CHF limits. A step 

reduction with increasing quality produces the limiting quality 

phenomenon; a step increase produces minima in the total character-

istics. 

This can be seen by considering the heat transfer characteristic 

shown schematically in fig. 7.9 for a given mass flow in a given 

heated test section. ABB' represents a CHF limit curve for a friction 

regime which exists at qualities less than the regime transition 

quality xTr' so is only valid over the region AB. C'CC"D represents a 

CHF limit curve for a regime which exists for qualities greater than 
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x , so is valid over the region CC"D. Curves (1), (2) and (3) are Tr 

typical operating characteristics 
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= GDA 
4t 

(X - X, ) 
in 

( 7. 5) 

for three different inlet qualities x. , x. , x. 
1.n1 1.n2 1.n3 

A crisis 

occurs at conditions where the operating characteristic intercepts the 

appropriate CHF limit. Thus, for x. a crisis will occur at a heat 
1.n1 

flux where curve (1) intercepts AB, i.e. at x 
cr1 

Similarly for x. 
1.n3 

the critical quality for x. is x , where CC"D is intercepted by 
1.n3 cr3 

curve (3), not where it intercepts BB' since this is not applicable 

for x > x . For x. , curve (2) intercepts AB at xTr-, so crisis 
Tr l.n2 

conditions are at this point, but at x. +, curve 3 intercepts ABB' 
1.n2 

where it no longer applies, and crisis conditions are instead at C" 

where curve (3) intercepts C'CC"D. Although C'CC"D is valid for 

x > xTr' region CC" of the valid range can never be achieved. The 

overall result is a critical heat flux curve ABC"D. 

(1) 

x. 
1.n1 

Fig. 7.9 

C' '..._ ... 

x. x. 1.n2 1.n 3 

I 
1--+ 
I 
I 

D 

X 

Schematic of CHF plots in the vicinity of a(z1,m1,n1): 
(z2 ,m2 ,n2) regime transition, �~� (z1 ,m1 ,n1) I < 

er wTr 
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The above description is idealised, and in reality the step change 

from B to C" in fig. 7.10 occurs as a smoother transition. 

The quality at which the minimum occurs is due to the same regime 

transition which precipitates limiting quality crises if there is a 

step reduction (instead of increase) in CHF on regime change, so 

conditions at which CHF minima occur should also correlate on the 

Re:We plane. 

Reynolds number is plotted against Weber number in fig. 7.10 

for conditions where minima occur in exit crisis characteristic:sfor the 

swirl flow CHF data of [7.18]. In accordance with the above paragraph, 

the data are correlated by the same equation which correlated the fig. 

7.6 limiting quality data from the same laboratory~ 

7.4.3 Upstream crises 

For uniformly heated tubes, the boiling crisis generally occurs at 

the highest quality region at the exit. Exceptions occur with 

sufficiently high mass fluxes, where crisis onset may occur upstream of 

the exit [7.11-7.15]. For steady crisis conditions, the heated 

surface at the higher quality region downstream of the crisis may 

remain wetted. 

This phenomena can be explained in terms of concepts of section 

7.4.2, describing minima in the exit CHF curves, being generalised to 

each point in the heated section. The reasoning of section 7.4.2 

suggests that for some conditions, a CHF minimum occurs at xTr' the 

regime change quality, for each point in the test section. For a 

heated test section with given flow and inlet quality, and with exit 

quality larger than xTr' further heating may produce a crisis at the 

position where the quality is xTr before exit crisis conditions are 

reached. 

If this is so, upstream crises should also occur at the transition 

* The different Reynolds number form reflects swirl-induced mixing -
see section 4.5.5.2, point (iii). 
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quality xTr' and so conditions at upstream crises should also 

correlate on the We:Re plane. No data source [7.11-7.15] contained 

sufficient upstream crisis data to test this. (As with the limiting 

quality data of figs. 7.6 - 7.8, data from different sources may 

correlate differently on the We:Re plane.) 
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However, a partial test of the hypothesis can be made. The 

proposed explanation of upstream crises implies that they should occur 

at the same quality where a minimum occurs in plots of exit critical 

heat flux. This follows since both qualities are identified with a 

regime transition quality xTr· Figure 7.10, from [7.13], demonstrates 

that many upstream crises do in fact occur at qualities close to that 

where a minimum occurs in the exit characteristics. Those data of fig. 
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7.10 which do not conform to the pattern - the higher quality upstream 

crises for 5400 and 6800 kg m-2 s-1 - were obtained with inlet 

qualities larger than that where this minimum occurred, thus excluding 

the possibility of upstream crises occurring at this quality. 
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CHAPTER 8 

SOME ASPECTS OF TWO-PHASE HEAT TRANSFER 

This chapter considers heat transfer processes for the special 

cases of (a) nucleate boiling for 'e'-type friction regimes, and 
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(b) dry wall droplet flows. On the basis of the friction factor data 

analysis of Chapter 4, 'e' friction regimes can be associated with 

nucleate boiling annular flows, and dry wall droplet flows with post-

crisis conditions. 

The analysis of this chapter is based mainly on heat transfer data 

from [8.1). These data were considered in detail because simultaneous-

ly obtained pressure drop data [8.2) could be used to establish the 

appropriate friction regime. Some of the pressure loss data are 

presented in figures 4.12 and 7.5. The data of [8.1) are for the inlet 

and exit of heated tubes of 9 mm and 5 mm diameter with two-phase inlet 

conditions. The pressure was 7 MPa, the mass flux ranged from 1100 to 

-1 s ; the quality range was from zero to near unity; and 

the heat flux varied from near zero to well beyond the boiling crisis 

heat flux. 

8.1 Overview of Heat Transfer Behaviour 

On the basis of the data of [8.1), heat transfer behaviour for 

nucleate boiling annular flows and for dry wall droplet flows can be 

subdivided into several sharply delineated and distinct heat transfer 

regimes. These are shown schematically in figure 8.1, which demon­

strates typical exit heat transfer behaviour as heat flux is varied 

for a given tube with fixed mass flow, inlet quality, and pressure. 

consider the behaviour as heat flux is increased from zero to well 

beyond the boiling crisis heat flux, and then reduced; 

At low heat fluxes, there is a nearly linear variation between heat 
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flux and wall superheat (region AB of figure 8.1). Heat transfer 

coefficient varies with heat flux, mass flux, tube diameter, and flow 

quality. This low heat flux behaviour is considered in more detail in 

section 8.2.1. 

With increasing heat flux, the heat transfer coefficient loses 

its dependence on mass flux, quality, and tube diameter. Behaviour 

changes so that the heat flux varies approximately as the cube of the 

wall superheat (region BC of figure 8.1). This heat transfer behaviour 

is discussed in section 8.2.2. 

When the heat flux is increased to within about 5% of the boiling 

crisis heat flux, there is often an abrupt improvement of heat trans­

fer, typically by a factor of 2 (CD on figure 8.1). On the basis of 

data of [8.1] and [8.2], this temperature drop-down occurs if and only 

if associated pressure loss data indicate attached wall bubble 'rough­

ness'; i.e. if and only if nucleate boiling occurs in the approach to 

the boiling crisis. Although the pre-crisis temperature dropdown 

phenomenon has been reported by various authors (e.g. [8.1], [8.3-8.6]), 

it is not described in current texts on two-phase phenomena. The 

existence of the phenomenon may not be widely recognised since boiling 

crises are often detected without recourse to temperature measurements. 

Moreover, when wall temperatures are measured, temperature scales in 

boiling crisis experiments are often adjusted to accommodate large 

changes in wall temperature, so small scale pre-crisis temperature 

changes may not be noticed. 

The heat transfer at the minimum temperature of the pre-crisis 

wall temperature drop (point Din figure 8.1) is such that the heat 

flux varies approximately as the square of the wall superheat, with 

heat transfer being independent of mass flux, diameter, and flow 

quality. Heat transfer at this condition is discussed in section8.2.3. 



Heat transfer beyond the boiling crisis (EE'F in figure 8.1) is 

discussed in section 8.3. In the case of 'slow' crises - see section 

7.3.3 - post-crisis temperatures may be lower than for 'fast' crises, 

and characteristics follow DE'F rather than DEE'F (figure 8.1). As 

discussed in section 8.3, post-crisis conditions for slow crises are 

believed here to be not true dryout. 'Pseudo-dryout' heat transfer 

(section DE' of figure 8.1) is discussed briefly in section 8.3.2. 
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On reducing heat flux, a hysteresis occurs below the critical heat 

flux, with the return path being DG rather than DCBA. Heat transfer on 

this return path appears identical to that at the temperature dropdown 

(point D) and is discussed in section 8.2.3 together with heat transfer 

at the temperature drop. 

8.2 Heat Transfer for Convective Boiling Annular Flows 

Several components of nucleate boiling heat transfer have been 

identified [8.7]. Most are associated with bubble nucleation 

frequency, and can be neglected for low frequencies. We conclude that 

nucleation frequencies are low for conditions considered here since the 

section 3.6.3 model for 'e' sublayer flows, which was shown to be 

satisfactory in sections 3.8, 4.5.1 and 5.3, is based on the concept 

of surface tension forces opposing wall bubble departure, whereas 

Cooper [8.8] has demonstrated that surface tension assists bubble 

departure for rapidly growing, high nucleation frequency bubbles. 

Accordingly, we consider only two components of annular flow 

nucleate boiling heat transfer: firstly, conductive heat transfer to 

the single phase region on the wetted bare surface, �~� d' and · con 

secondly, heat transfer by continuous evaporation (e.) from a liquid 

microlayer at the root of the bubble, while the bubbles are still attached 

to the wall, together with corresponding condensation (c.) at the top 

of the bubble,~ The role of these two components is considered 
e.c. 
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in the following subsections. 

8.2.1 Heat transfer at low heat fluxes 

Nucleate boiling heat transfer is modelled here by a method out­

lined in figure 8.2. Wall bubbles are considered as truncated spheres 

of diameter d, the bases of which consist of evaporating microlayers. 

The evaporating microlayer of each wall bubble is replenished by liquid 

mass flow rate Mi. This mass flow is made up of Mic' a contribution 

from the turbulent core, and a recirculating component due to condensa­

tion at the bubble top, Mir· The component Mtc contributes to the 

growth of the bubble. It is assumed that the fraction of liquid flow­

ing to the bubble microlayer from the turbulent core is constant l/a1, 

i.e. 
. . 
M0 /M 

�~� ic = (8.1) 

The evaporation-condensation component of the heat flux,~ is e.c. 

assumed to be uniform over the projected area'\, of the bubble and its 

recirculating liquid. The sum total of such areas constitutes a 

fraction a of the total heat transfer area. Heat flux due to conduc-s 

tion, �~� d' occurs over the fraction (1-a) of the surface not direct-con s 

ly affected by nucleating wall bubbles. The heat flux is then 

= a �~� + (1-a) �~� s e.c. s cond (8.2) 

The wall temperature is T. Liquid superheat is assumed to be w 

confined to the near-wall viscous-dominated sublayer. From the 

analysis of appendix A28, this region extends to the outer 

edge of the bubble layer, i.e. to distanced from the wall. 

Consider first the contribution~ due to microlayer evapora-e.c. 

tion and subsequent partial condensation at the top of wall bubbles. 

The heat transferred by evaporation and condensation is equal to the 

heat required to raise the liquid flow Mt from saturation temperature 

Ts to the wall temperature Tw: 
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<t>e.c. �~� = (8. 3) 

The net evaporation is due to the liquid flow from the core, Mic· 

The heat required to vaporise this is that which is applied to that 

part of the surface which can be associated with the bubble, i.e. to 

= 

From equations (8.1), (8.3) and (8.4) 

q, = e.c. al CO (T -T) q,/(A a) I p~ w s s 

where a1 is a constant larger than one. 

The contribution due to conduction through the liquid region 

between bubbles is 

q,cond = k,Q, dT/dy 

k 0 (T -T ) /d 
�~� w s 

(8.4) 

(8. 5) 

(8.6) 

An ensemble average of this contains a mean inverse diameter which 

is proportional to the bubble breakaway diameter dd. As described in 

section 3.6.3, this diameter is given by dd oc o/Tw' or 

d /Doc (We f)- 1• 
d 

The mean contribution to conduction is then 

q,cond 

where a2 is constant. The bar denoting the ensemble average will 

henceforth be omitted for simplicity. 

From equations (8.2), (8.5) and (8.8) the total heat transfer 

coefficient h = q,/(T -T) is w s 

h = al q, C £IA + (1-a ) a2 k,Q, Wef/D, 
p s 

or Nu = a1 Pr£ q, D/(µ,Q,A) + a2 (1-as) Wef, 

where Nu = h D/k,Q, is the Nusselt number. 

(8. 7) 

(8. 8) 

(8.9a) 

(8.9b) 



If it is further assumed that~ is constant, equations (8.9) 
s 

become 
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h = (8.10a) 

or Nu (8.10b) 

with a1 and a3 being constants to be determined empirically. Because 

the friction factor/Weber number relation depends on friction regime, 

the Nusselt number variations will also vary with friction regime. 

Equations(8.10) predict a linear variation of heat transfer 

coefficient with heat flux for constant Weber number; and, because 

friction factor varies with Weber number only for 'e' sublayer flows, 

a dependence of Nusselt number on only Weber number at sufficiently low 

heat fluxes. The inlet heat transfer data of [8.1] are suitable for 

testing this since the experiments described there were performed in 

groups with constant mass flux and inlet quality, i.e. constant inlet 

Weber number. The data analysed from [8.1] are confined to those data 

where associated pressure drop data [8.2] agree with the (e,4,0) 

friction factor curve. 

Typical inlet data of [8.1] are shown in figure (8.3). These 

data support the predicted linear variation with heat flux. Also shown 

is the change of characteristic with increasing heat flux to one 

independent of Weber number, as discussed in section 8.1. 

The coefficient a1 of equation (8.10) is determined from the 

slope of the lines of figure (8.3) and similar figures. Although 

assumed to be constant, the data of [8.1] indicates that it is only 

approximately so, and in fact varies to a small extent with mass flux, 

tube diameter, and distance from the heated section inlet, in an as 

yet undetermined manner. However, the data of [8.1] indicate that an 

assumed constant value of a1 as 7.7 is reasonable. 
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The predicted low heat flux dependence on Weber number may be 

assessed by plotting the figure 8.3 heat transfer coefficient inter­

cepts on the zero heat flux axis as a function of Weber number. Low 
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heat flux Nusselt numbers so determined from figure 8.3 and similar 

figures are shown in figure 8.4. The predicted dependence is one 

proportional to the function Wef (e,4,0). Although a slight dependence 

on tube diameter is apparent, the data are adequately described by the 

equation 

= 11.0 We f(e,4,0), (8.11) 

which is shown as a dotted curve in figure 8.4. A better correlating 

curve is 

= 15 7 W 0.4 
. e , (8.12) 

which is shown as a solid line in the figure. 

From the above, the inlet (e,4,0) heat transfer data of [8.1] are 

adequately described by 

Nu (e,4,0) 0.4 7 �~� / , 15.7 We + .7 Pri o/D µiA· (8.13) 

This is compared with low heat flux exit (e,4,0) data of [8.1] in 

figures 8.5 and 8.6. The data are adequately described by the correla­

tion. Errors are largely due to neglect of the variations of the 

coefficient a1 of equation (8.10) with mass flux and downstream 

position. 

The above data analysis indicates that the model leading to 

equations (8.10), although qualitatively correct, is only partially in 

accord with the data analysed. Nevertheless, the data analysed are 

sufficiently consistent with the model to indicate that the predicted 

dependence on friction regime is valid. This indicates that equation 

(8.13), which is an adaptation of the predicted form in equation 

(8.10b), should only apply to low heat flux (e,4,0) flows. 
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8.2.2 Heat transfer at moderate heat fluxes 

As discussed in section 8.1, increasing heat flux induces a change 

of behaviour from one where heat transfer depends on Weber number, as 

discussed in section 8.2.1, to one with no dependence on Weber number. 

The change is apparent in the data shown in figure 8.3. Corresponding 

pressure drop data (8.2] indicate that the change in heat transfer 

characteristics is not accompanied by a corresponding change in 

friction factor characteristics. The wall bubbles therefore remain 

unchanged from a hydrodynamic viewpoint. 

The dependence of heat transfer on Weber number, as developed in 

the model of section 8.2.1, arose from conduction of heat in the liquid 

between bubbles. The lack of dependence on Weber number at higher heat 

fluxes suggests that this contribution becomes negligible. 

It is hypothesised here that the behaviour results from an 

increase in nucleation sites with increasing heat flux. This reduces 

the fraction (1-as) of boundary layer liquid not affected by nucleating 

bubbles. According to the model of section 8.2.1, the contribution due 

to conduction will disappear when (1-a) becomes zero. At this stage, s 

heat transfer will be predominantly due to~ , i.e. to bubble e.c. 

microlayer evaporation together with condensation at the top of 

bubbles. However, with sufficient nucleation sites, nucleating 

bubbles become sufficiently close for the liquid flow Mi, which 

replenishes the evaporating microlayer, to be restricted. This, it is 

envisaged, causes incomplete replenishment of the microlayer, and heat 

transfer changes from that described in section 8.2.1 to one for 

bubbles with depleting microlayers. 

The experiments of Judd and Hwang (8.9] indicate that, for pool 

boiling, microlayer evaporation heat transfer for bubble with depleting 

microlayers follows a~ - (T -T ) 2· 5 relation instead of the e.c. w s 



h - �~� found in section 8.3.1. A similar power relation can there-e.c. 

fore be expected for flow boiling. 

Examination of the intermediate heat flux (e,4,0) data of [8.1] 

shows that the total heat transfer behaviour is similar to the micro-

layer evaporation component of pool boiling heat transfer described 

above. The data are close to 

= 3 a (T -T) 
w s 
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with 'a' being independent of diameter, mass flux, quality and distance 

from the inlet of the heated tube. This is qualitatively consistent 

with the~ model of section 8.2.1, which indicated that the micro-e.c. 

layer evaporation heat transfer coefficient is a function only of heat 

flux and fluid physical properties. 

Some typical data of [8.1] are shown in figure 8.7 in the form of 

heat transfer coefficient versus heat flux. Also shown is the forced 

convective nucleate boiling correlation of Alediev et al. [8.10]: 

6T 
s = [ 39.2 - 0.1 T ] (~/106) 0.3, 

s 
(8.14) 

The close agreement is noted. Equation (8.14) is also compared with 

some intermediate heat transfer data in figure 8.3. 

No theoretical dependence on friction regime is predicted, so 

equation (8.14) is expected to apply to all developed nucleate boiling 

heat transfer at moderate heat fluxes. 

It might be expected that the above explanation for intermediate 

heat flux heat transfer behaviour implies a change in friction 

behaviour because of the suggested increase in wall nucleation sites, 

i.e. in 'roughness' elements. As noted, no change in friction 

characteristics is apparent for the data of [8.2]. Nevertheless, the 

hypothesis is compatible with roughened wall shear studies surveyed in 

[8.4]. In that work, it was shown that friction was independent of 
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roughness density for regular roughness shapes if the fraction of the 

surface covered by roughness elements was in the range 15% to 60%. 

8.2.3 Heat transfer near the boiling crisis: Temperature 
dropdown and hysteresis 
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In section 8.2.2, the change of heat transfer behaviour at low 

heat fluxes to that at moderate heat fluxes was explained as being due 

to the liquid flow replenishing evaporating bubble microlayers becoming 

restricted. The heat transfer behaviour in the vicinity of the boiling 

crisis can be explained by extending this concept. It is postulated 

that, with increasing heat flux, the liquid flow replenishing micro­

layer evaporation becomes sufficiently restricted to prevent complete 

evaporation of the bubble microlayer. The abrupt change in heat trans-

fer near the boiling crisis (point Din figure 8.1) occurs when micro­

layers disappear. Consequences of this are as follows: 

(i) Vapour within attached wall bubbles comes into contact 

with the heated wall, and consequently reaches higher temperatures 

than existed before complete microlayer evaporation; 

(ii) As described in chapter 2 of [8.7], equilibrium bubble size 

decreases with vapour superheat. The higher vapour temperature allows 

bubbles to reach their equilibrium size before they are large enough to 

be sheared from the heated surface; and 

(iii) With no liquid flow replenishing microlayer evaporation, 

the contribution~ of sections 8.2.1 and 8.2.2 becomes zero. 
e.c. 

Moreover, conduction through the liquid is no longer inhibited so heat 

transfer reverts to a conduction mechanism through the liquid between 

bubbles, with a small contribution to conduction through the wall 

bubbles. 

It is noted that wall bubbles so postulated remain static, so 

further nucleation is prevented. 

As noted in section 8.1, a hysteresis occurs in the heat flux 
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cycle once the temperature dropdown occurs. The present model suggests 

that this is because, with no liquid flow to replenish bubble micro-

layers, the microlayers, once removed, cannot reform, and the conduc-

tion-only process at the temperature dropdown will persist with 

reducing heat flux. When the heat flux is sufficiently low for micro­

layer-free bubbles to become large enough to be sheared from the wall, 

the heat transfer process will revert to that described in section 

8.2.1 or 8.2.2. 

Since the temperature dropdown occurs near the boiling crisis, it 

is assumed that wall bubbles at the dropdown condition are arranged in 

a close-packed hexagonal array. The heat transfer at the temperature 

dropdown condition is depicted schematically in figure 8.8. 

In considering quantitative consequences of the model outlined 

above, it is further assumed that, on microlayer evaporation, the wall­

bubble vapour reaches thermal equilibrium with the surrounding liquid, 

i.e. the vapour temperature Tg also varies with distance from the wall. 

T 
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w 
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Adapting equation (2.2.6) of [8.7], the principle radii of curvature 

R1 and R2 of wall bubbles will thus also vary with distance from the 

wall according to 

1 1 - 1 
(- + -) 
Rl R2 

= 
T 

CJ s 
�~� T (y) - T 

g g s 

For convenience, a sphere is assumed for the 

wall bubble shape. The radius is taken to be that which would occur 

if the vapour temperature was uniform at the mean bubble vapour 

1 
temperature T + - (T -T ). From the above equation, the diameter d s 2 w s 

of the assumed spherical bubbles is then 
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d 
D = Bo 

>..p D 
g 

T * s 
T -T 

w s 
(8.15) 

Considering thermal conduction through the bubble layer, 

= [(1-a (y)) kt + a(y) kg] dT/dy, ( 8 .16) 

where, from simple geometric considerations, 

a (y) = (8.17) 

In the above, the origin for y is at distance d/2 from the wall. 

The temperature profile is obtained by substituting equation (8.17) 

into (8.16) and integrating from the wall to distance y. The integra­

tion is cumbersome, but is simplified if the contribution to heat 

transfer via conductivity through the vapour is neglected. Since 

kg << kt except at high relative pressures, it is assumed that kg/kt �~� 0. 

Performing the integration with this assumption, 

-1 
6.8834 (tan 6.2426 y/d + 1.2607) ~/kt. (8.18) 

* It is interesting that the dimensionless group o/(>..p D), which 
appears in the present heat transfer analysis only ig the approach 
to the boiling crisis, is a significant dimensionless group in the 
Green boiling crisis correlation [8.12]. 



As with the analysis of sections (8.2.1) and (8.2.2) it is 

assumed that the temperature at the top of the bubble is T. From 
s 

equation (8.18) with y = d/2, 
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T -T 
w s 

d 17.3564 (j>/kQ, (8 .19) 

From equations (8.15), and (8.19), 

(8.20) 

which predicts the heat flux:wall superheat relation at the pre-crisis 

temperature dropdown and for the subsequent reverse cycle of the hyster­

esis loop on reducing heat flux. 

Observations of the boiling crisis [8.5) reveal the growth of a 

froth layer at the wall at the crisis onset. If the analysis leading 

to equation (8.20) is adapted to allow heat transfer through an ordered 

packed bubble layer N bubbles deep, the relation becomes 

= 
>..p 

0.0288 k __!I (T -T ) 2 • 
N Q,crT ws (8. 21) 

s 

Although several references were found reporting pre-crisis wall 

superheat reductions, only three [8.1, 8.3, 8.4) reported heat transfer 

data at the reductions of wall superheat. One of these [8.1) also 

reported heat transfer data covering the reverse half-cycle of the 

hysteresis loop. 

Plots of the data show an independence of heat transfer on mass 

flux, diameter, and quality, but a dependence on coolant type and system 

pressure.These trends are consistent with equation (8.21). The data 

follow a (j>:(T -T ) 2 trend, also consistent with equation (8.21). w s 

Considerable scatter are exhibited in the data. This scatter is 

consistent with non-unique N for equation 8.21, and suitable low 

integer number choices of N provides good agreement between the data 
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and equation (8.21). Within the framework of the model, this indicates 

a wall bubble layer of arbitrary thickness in the vicinity of the 

boiling crisis. 

The data of [8.1, 8.3, 8.4] at the temperature dropdown and for 

the reverse half-cycle of the hysteresis loop are compared with 

equation (8.21) in figures (8.9 - 8.13). It is seen that, although the 

data cover a range of fluid type and flow conditions, they are 

compatible with equation (8.21) for non-fixed integer N, representing 

the thickness of the attached wall bubble layer in units of individual 

bubble diameters. 

Two additional references [8.6, 8.13] were found which reported 

pre-crisis wall temperature drops and which presented heat transfer 

coefficient data. It is not clear whether the data reported are for 

the forward or reverse half-cycles of the hysteresis loop. However, 

the texts of [8.6, 8.13] indicate that much of the data were obtained 

after crisis conditions were determined. Thus, much of the data should 

apply to the reverse half-cycle of the hysteresis loop and so should 

agree with equation (8.21). Typical of the data, from [8.13], are 

compared with the equation in figure 8.14. As with the data of 

figures (8.9 - 8.13), suitable integer choice of N produces reasonable 

agreement between equation 8.21 and the data. 
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8.3 Post-crisis Heat Transfer 

8.3.1 Dry wall heat transfer 

8.3.1.1 Nusselt number prediction 
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For post-crisis droplet flows, the assumption that turbulence is 

confined to the gas phase was found satisfactory in the hydrodynamic 

analysis of sections 3.6.1 and 4.1. This assumption, together with 

that of a gas-only sublayer, implies that standard single phase flow 

heat transfer theory can be extended to yield an expression for drop­

let flow heat transfer. The Prandtl-Taylor modification of Reynolds 

analogy - see e.g. section 21.4 of [8.14] - is adapted in this section 

to yield an expression for post-crisis Nusselt number. 

In chapter 3, momentum transport was assumed to be dominated by 

turbulent processes. In terms of eddy diffusivity of momentum, EM, 

this leads to 

j(y) - jo = (8. 22) 

where cS refers to the edge of the turbulent core and is specified in 

+ Prandtl's mixing-length theory by cS = 11.8. 

Chapter 3 used a mixing-length approach rather than an eddy 

diffusivity approach. The equivalence of the eddy diffusivity approach 

to that described in chapter 3 is demonstrated by assuming, for 

equation 8.22, T �~� T (as in chapter 3) and E =Ky ITlP. w w 
These 

assumptions reduce equation 8.22 to equation 3.15, derived earlier 

from mixing-length concepts. 

The thermal analogue of equation (8.22) is 

T(y) - T0 (8.23) 

where EH is the eddy diffusivity of heat, and T defines a void-weighted 
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local temperature: T = Tg a+ Ti (1-a). 

Assuming T �~� T , and$~$ , and, applying Reynolds analogy, i.e. w w 

also assuming £H = £M, equations (8.22) and (8.23) reduce to 

= 
(Tw - T(y)) - (Tw - T0) 

j(y> - jo 
(8.24a) 

For later purposes, it is convenient to introduce the cross­

section averaged version of equation (8.24a): 

$w (T - <T>) - (T - T ) 
w w 0 

(8.24b) = 
T C <j> - jo wp 

and equation (8.24a) considered for centreline values: 

$w (T - T ) - (T - To) w C w 
(8.24c) = 

T C jc - j 
wp 0 

Since the sublayer is assumed to be gas-only, 

T = µg jo/o w 

and $w = k (T - T0)/o, 
g w 

$w k (T - T ) 
_9. w 0 (8.25) so = 

T µg jo w 

Eliminating (Tw - T0) from equations (8.24b) and (8.25), 

$w T - <T> jo µlpg -1 
w (1 - 1)) = +-- ( k 

T C <j> <j> 
wp g 

(8. 26a) 

Similarly, equations (8.24c) and (8. 25) produce 

$w T - T jo µ C -1 
w C (1 ( g pg - 1)) = 

jc 
+-

T C Jc k 
wp g 

(8.26b) 

Since j; = 11.8, equation (8.26a) rearranges to 

Nu = 
f(d) Re(d) Pr 

2 g 
(8.27) 

1 + 11.B~f~d) (Prg - 1) 



where f(d) and Re(d) are dry wall friction factor and Reynolds number 

and are as defined in table (3.1): 
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f (d) = 

Re(d) = 

and Nu = 

Pr = g 

'w/(½ Pg <j>2), 

p <j> D/µ 
g g 

<j> D/[k w g (T -<T>), 
w 

µ C /k 
g pg g 

(8. 28) 

(8. 29) 

(8.30) 

(8. 31) 

Over the range of conditions of interest to reactor engineering, 

the predictions of equation (8.27) are similar to those of 

Nu = 0.023 (Re(d))0 · 8 (Pr ) 0 •4 , 
g 

(8.32) 

which is of the form of the single-phase Dittus-Boelter equation. The 

similarity is demonstrated in fig. 8.15, which compares predictions of 

the two equations for a pertinent range of Reynolds numbers and for two 

pressures which represent the upper and lower limits of common reactor 

operating pressures. 

In view of the similarity of predictions of equations (8.27) and 

(8.32), and the simplicity of equation (8.32), predictions based on 

equation (8.32) are regarded here as equivalent to those based on 

equation (8.27) developed from Reynolds analogy. 

The predictive method developed here is thus similar to that of 

Dougall and Rohsenow [8 .15], who proposed the extension of the Dittus­

Boelter equation to post-crisis flows. However, a significant differ­

ence between the Dougall-Rohsenow and the proposed methods exists: 

although the Dougall-Rohsenow definition of Reynolds and Prandtl numbers 

for use in equation (8.32) are identical to those proposed here, their 

Nusselt number is based on T -T, whereas that which evolved from the 
w s 

above analysis involves T -<T>. Wall temperature predicted using the 
w 

proposed method will thus be somewhat larger than those predicted by 

the Dougall-Rohsenow method. 
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<T> is usually unknown and is therefore an unsuitable reference 

temperature for the wall temperature T. A more useful (and usual) 
w 

reference temperature is the saturation temperature T. A method of 
s 

converting T -<T> values, as obtained by the proposed method, to 
w 

values of T -T, is given below. 
w s 

8.3.1.2 The heat transfer analogue of the drift 
flux equation 

A relation between (T - <T>) and (T - T) is needed in order w w s 

that the heat transfer coefficient equations of the previous section 

may be referenced to the saturation temperature T. Such a relation 
s 

may be obtained from a heat transfer analogue of the hydrodynamic 
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analysis of section 5.1, which led to the drift-flux relations between 

mean phasic velocities and mean velocity. The analysis below parallels 

that of section 5.1. Highlights of the analogue between the thermal 

and hydrodynamic analyses are summarised at the end of the development 

of the relevant thermal equations. 

The relation between <T> and T reflects thermal non-equilibrium, 
s 

i.e. the fact that Tg fa TR,. A local non-equilibrium parametero is 

defined by 

= T - T 
R, 

(8.33) 

where T is the local mixture temperature Tga + TR, (1-a). From equation 

(8. 33), 

(1-a) 

applies at each point in the flow. 

(T - T) + (1-a)o 
w 

(8.34) 

The mean liquid temperature, weighted according to the liquid 

distribution, is defined by 

e i = <(1-a) T R, >/<1-a>. (8.35) 

Averaging equation (8. 34) over the flow section produces 

T - e i = CT (T -<T>) + !:::., 
w w 

(8.36) 
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which is the thermal analogue of the drift-flux equations of section 

5.1. In this equation, CT is the thermal distribution parameter: 

<(1-ct) (T -T)> 
w = <1-ct> <T -T> 
w 

and 6 is the liquid-fraction-weighted non-equilibrium: 

<(1-ct)o >/<1-ct> . 

The parameter 6 will be referred to as 'dis-equilibrium' to 

distinguish it between the local 'non-equilibrium' parameter o. 

(8. 37) 

(8. 38) 

In order to obtain an equation for the thermal distribution 

parameter CT, it is now assumed that droplets are confined to the 

flatter part of the temperature profile, where the temperature is 

close to the centreline value T. Equation (8.37) then reduces to 
C 

(T -T )/(T -<T>). 
W C W 

Using equations (8.26a) and (8.26b) and the fact that j; = 11.8, 

this becomes 

C 
T = 

j (1 + 11.8 ff(d,0,0)/2 (Pr -1) (<j>/j )) 
C g C 

<j> (1 + 11.8 ff(d,0,0)/2 (Pr -1)) g 

(8.37a) 

where f(d,O,O) is the dry-wall friction factor 2T /(G<j>) related to 
w 

the dry-wall Reynolds number p ;<j> D/µ by Colebrook's equation (see g g 

table 3.1,section 3.9, and table 4.1). 

from equation (5.16): 

The ratio j /<j> is obtained 
m 

. /<'> 
Jc J = C go 

1 + 2.6 ff(d,O,O (5.16) 

Eliminating j /<j> and lf(d,O,O) from equation (8.37a) and (5.16) 
C 

produces a relation between CT and ego 

C 
T = 

C + 3.21 (Pr -l)(C -1) go g go 
1 + 3 .21 (Pr -1) (C -1) g go 

(8.37b) 

For most flows of interest, this leads to C �~� C • From equation 
T go 

(5.16), this has a value of approximately 1.15 for typical flows. 



As noted, the above analysis parallels exactly that of section 

5.1. Table 8.1 summarises the analogous parameters of the hydraulic 

and thermal analyses. Note that just as differences in bulk phase 

velocities may exist, even in the absence of local drift (i.e. 
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vd = Vd = 0), because the distributed phase is concentrated in the 

faster moving region (ego~ 1), so differences in bulk phase tempera­

ture may exist, even in the absence of local phase differences 

(o = �~� = 0), because the droplets concentrate in the cooler regions of 

the flow (CT �~� 1). 

Existing thermal analyses allowing for bulk thermal non-equili­

brium, as typified by [8.16], do so only through local non-equilibrium 

effects. In terms of the present analysis, these analyses assume CT 

to be unity but disequilibrium~ is allowed for. An expression for~ 

has not been achieved in this work. However, just as the local drift 

velocity vd becomes negligible at higher velocities, and hydrodynamic 

behaviour is dominated by distribution effects, distribution effects 

may dominate thermal behaviour at high wall superheats, i.e. non­

equilibrium effects due to~ may be negligible. Of necessity, later 

data analysis (section 8.3.1.3) is performed assuming bulk phase 

temperature differences to be due to distribution effects only, with 

no contribution from the local thermal non-equilibrium parameter~-

In order to relate <T> and T, it is further assumed that droplets s 

are at saturation temperature, i.e. 8t = 

becomes 

T - T w s 

T • s Equation (8.36) then 

(8.36a) 

As noted, Nusselt number evaluation provides predictions of T - <T>. w 

This can be converted to prediction of (T -T) through equation (8.36a) 
w s 

if suitable value of CT and~ are incorporated into this equation. 



Table 8.1 Analogues between some thermal and hydrodynamic 
parameters relating phasic differences for dry wall droplet flows 

Parameter Type Hydrodynamic Parameter Thermal Parameter 

1. Local phase Local drift velocity Local non-equilibrium 
difference 

vd = ut - j 0 = T - T t 

2. Mean phase Drift flux Dis-equilibrium 
difference 

V = <(1-a.) d vd >/<1-a.> 6 = <C1-a.)o>/<1-a.> 

3. Mean liquid Mean liquid velocity Mean liquid temperature 
value 

= <u (1-a.)>/<1-a.> 8 = <T (1-a.)>/<l-a.> 
t t t 

<(1-a.)j> < (1-a.) (T -T) > 
4. Parameter C = <1-a.><j> 

w 
go C = 

for phase and T <1-a.> <T -T> 
w 

velocity or = 1 + 2.6 if(d,O,O) /f(d,O,O) temperature - 1 + 2.6 

distribution (see equation 8.37b) 
effects 

Equation 
<u (1-a.)> 

5. ·' t <j> + vd et = CT (T - <T>) + 6 = ego relating bulk <1-a.> w 

parameters 
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8.3.1.3 Flow quality prediction 

The analysis of sections 8.3.1.1 and 8.3.1.2 provide equations 

relevant to the prediction of post-crisis wall temperatures. However, 

the dry wall droplet Reynolds number of the analysis, Re(d), depends 

on the quality: 

Re(d) = p <j>D/µ 
g g = G[(l-x) p /p 0 + x] D/µ 

g N g 

For pre-crisis flows, the quality is generally obtained from the 

energy equation with saturation properties being assumed. The 

* 'equilibrium quality' x so obtained will be inappropriate to the eq 

present post-crisis analysis, since, although liquid is assumed to be 

at saturation conditions, vapour superheat is allowed for. 

The enthalpy E 

E = (8.38) 

as obtained from the energy equation (equation 2.9), is readily con­

verted to an expression for equilibrium quality. For hi= his and 

h = h equation (8.38) becomes 
g gs' 

E G {(1-x ) h 0 + X h } eq Ns eq gs 
(8.39) 

If vapour superheat, as allowed for in this analysis, is included 

in equation (8.38), the equation provides an expression for true 

quality x with vapour superheat: 

E G {(1-x) h 0 s + xh } + <p u a (h -h )> 
N gs g g g gs 

Consider the term <pg uga (h -h )>. In terms of the vapour g gs 

specific heat Cpg' assumed constant, this becomes 

< p u a (h -h ) > g g g gs 
p C < u (T-T) >, 

g pg g s 

where T = aTg + (1-a) Ti= a T + (1-a) T 
g s 

(8.40) 

* 'Thermal equilibrium' only requires T9 = Ti. As applied to boiling 

systems, T = T 0 = T is generally implied. 
g N S 



Since the vapour velocity u is close to the mixture velocity j 
g 

for post-crisis flows,< u (T-T )> = <j{T-T )> is assumed, and, in 
g s s 

line with the standard assumption used in resolving the single phase 
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version of equation (8.38), < j(T-T )> = <j> (<T>-T) is also assumed. 
s s 

From equation (8.36a), the temperature difference <T>-T may be 
s 

expressed in terms of the temperature difference T -<T> of the Nusselt 
w 

number definition: 

<T>-T 
s = 

Collecting the above steps, 

<p u a. (h -h ) > 
g g g gs 

From equations (8.39) - (8.41), 

X = 
X eq 

- cpg Pg 

:>,_ P !l 

C 
1 + �~� (1 

:>,_ 

(T -<T>) + /1. 
w 

[ (CT-1) (Tw-<T>) + 11] 

(8.42) 

If an expression was available for the disequilibrium term 11, 

this could be solved iteratively with equation (8.27) (or equation 

8.32) and equation (8.36a) to predict both the true quality and the 

heated wall temperature T. w 

8.3.1.4 Comparison with data 

A full test of the theory of section 8.3 is not possible because 

of the unresolved disequilibrium function /1 of equation (8.36a). This 

could be regarded as a floating parameter to be correlated to ensure 

agreement of the analytic equations with data. However, forcing agree­

ment with data by this method does not allow data to provide a test of 

other theoretical aspects of section 8.3.1. Consequently, an 

alternative to correlating data in terms of /1 is followed in this 

section. 

In this section, the effects of /1 are assumed to be negligible, 
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data are compared in figure 8.19. It is clear that the present 

predictive method is adequate for one of the sets of data. The 

evidence suggests that non-repeatability may occur, and that the 

present predictive method is reasonable for the maximum wall tempera­

ture that may occur but will overpredict wall temperatures for 

'irregular' data. A possible explanation of the 'irregularity' of 

the high mass flux data of figure 8.18 is given in the next section. 

The underpredicted wall temperature for the lower mass fluxes of 

figures 8.17 and 8.18 suggest that the neglected parameter~ may not 

be negligible for these conditions. Although the data are not 

sufficiently extensive to obtain a correlation for~. they suggest 

that~ is proportional to (T -<T>) for a given mass flux, with the w 

'proportionality' constant varying with mass flux. For the data 

considered, ~/(T -<T>) is about 0.3 for lower mass fluxes considered 
w 

(1100 and 1500 kg m-2s-1), and is negligible (as assumed) for the 

-2 -1 
higher mass fluxes considered (2980 and 3800 kg m s ). 
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The above data analysis indicates that concepts of the present 

model are reasonable, but evaluation of the neglected parameter~ is 

desirable since it is not negligible for some conditions. Some data 

behave irregularly, with non-repeatability of the data occurring. The 

predictive method is very conservative for the irregular data. 

8.3.2 Pseudo-dryout 

In considering the data of figure 8.18 in which wall temperatures 

are considerably overpredicted by the present method, it was noted 

that some of these data were obtained under nominally identical 

conditions to some of the data of figure 8.16, where agreement between 

prediction and data is closer. The two sets of data are shown in 

figure 8.19. 

Figure 8.19 indicates that post-crisis heat transfer is not unique 



for given quality, diameter, heat flux, heated length, mass flux, and 

pressure. The present prediction method appears to give a plausible 

estimate of the minimum of a possible range of heat transfer 

coefficients. 
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Pressure drop data [8.41 obtained simultaneously with the heat 

transfer data of figures 8.17 and 8.18 have been presented in figures 

4.5 and 4.13. It is seen from the chapter 4 figures that the pressure 

drop data are consistent with the predicted f(d,O,O} behaviour. 

However, in the case of some of the 5 mm tube data (figure 4.13}, 

agreement could only be achieved if the roughness was assumed to 

be lower than the actual tube roughness. A comparison of correspond­

ing pressure loss and heat transfer data from figures 8.17 and 4.5 

(9 mm tube},and from figures 8.15 and 4.13 (5 mm tube}, indicates that 

the anomalously high heat transfer data of figure 8.18 can be 

associated with friction data where roughness is apparently less than 

the actual roughness. 

In point (iv} of section 4.5.5.2, the anomalously low friction 

factors were explained as being due to 'pseudo dryout', with only the 

tips of roughness elements being dry and with superheated liquid 

remaining in the micro-crevaces between roughness elements, thus 

presenting a smoother flow boundary. Such superheated wall liquid 

would explain the higher heat transfer coefficients than those 

predicted for true dry wall conditions. 

It is noted that, as discussed in section 7.3.3, boiling crisis 

data [8.17], obtained simultaneously with those friction factor data 

and/or heat transfer data which are consistent with the pseudo-dryout 

hypothesis, are also consistent with this hypothesis. 
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CHAPTER 9 

CONCLUDING DISCUSSION 

9.1 R~sum€ of Present Investigation 
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Mixing-length theory was used to formulate voidage and velocity 

defect equations for the turbulent core of two-phase flow. The voidage 

equations reflect an assumption that, locally, turbulence is confined 

to the continuous phase of the mixture, and so are able to allow for 

flow pattern effects. The turbulent velocity profile, which is of the 

familiar semi-logarithmic form, is, to a first order approximation, 

independent of the shape of the void profile and hence of the flow 

* pattern. Six different sublayer structures (bubbly with rigid-

surfaced bubbles; bubbly with bubbles having freely-moving surfaces; 

wavy gas-liquid interface; gas-only; attached wall bubbles; and very 

thin liquid films) were considered for boundary conditions to the 

turbulent core. They led to non-dimensional velocity profiles with 

dimensionless group definitions which depend on the sublayer structure. 

Coefficients in the logarithmic profile may differ from those of the 

single phase equation, but remain constant foragiven 'friction regime'. 

Empirically-observed values of these coefficients form parts of well­

defined simple series rather than continuous spectra. 

A triad (z,m,n), in which z is a letter specifying the sublayer 

structure, and m and n are integers from which the coefficients in the 

logarithmic profile may be obtained, specifies a friction regime 

(section 3.9). 

Friction factor expressions were obtained by averaging the non­

dimensional velocity profile. The Reynolds analogue of the dry wall 

* Except insofar as the sublayer structure, which influences velocity 
profile, is determined by flow pattern. 



friction factor expression provided a heat transfer coefficient for 

post-boiling crisis flows. Nucleate boiling heat transfer was 

modelled in terms of the nature of bubbles being generated on the 

heated surface. 
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Average voidage for annular flow was derived from the relation 

between film thickness and film flow rate obtained by integrating the 

velocity profile over the film region, with allowance being made for 

core droplets and film bubbles. Average voidage for distributed flow 

was derived using the Zuber 'drift-flux' equation, with distribution 

parameter values being determined from friction factor values. When 

coupled with the post-crisis heat transfer coefficient equation, the 

Reynolds analogue of the drift flux equation enabled thermal non­

equilibrium to be evaluated. 

A general form of the two-phase distribution parameter in terms 

of higher order correlation coefficients was utilised to deduce 

momentum and kinetic energy fluxes. These enabled the prediction of 

propagation phenomena such as sonic velocity and choked flow. 

Although developed for flow through round tubes, the various 

theoretical expressions were also applied to the prediction of flows 

through ducts of complex cross-section. Values of mixing-length 

coefficients may be different under these conditions. 

It was found that specification of friction regime in terms of 

sublayer type and non-dimensional velocity profile coefficients is 

necessary for prediction of the various parameters mentioned above. 

On the basis of approximately 10,000 world pressure drop data, 

recommendations were given for high pressure steam-water flows. With 

some qualifications, the regime boundaries are consistent with a 

requirement for continuity of wall shear stress at the boundaries. 

This continuity does not extend to some other characteristics, and 
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the discontinuity in critical heat flux at a friction regime boundary 

provided an explanation of the heat-flux-independent 'limiting 

quality' boiling crisis, and also upstream dryout. Similarly, the 

adiabatic dry wall friction regime boundary provided a zero heat flux 

limit of the boiling crisis quality. 

9.2 Some Considerations on Data Analysis 

Throughout this thesis, theoretical developments have been 

supported by favourable comparison with data obtained from the open 

literature. Supplementary data analysis of several thousand similar 

data was performed, and a vast majority of these also support the 

concepts of the thesis. Because of the large number of topics 

considered in the thesis, predictions developed for each topic were 

evaluated by comparison with representative data only. 

It may appear that 

(a) the extraordinarily large number of friction regimes 

apparently possible, each with unique coefficients in the various 

thermohydraulic equations of the thesis, is such that coefficients may 

be chosen to ensure agreement between a given data set and the 

appropriate equation of the thesis; and 

(b) with such a large number of data having been analysed, 

'representative' data chosen to demonstrate particular aspects may in 

fact have been unintentionally chosen from those data which demon­

strated more favourable agreement with the proposed model. 

In this respect, the following points should be noted: 

(a) Although the thesis has noted that different friction regimes 

apparently may pertain to nominally identical data from different 

sources, presumably reflecting differences in entrance conditions, etc., 

it has also noted that, for conditions relevant to nuclear engineering, 

virtually all low quality data have been found to be consistent with a 
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particular friction regime [(a,O,O), using the notation of section 

3.9]; similarly, virtually all relevant dry wall data have been found 

to be for the (d,O,O) regime. Coefficients in equations covering 

these conditions are thus set and so cannot be adjusted to force 

agreement of equations with relevant data; 

(b) Although various friction regimes are possible for inter­

mediate qualities, and equations for different regimes have different 

coefficients and different dimensionless groups, constraints on the 

possible coefficients and dimensionless groups are in fact rather 

severe. In the case of friction factors, for example, demonstration 

of consistency of a particular data set with one of the proposed 

friction regimes required that (i) the data be correlated by one of 

six possible pairs of dimensionless groups definitions; and (ii) in 

the case of friction factor/Reynolds number correlations, a shift of the 

correlating curve on both axes brings agreement of the correlating 

curve and the single phase friction factor/Reynolds number curve for 

the channel, with the restriction that the friction factor shift be by 

a factor 2m with integer m, and the Reynolds number shift be by a 

,;; -Sm �~� -n factor vL vlO , with the same integer m and with integer n. 

Similar constraints occur if the friction factor depends on Weber 

number; and 

(c) In order to demonstrate the claimed interrelation between 

various thermohydraulic parameters, data selected for discussion in 

* this thesis were, where possible, confined to data in which several 

thermohydraulic parameters were simultaneously measured. This 

* Very few data were found for assessing some predictions, such as the 
magnitude of the effect of wall roughness at intermediate qualities 
(section 4.3.3). Relevant data selection was restricted to those data 
available, and the luxury of choosing data with other measured 
parameters was not possible. 
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(i) severely restricted the choice of data for discussion in the 

thesis, and (ii) ensured that, once the friction regime was determined 

on the basis of e.g. friction factor data, friction-regime dependent 

coefficients in equations for other thermohydraulic parameters were 

then determined and could no longer be adjusted to force agreement of 

the model with other measured parameters. Table 9.1 indicates those 

friction regimes where predictions for different parameters are 

compared, in the thesis, with individual data sets covering 

simultaneously-obtained measurements of the relevant parameters. 

Appropriate figures of the text which compare the theory and experi­

mental data are also given. Similar comparisons of theory with data 

covering simultaneously-obtained measurements of friction, average 

voidage, and velocity profile can be found in appendix AlO for the 

(c,1,4), (a,2,0), and (b,3,0) regimes, and in appendix A24 for the 

( e, O, -1) , ( e, 1, -3) , ( e, 1, -1) , ( e, 1, 0) , ( e, 1, 1) , ( e, 2, 2) and ( e, 2, -2) 

regimes. 

Although a large number of data have been considered, no error 

analysis has been performed in relation to comparisons between data 

and equations developed in this work. This is because emphasis in 

this work has been given to data interpretation in order to understand 

fundamental phenomena, rather than development of predictive equations. 

Although understanding of mechanisms is seen as a step in the develop­

ment of improved predictive techniques, the investigation did not reach 

a stage where the relevant friction regime can be predicted for all 

given conditions, and a proper comparison between theory and data 

would require that a data bank be subdivided into different friction 

regimes. It is noted, however, that a simplified version of the 

thesis' wall shear stress model, in which regime effects are partially 

accounted for implicitly, is recommended in appendix A29 for initial 
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4 .13 

d,O,O 4.5 8.17 

d,o,o 3.7 4.1 5.1 

e,2,-4 3.8 4.3 5.2 

b,3,-1 3.7 4.1 5.1 

a,4,0 4.15 7.2 

b,4,0 4.15 7.2 

b,4,0 7.1 7.1 
4.12 

e,4,0 4.12 7.5 8.3,4,6, 
7.5 9,13 

c,4,1 3.7 4.1 

Table 9.1 Table of figures which present data for a given 
friction regime and for which the different 
parameters were obtained simultaneously in the 
same set of experiments. 
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estimates of frictional pressure gradients. As discussed in appendix 

A29, an error analysis resulting from comparison with an extensive data 

bank showed that this simple predictive method agreed with the data as 

well as the best of alternative predictive methods. 

9.3 Significant Findings of the Investigation 

(i) Friction regimes, which are determined by the nature of 

appropriate dimensionless group definitions and by the coefficients 

which appear in the non-dimensional velocity profile, play a larger 

role in determining two-phase thermohydraulic characteristics than do 

flow patterns. Unlike flow patterns, whose definitions tend to be 

qualitative rather than quantitative, and whose boundary determination 

is often subjective, friction regimes are defined in a quantitative 

manner, and friction regime boundaries are objectively determined by 

considering changes in observed quantifiable characteristics (from 

those consistent with one friction regime to those consistent with 

another). 

(ii) Empirically-observed values of the two coefficients of the 

non-dimensional velocity profile which partially specify a friction 

regime indicates that 'permitted' values form parts of simple series. 

(This enabled friction regimes to be quantified partly in terms of m 

and n, a pair of integer numbers.) This suggests the existence of 

eigenvalues in some facets of turbulence, and may assist in the further 

understanding of the turbulent flow field. 

(iii) Specification of a friction regime determines coefficient 

values for equations describing velocity profile, friction factor, 

average void fraction, propagation phenomena, heat transfer coefficient 

(for some conditions), and critical heat flux, and also determines the 

nature of dimensionless groups appearing in relations for these 

quantities. Viewed alternatively, an interrelation exists between the 



abovementioned thermohydraulic parameters, and the nature of the 

interrelation is determined by the friction regime. 
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(iv) Partially-developed or fully-developed predictive 

techniques have been obtained for non-dimensional velocity profile (for 

symmetric flows in round ducts), friction factor, average voidage, 

propagation phenomena, heat transfer coefficient, and critical heat 

flux. For practical purposes, the predictive techniques can be 

considered complete for bubbly flow velocity profile, friction factor, 

average voidage, and (if no phase change occurs) propagation 

velocities; and for post-crisis droplet flow velocity profile, 

friction factor, average voidage, propagation velocities (if no phase 

change occurs), and heat transfer coefficient. In order to extend the 

predictive abilities where full development of the model was not 

achieved, some tentative recommendations were given for friction regime 

prediction, and also for annular flow film bubble concentration for 

voidage prediction. These tentative recommendations are based on 

analyses of data from CISE laboratories and are limited to steam-water 

flowing at conditions encountered in nuclear reactors. 

(v) When the friction regime concept is incorporated into 

dimensionless group definitions - yielding 'generalised dimensionless 

groups', see sections 3.10 and 4.2 - instead of coefficients in 

expressions relating specific dimensionless groups, the non­

dimensionless velocity profile and friction factor expressions were 

transformed into the familiar single-phase form for all viscosity­

based friction regimes. The generalised dimensionless group definition 

incorporated very simple functions of the regime-specifying integers m 

and n. 

(vi) The thin-film sublayer model (section 3.6.2) led to a 

friction factor equation (equation 4.3) similar to the Colebrook 
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friction factor equation for single phase flows in ducts with 

partially-roughened walls, but with dimensionless roughness being 

replaced by dimensionless film thickness. The model is thus an 

alternative to those annular flow friction models based on a gas flow 

in a rough duct, with roughness due to interfacial waves, which lead 

to a friction dependence on film thickness. The limited applicability 

of the thin-film model found in this work suggests that care should be 

taken in generalising interfacial roughness models based on thin film 

air-water data to high pressure annular flows. The thin film model 

also led to a simple derivation (appendix A28) of the Colebrook equa­

tion by simulating single phase rough wall flow by two-phase flow in a 

smooth duct. To the author's knowledge, a derivation of Colebrook's 

equation has not been achieved previously. 

(vii) Boiling crisis characteristics depend not only on friction 

regimes but also on friction regime boundaries as determined from 

assessment of hydrodynamic characteristics. 

(viii) In view of point (vii), the different friction regimes 

that occur for simple and complex geometries - see section 4.5.5.3 -

provide an explanation for the reason why boiling crisis correlations 

for simple geometries do not extend to complex geometries. Complex 

geometry friction regime differ from those for simple geometries 

because of the lack of development ensured by rod bundle spacers and 

because the complex geometry flow boundary is only partially dry in 

post-crisis conditions. 

(ix) The analysis of boiling crisis (ch.8), heat transfer in 

the approach to boiling crisis (ch.7), and shear stress in diabatic 

pre-crisis flows (ch.4), all point to the existence of nucleate 

boiling at the crisis onset for most annular flow crises of practical 

interest. This suggests that departure-from-nucleate-boiling 



mechanisms may play a larger role in annular flow crises than is 

generally accepted. 
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(x) A 'pseudo-dryout' condition has been identified and 

associated with 'slow' boiling crises. Wall temperature and friction 

factors with 'pseudo-dryout' are lower than for true dryout, and 

associated boiling crisis qualities are higher than for true dryout. 

Pseuod-dryout friction factors, and associated boiling crisis qualities 

are quantitatively consistent with a 'dryout' condition in which super­

heated liquid remains in the surface roughness micro-crevaces of the 

heated surface, and pseudo-dryout heat transfer coefficients are 

qualitatively consistent with this concept. 

(xi) In the case of distributed flows in which the dispersed 

phase is concentrated in the faster regions of the flow, the analysis 

has provided a method of predicting values of the Zuber distribution 

parameter C, and has generalised this distribution parameter to 
0 

(i) higher order correlation coefficients relevant to the resolution 

of momentum and kinetic energy fluxes, enabling propagation phenomena 

to be examined, and (ii) to a thermal distribution parameter useful in 

modelling post-crisis heat transfer. 

(xii) Pressure propagation velocities for two-phase flow are 

referenced to a velocity which is not the mixture velocity, and also 

depend significantly on flow velocity. A consequence is that low 

velocity sonic velocity may differ significantly from critical flow 

velocity for a given mass quality. The difference is less for post­

crisis droplet flows, for which the homogeneous model provides a 

reasonable estimate for both velocities. 

(xiii) Care should be taken in generalising empirically-based 

equations to post crisis conditions since such equations are often 

based only on pre-boiling crisis data. The present analysis indicates 



that pre-crisis wall shear stress, 'slip', and propagation velocities 

are respectively close to; above; and well above those predicted by 

the homogeneous model, whereas post-crisis values of the same 

quantities are respectively well below; below; and close to values 

predicted by the homogeneous model. 

(xiv) Explanations were provided (section 4.4) for the reduced 

influence of surface roughness for two-phase flows as compared to 

roughness influence for single phase flow. 

9.4 Suggestions for Further Research 
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The nature of the present research, in which several topics have 

been considered in an attempt to find a unifying concept relating them, 

is such that it has proved impractical to consider individual topics in 

great detail. Some topics, such as thin film annular flows, were 

considered only superficially since they do not play a significant role 

in nuclear reactor flows. Moreover, considerable simplification has 

been used in the analysis of some topics. This is evident in, for 

example, the chapter on propagation phenomena, which allowed for phase 

and velocity distribution effects in the development of a simplified 

analysis of propagation velocities, but which neglected phase change, 

dissipation, and dispersion. Consequently, the investigation has 

provided many topics which require further examination in order to 

improve the applicability of the concepts presented. The investigation 

also suggested several topics which may be amenable to investigation in 

terms of the present concepts. 

These topics include: 

(i) The prediction of appropriate friction regimes for given 

flow, inlet, and other boundary conditions. 

(ii) The correspondence between friction regimes (and their 

boundaries) and flow patterns (and their boundaries). This is 



relevant for those topics such as average voidage which depend 

on friction regime and also on flow pattern. 

(iii) The prediction of bubble concentration in annular films 

and droplet concentration in annular cores. The analysis 

indicates that values of these concentrations are required for 

the prediction of annular flow average voidage and propagation 

velocities. Their values are also relevant in the prediction 

of the dryout phenomenon. 

(iv) The extension of the mixing-length concepts to highly 

assymetric flows, such as stratified flows and flows in complex 

geometries with different sublayer structures on different 

surfaces. (The latter was partially incorporated into present 

analysis only for flows in multi-surface channels in which 

some surfaces are dry (post-crisis) and in which the 

remaining surfaces all have the same sublayer structure - see 

sections 4.5.5.3 and 7.3.2.) 

(v) Further development of the thin film annular flow 

model of sections 3.6.2, 4.1 and 4.4.1. 

(vi) Extension of the analysis of section 6.4 to provide a 

fuller account of phase and velocity distribution effects in 

annular flow propagation velocities. 

(vii) Extension of the analysis of chapter 6 to allow for 

phase change, dispersion, and dissipation in propagation 

phenomena. 

(viii) Extension of the analysis of chapter 7 to provide a 

complete model of boiling crisis in terms of the friction 

regime concept. 

(ix) Development of an expression for the void-weighted 

average local dis-equilibrium parameter~ of section 8.3.1.2 
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to complete the dry-wall thermohydraulic analysis of section 8.3. 

(x) Sub-cooled boiling thermohydraulics. 

(xi) Extension of the analysis of chapter 8 to incorporate heat 

transfer for non-nucleating annular flows; nucleate boiling heat 

transfer for low quality bubbly flows; and to non-nucleating 

two-component flows. 

(xii) Allowance of attached wall bubble 'roughness' for low 

quality flows. (A full analysis was provided for higher quality 

flows - see section 3.6.3, and 4.1, 4.4.2 and 4.5.3, but as noted 

in section 4.5.5.2, wall bubbles only 'partially roughen' low 

quality flows, and this roughness effect was neglected.) 

9.5 Conclusions 

Single-phase turbulent flow mixing-length theory has been 

extended to two-phase systems in a manner that allows for different 

flow regimes. Results of the mixing-length concept were applied to 

the topics of flow structure, friction factor, average voidage, 

propagation velocities, heat transfer coefficient, and boiling crisis 

heat flux, and indicated that interrelations exist between these 

parameters. Equations developed from the model are compatible with 

relevant data. 



APPENDICES 

Appendices Al-A31 consist of publications arising from the 

present research program. The publications are listed in table Al. 
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As noted in chapter 9, the structure of the thesis has placed 

limitations on the extent to which individual topics of the thesis can 

be discussed in detail, and also on the quantity of data which can 

reasonably be presented in support of theoretical concepts of the 

thesis. More detailed discussions of topics and more extensive 

supporting data analyses can be found in these appendices. Table A2 

indicates which topics of the thesis are discussed in each publication. 

The six topics of table A2 are the topics of chapters 3-9 respectively. 

Appendices A23, A27 and A30 contain material outside the scope of 

the thesis. Of these publications, sections 3, 3 and 4 respectively 

are related to the thesis. Appendices A22 and A25 discuss experiments 

performed by the author as part of the evaluation program for some of 

the thesis topics. Appendix A28 discusses a single-phase flow topic -

roughened wall thermohydraulics - and so appears to be outside the 

scope of the thesis. Its inclusion here is justified on the basis that 

flow in roughened ducts has been modelled in A28 by a two-phase annular 

flow with the physical properties of the twophasesdiffering only in 

their viscosities. 

The friction regime notation (z,m,n) of the thesis is presented as 

(m,n',z) in the appendices, with 

n = n' - m + z 

for viscosity-dependent flow (z = a, b, cord), and 

n = n' 

for surface tension-dependent flows (z = e). The transformation of n' 

of the appendices to that of the thesis was performed to facilitate the 



development of the partially unified interpretation of individual 

friction regimes, as presented at the end of chapter 3. 
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A statistical approach to two-phase inertia forces leads to a mixing length theory in which different flow struc­
tures correspond to different flow regimes. 

The theory is used in conjunrtion with void and velocity profile data to examine developing and developed flow 
profiles for bubble and dispersed annular flows. One-and two-component flows are considered for various channel 
geometries. /\symmetric profiles such as those that result from asymmetric heating or horizontal flows are also de­
~cribed by the theory. 

In the case of annular flows liquid film thickness measurements are consistent with the theory. Shear stress data 
suggest a Prandtl mixing length constant slightly less than that for single phase flow theory. The core profiles at the 
boiling crisis condition are consistent with a local reduction of the liquid film to zero thickness. 

I. Introduction 

If the development of single phase flow theory is 
taken as a guide, any real understanding of the nature 
of two-phase flow structure is not likely to be 
gained until more is known about the nature of tur­
bulence within two-phase flow. 

Expressions so far developed for two-phase flow 
from fundamental turbulence theory have largely 
been based on adapting single phase flow theory to 
the two-phase flow situation. While these attempts 
have generally been partially successful, the approa<:h 
is somewhat oversimplified; fundamental differences 
between differing flow regimes, for example, have not 
been accounted for. 

This paper attempts to take these differences into 
account. While the theory presented adapts Prandtl's 
theory of turbulent single phase flow, empirical con­
cepts extended to the two-phase case are restricted to 
the interpretation of eddy diffusivity. Expressions for 
the two-phase turbulent stress tensor components are 
based on an examination of the basic flow equations 
rather than an extrapolation of expressions for the 
single phase case. 

This, together with certain assumptions, has per­
mitted the separate development of differing flow 
structure equations for bubble and droplet (or mist) 
flow. The expressions obtained are tested by com­
paring them with flow structure data. 

2. The concept of local voidage 

Two-phase flows with constituents of constant 
physical properties may be described as a special case 
of compressible single phase flow in which parameters 
may undergo step changes of value with the restric­
tion that if one parameter changes, so does every 
other. Point values in the fluid are either gas values 
or liquid values. The instantaneous description of 
this flow may be simplified by introducing a binary 
variable, 8, having the value one ( or zero) if the point 
considered is in the gas ( or liquid) region. 

The ensemble average of this quantity 8 at a 
point in the flow, or the probability that gas is at the 
point, is the local voidage ex; 
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8 = a*. 

3. Two-phase Reynolds shear stresses 

Since two-phase flow is regarded here as a special 
case of single phase flow, the concept of two-phase 
Reynolds shear stresses is developed from considera­
tion of the steady-state inertial force per unit volume 
for the x-direction Ix. 

In the steady state t 

They-component in this expression, pUV, can be 
described in terms of the previously introduced o; 

i.e. 

if the point considered is in a gas region (o =I), or 

if the point considered is in a liquid region (o=O). 

* The cross sectional average of the local voidage, (et), differs 
from a widely used definition of voidage as the fraction of 
cross section occupied by the gas phase. In present notation, 
the latter definition is in fact (lil. Note that the ensemble 
average of this coincides with (et) since (Ii)= <ii>= (et). 

t The lagrangian expression Ix= p au/at+ pV • Vu is mis­
leading and only valid for mass-conservative systems. Unless 
'closed system' is regarded as being synonymous with 
'constant mass system', Newton's second law for a closed 
system is 

D DU Dn 
I = - pU = p - + U = . 
x Dt Dt Dt 

The first term is the lagrangian expression,which combines 
with the second (expressed, from mass balance considerations, 
as Dp/Dt = (ap/ot) + 'fil. pU) to form 

Ix= :tpU+ 'fil •• (pUV). 

Extension of the lagrangian expression to two-phase sys­
tems, e.g. [ 1), leads to incorrect expressions for flows in· 
volving mass transfer and slip; an impulse occurring on phase 
change is not accounted for. The problem may be overcome 
by treating the impulse as an applied force. 

The ensemble average of this is 

since o can take values of I or O only. Since p1 and Pg 
are assumed constant 

U and V are here, as in single phase theory, 
treated as their average values, u, v, with superimposed 
fluctuating quantities U', V'. Under these conditions 

pUV = p1(1-a)u1v1 + Pgctugvg 

+ p1(1-a)UjVj + PgctU~V~. 

The last two terms are two-phase Reynolds shear 
stress terms. 

4. Application of mixing length theory 

Two-phase flows generally consist of continuous 
and discontinuous phases. To a first approximation 
there is no velocity variation within an element of 
the discontinuous phase (a bubble in bubble flow or a 
droplet in mist flow). There is, however, likely to be 
considerable velocity variation within a comparably 
sized element of the continuous phase. It is therefore 
reasonable to treat turbulence as existing predomi­
nantly in the continuous phase. 

The Reynolds shear stress expression developed in 
section 3 now becomes: 
for bubble flow 

(la) 

for droplet flow 

(I b) 

Since viscous effects can be neglected except in the 
wall region these expressions can be taken as the 
total shear stresses within the flow. 

Eqs. (I a) and (I b) may be analysed by Prandtl 
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mixing length theory provided there is information 
on the voidage profile. A linear relation between the 
local continuous phase velocity and the local voidage 
is assumed, i.e. 
for bubble flow 

a= au1 + b , 

for droplet flow 

a= cug +d. 

(2a) 

(2b) 

A less general assumption of direct proportionality 
between voidage and velocity has been shown by 
Zuber et al. [2] to be reasonable for macroscopic 
'slip' behaviour. 

Application of Prandtl mixing length theory to 
eqs. (I) and (2) (see appendix for details) then gives, 
for round tubes: 
for bubble flow 

for droplet flow 

u*c 
a3/2 = a3/2 +-g- ln E. 

C !:.k R' 
3 

where 

uj = .JTi;;TpJ ' u; = .J (T wlPg), 
a = local voidage at position y , 
y = distance from duct wall, 

(3a) 

(3b) 

k = mixing length constant(= OA for single phase 
flow) , 

R = duct radius, 
subscript c refers to value at duct centre and sub­
script w refers to value at duct wall. 

For non-circular ducts, R in eqs. (3a) and (3b) should 
be replaced by the relevant distance from the wall to 
the position of maximum (or minimum, see section 
5.2) voidage. In cluster geometries void profiles may 
be 'smeared out' and treated as smoother profiles in 
simple geometries. 

Eqs. (3a) and (3b) will be referred to as the voidage 
deficiency .equations as they are analogous to the 
single phase velocity deficiency equation. As is the 
case with single phase flow, the voidage deficiency 

equations cannot be used for prediction until they are 
at least coupled to a theory describing the laminar 
sublayer. Such a theory is outside the scope of this 
paper. The remaihder of this paper will therefore be 
concerned with the ability of eqs. (2a), (2b ) , (3a) and 
(3b ), with suitable coefficients, to describe experi­
mental data. 

Data from both one-component (water, freons 11 , 
12 and 22) and two-component (air-water, nitrogen­
water, argon-water, argon-ethyl-alcohol, nitrogen­
sodium/potassium alloy, and nitrogen-mercury) sys­
tems in varying degrees of development have been 
used to test the theory. Geometries considered include 
round tubes, rectangular sections, annuli, and clusters 
of varying dimensions. Only specific examples can be 
discussed here, but these are representative of all data 
examined. 

5. The voidage deficiency equation for bubble flow 

5 .1. Comparison of the bubble flow voidage deficiency 
equation with empirical formulations 

Zuber et al. in their theoretical treatment of slip 
[2] concluded that empirical curves of the form 

m 

a/ac = 1 + E Cn(r/R)n 
1 

do not adequately describe radial void profiles 
because of prominent inflection points in the curves. 
They found that data were better described by the 
smoother form 

(4a) 

To demonstrate thisJ Zuber et al. compared eq. 
( 4a) with data from Petrick [3]. Their curves are 
reproduced in fig. 1 together with a comparison of 
the same data with the voidage deficiency equation. 
Although eq. ( 4a). is suitable for evaluating the 
macroscopic effect of phase distribution (as has been 
done in [2]), the _data are more closely described by 
the voidage deficiency equation. 

Similarly, the voidage deficiency equation appears 
to describe data as well as, or better than, another 
widely used from (e.g. [4]) 
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A comparison of this form and eq. (3a) is made 
with data from Neal [4] in fig. 3. For the particular 
case discussed, Neal found n to be 0.0863. 

5.2. Comparison of the bubble flow voidage deficien­
cy equation with developing flow data 

In this paper, 'developed' flows are taken to mean 
flows for a given regime in which the normalised 
profile does not change farther dowrstream. Under 
this definition accelerating flows may be developed, 
and non-development (due to a regime change or 
subcooled boiling) need not be associated with a 
geometric entrance region. 

Profiles of the same flow but at differing distances 
from the en trance, taken from [ 4] , are shown in 
figs. 3 and 4. Referring to fig. 4, the voidage deficiency 
plot of the data near the inlet is similar to the plots of 
the more developed downstream data except that the 
slope has changed sign. 

Experimental data indicate that, as in the above 
example, there is a strong tendency for a voidage 
minimum to occur at or near the duct centre for non­
developed flows. This is expected for subcooled boil­
ing profiles, e.g. [2], and for two-component flows 
where the gas is introduced in the wall region, e.g. [ 5], 

Fig. 2. Voidage deficiency plot of bubble flow data. 
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Fig. 3. Void profiles from developing bubble flow. 

and not unexpected in cases of flow area changes, 
e.g. [ 6), but is unexpected in systems where the 
liquid is introduced into the wall region, e.g. (4), or 
where the gas is introduced in a central region, e.g. 
(7). An example from (4) has been discussed; an 
example from (7) is given in fig. 5. 

Existing data show a fundamental difference 
between subcooled boiling behaviour and the be­
haviour of two-component flows with the gas intro­
duced through a porous wall. In the former, flow 
development starts from the wall region and moves 
inwards, e.g. [8, 9) as is the case in single phase flow; 
in two-component flows, flow development begins 
in the central region, (4, 5). Bubbling through a 
porous wall does not, therefore, completely simulate 
the boiling process, as is often assumed, although the 
different behaviour quoted is possibly due to thermal 
non-equilibrium effects, and the analogy may be 

invalid only for the subcooled boiling region. 

5.3. Comparison of the bubble voidage equation with 
asymmetric profiles 

Asymmetry due to horizon ta! flow, e.g. [ 10] , 
asymmetrically heated one component flow, e.g. 
[ 11] and non-completed flow development (most 
references) are described by eq. (3a) provided that 
the distance y extends from the wall to the voidage 
maximum (or minimum). 

An example is shown in figs. 5 and Sa, where an 
asymmetric profile from a highly non-developed 
flow (7) is examined. 

In many cases, if R is replaced by the relevant wall 
to maximum (or minimum) voidage distance, a 
voidage deficiency plot results in one line describing 
the profile, instead of one for each side of the asym­
metric profile. Data from (12) shown in figs. 6 and 6a 
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Fig. 4. Voidage deficiency plot of developing bubble flow. 

demonstrate this feature. 

5.4. Velocity profiles in bubble flow 
Eq. (3a) has been shown to describe void profiles 

in bubble flow. The assumed similarity of the liquid 
velocity profile [eq. (2a)] is harder to test because of 
a lack of reliable data. Local liquid velocities are 
generally obtained by techniques in which consider­
able disturbance of the flow is expected. Neal [4], for 
example, obtained local liquid velocities from a com­
bination of impact probe readings (the theory behind 
this is in itself debatable, see [ 11]) and independently 

determined void profiles. The velocity behaviour is 
not consistent with eq. (2a), whereas figs. 3 and 4 
have shown that the void behaviour (determined by 
conductivity methods) is well described by eq. (3a), 
the validity of which depends on eq. (2a). The most 
likely explanation of this is that the velocity data are 
questionable. 

In fact, similar comments apply to all liquid 
velocity data for bubble flow that this author has 
encountered. Reliable gas velocity profiles have 
however been obtained from steam-water bubble 
flow [5]. If Zuber's treatment of bubble flow slip is 
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correct [2], the local gas and liquid velocity differ­
ence is reasonably constant over a cross-section. An 
equation of the form of (2b) should then approxi­
mate the data. 

This in fact is the case. A typical example (5] is 
analysed in figs. 7, 8 and 9. The curves in fig. 7 
satisfactorily describe both the void and velocity 
profiles. 

Generally speaking, then, eq. (3a) describes void 
data well, but an analysis of velocity data to test the 
validity of eq. (2a) (upon which eq. (3a) is partially 
based] has proved inconclusive. However there are 
indications that eq. (2a) may be valid. 

6. The voidage deficiency equation for the core region 
of dispersed annular flow 

0-3~----~--~-~-~-~~~~ 

6.1. Comparison of the droplet flow voidage defi­
ciency equation with empirical formulations 

Steam-water profiles from Adorni et al. (13] 
have been curve-fitted by Zuber et al. (2] with equa­
tions of the form 0·1 0·2 0·3 0·4 O·S 0·60·70-8091·0 

Y/R' 

Fig. 6a. Voidage deficiency plot of asymmetric bubble flow 
data. ufuc = I - (r/R)m . 

(4a) 

(4b) 
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Fig. 10 compares the curves of (2) and those of 
eqs. (2b) and (3b ), using suitably chosen coefficients, 
for one example of data from (13). Again, although 
eqs. (4a) and (4b) are suitable for determining 
macroscopic 'slip' behaviour (as demonstrated in 
(2)) eqs. (2b) and (3b) give closer agreement with 
the data. 

A different form of empirical curve, based on an 
extension of the single phase velocity deficiency 
equation, has been used by the Harwell (I 4, 15) and 
the C.I.S.E. (16) groups to fit their velocity profiles. 
An equation of the form 

(5) 

N --.., ,...._ 
�~� 
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~I 1·0 

Fig. 9. Voidage deficiency plot of bubble flow data. 

is assumed, with k' being a constant (for a given 
profile), in analogy with single phase flow behaviour. 

This equation does describe data quite well. The 
velocity data of fig. 10 are plotted on a velocity 
deficiency plot in fig. I 3 with the curve obtained 
from eqs. (2b) and (3b ). The curve is very close to the 
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Fig. 10. Comparison of dispersed flow data, voidage deficiency equation and empirical curves. 

approximates the form of eq. (5), with k' = 1k~ 
�~� 0.27 for high core voidage (assuming the single 
phase value of k, 0.4). In addition, k' should decrease 
with decreasing o:c, i.e. increasing entrainment. Em­
pirically determined values of k' [ 14, 15 and 16] are 
in agreement with these expectations. 

6.2. Behai'iour at the heat transfer crisis 

0·7L....<'-----'------...__ _____ _,__~ 

Figs. I 4 and I 5 show the influence of heat transfer 
on a set of void protile data from [ 13]. From adia­
batic flow up to an applied power of 65 kW there is, 
apart from an increase in voidage, no change in the 
curves, whereas at 67 kW there is a flattening of the 
profile and an increase of scatter in the data. 25 30 35 

LOCAL GAS VELOCITY (• NC- 1) 

Fig. 11. Voidage-velocity relation for data of fig. 10. 

form of eq. (5). The agreement is not surprising, 
since eqs. (2b) and (3b) combine to form 

( ug +E) (~)½ -(ugc +4) =~In~, 
c O:c c 3k O:c 

which, for data with flat core profiles, [ (o:/o:cf2 - I], 

An interpretation of this consistent with the 
voidage deficiency plot of the data is that the liquid 
film thickness has remained approximately constant 
up to the crisis condition, where it has, at least 
locally, decreased. The shear stress, and hence the 
slopes of the lines of fig. I 5, are determined by the 
film thickness, i.e. the slopes are constant until the 
crisis, when the slope becomes flatter. The increased 
scatter may be associated with a non-uniform film 
around the periphery. 
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Associated pressure drop data for the four profiles 
do not, however, show a decrease of the pressure gra· 
dient at the crisis onset as might be expected from 
the above argument, (although such behaviour is 
quite common, see [ 17] ). This is probably because 
the gradient given is the average over a large distance, 
and will not be affected by a local exit reduction in 
the gradient. This is substantiated by a consideration 
of the mixing length constant determined from the 
pressure drop data, the slopes of the lines of fig. 15, 
and the gradient of the associated local voidage 
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Fig. 13. Velocity deficiency plot of dispersed annular flow 
data. 

�~� local gas velocity plots. The value of k for the three 
pre-crisis is 0.28, but this jumps to 0.52 for the crisis 
profile. The latter value might be explained by the 
use of the average pressure gradient over the section 
rather than an exit gradient of lower value. 

6.3. Developing core profiles 
Developing two-component dispersed annular flow 

profiles from [ 18] are analysed in figs. 16 and 17 *. 

* See footnote on page 58. 
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dispersed annular flow. 

The development can be traced as follows: 
The profile at 68 diameters from the mixer is 

* The fig. 16 data at r/R = 0.88 are shown on the other side 
of the duct centre in [ 18). This is contrary to the usual 
C.l.S.E. approach of incrementing radial measurement 
positions on alternating sides of the centre, and produces 
unrealistic 'kinks' in the figures in [ 18). It is therefore 
assumed that the positioning should be as shown in fig. 16. 
The plots of fig. 17 indicate that a surprising degree of 
coincidence would have to be admitted if this assumption 
is incorrect. 
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Fig. 17. Voidage deficiency plot of developing dispersed 
annular flow. 

asymmetric. The separate half-profiles, however, are 
similar; identical voidages occur for each half-profile 
at corresponding proportional distances from the wall. 
The wall to maximum voidage distance has replaced 
the duct radius in the voidage deficiency plot (fig. 17) 
with the result that both sides of the profile are de, 
scribed by the one line. 

At a further 50 diameters downstream the profile 
remains asymmetric and the half-profiles have lost 
any semblance of similarity. Separate lines are 
necessary in the voidage deficiency plot to describe 
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each side of the profile. The right half-profile appears 
more fully developed than the left; in fig. 17, the 
slope of the line through the points corresponding to 
the right half-profile is the same as the slope for a 
profile further downstream again. 

This last profile (at 140 diameters from the mixer) 
is completely symmetric. The lower gradient of the 
voidage deficiency plot of this profile compared with 
the slope for the profile at 68 diameters from the 
inlet indicates (theoretically) a lower wall shear stress. 
This is consistent with shear stress data given in [ 18] , 
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where the variation of shear stress with downstream 
position was also examined. Association of the lower 
stress with a thinner wall film and hence higher en­
trainment would explain the core voidage reduction 
with increasing distance from the inlet, apparent in 
fig. 17. 
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Fig. 18. Voidage deficiency plot covering film region of dispersed annular flow. 
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7. The voidage deficiency equation for the film region 
of dispersed annular flow 

7 .1. Bubble flow in the film region 
Alia et al. [ 16), describe the film region of dis­

persed annular flow as a continuous liquid region with 
a discontinuous gas region. If this is correct, the film 
void profile should conform to the voidage deficiency 
equation for bubble flow. This is the case; data from 
[16) are shown in fig. 18 as bubble voidage deficiency 
plots and in fig. 19 as more conventional voidage 
profiles. 

7.2. Film thickness evaluation 
Film voidage is described by an equation of the 

form of eq. {3a), and core voidage by eq. (3b ). The 
position where the two equations intercept is taken 
as the core-film interface. Fig. 20 shows data plotted 
as o?/2 against In (y/R). Straight lines describe the 

core data well, but not the film data. The curves de­
scribing the film data in fig. 20 have been transposed 
from fig. 18. Fig. 20 incidentally demonstrates a 
fundamental difference, also apparent with other 
data, that for given components, the core void 
profiles are determined only by the overall liquid 
volume flow fraction, but this is not so for the film 
profile. 

Except for a transition region, the core-film inter­
face position can be readily determined from plots 
such as those in fig. 20. For the data of figs. ,18 to 20, 
film thicknesses fare given in table I. Also shown 
are the values of film thicknesses S, determined 
from electrical conductivity measurements (that is, 
the film thickness if no gas is present), and, for com­
parative purposes, the net liquid thickness calculated 
by multiplying f by the average film liquid volume 
fraction ( obtained from integrating the voidage de­
ficiency equations over the film region. The last 
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Fig. 20. Influence of volumetric flow fraction in the core and film regions. Determination of film thickness. 

Table 1 
Comparison of measured film thickness and film thickness determined from void profiles, ref. [ 16) data. 

Electrically Calculated 

Gas flow Liquid flow Gas density Film measured 
liquid S-f<l-a>r 

[kg m-2 s-1 I [kg m-2 s-1 I (kg m-2) thickness[ 
film S 

thickness s [mm) 
[mm] f<l-a)f 

[mm] [%) 

240 1350 36.1 0.83 0.470 0.57 -21 
67 1350 10 0.83 1.40 0.57 60 

730 255 36.1 0.25 0.175 0.14 20 
201 255 10 0.635 0.24 0.28 -17 
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column gives the percentage difference between the 
calculated and measured liquid thicknesses. 

The numbers in table I are only rough estimates; 
the values of S were scaled from figures in [ 16] and 
are therefore likely to be in error, and the value off 
clearly is subject to errors from (at least) neglect of 
the transition region obvious from data in fig. 20. 
Nevertheless. the table indicates satisfactory agree­
ment between measured and calculated liquid thick­
ness, in three of the four cases considered, the other 
case showing a marked and inexplicable discrepancy. 

The most conservative conclusion that can be 
drawn is that although the void profile for dispersed 
annular flow can be described by separate equations, 
one for the core and one for the wall region, the 
interpretation given above concerning the film thick­
ness is generally reasonable but may be grossly in­
correct. This, of course, is not the only possibility; 
for instance, the factor of 3 difference between the 
measured 'electric' film thickness S for data denoted 
by X and + in fig. 20 can (perhaps) be questioned 
considering the obvious closeness of the void profiles 
shown in fig. 20 

8. Conclusions 

By assuming that turbulence is associated only 
with the continuous component of a two-phase mix,­
ture, two-phase Reynolds shear stress expressions 
can be derived from first principles. 

Flow structure equations obtained using the 
Prandtl mixing length concept satisfactorily describe 
the flow structure of bubble flow and of droplet flow. 
These equations are helpful in interpreting flow de­
velopment behaviour, heat transfer effects, and film 
structure in annular flow. 
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Notation 

a, b,c 
c', c" 

cn,d 
f 
G 
I 

i 
k 
m 
n 
p 

Q 
r 
r 
s 
R 

= coefficients, 
= constants of integration, 
= coefficients, 
= film thickness. 
= mass velocity, 
= inertial force per unit volume, 
= UgQ + UI (1-o), 
= mixing length constant, 
= exponent, 
= exponent, 
= pressure, 
= volume flow rate, 
= position vector, 
= radial position, 
= electric film thickness, 
= radius of round tube, 

R' = wall-voidage maximum (or minimum) 
distance, 

U = velocity vector, 
U, V, W = components of U, 
u* =.Jr:;;r;;, 
u, v, w = statistical averages of U, V and W, 
w 
X 
y 
Q 

{3 

(J { 

p 

T 

= power, 
= mass quality Gg/(G1 + Gg) = Gg/G, 
= distance from wall, 
= voidage, = 8, 
-== volumetric flow ratio, Qgl(Qg + Q1), 

= I at point in gas region, 
= 0 at point in liquid region. 
= density, 
= shear stress 

Subscripts 
c = value at duct centre, 
f = film region, 
g = value for gas phase, 
in = inlet value, 

= value for liquid phase, 
out = outlet value, 
w = value at duct wall, 
x, y, z = components values in rectilinear co-ordi­

nates (z-co-ordinate = axial direction). 

Superscripts 
' = fluctuating component of quantity about 

mean. 
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Operators 

V = 'nabla' = i l_ + j l_ + k l___ ax ay az, 
a 
at = partial derivative with respect to time, 

D 
Dt 

= substantial derivative,= :t + U· V, 

( ) = average over cross-section, 
= ensemble average. 

Appendix 

Derivation of voidage deficiency equations 
a. Bubble flow 
From eq. (la) 

Following single phase Prandtl mixing length theory 

assumptions 

- ( du1)2 u{v{ = kyd.Y 

But, from eq. (2a), du1 = -a-1 d(l-o:), $0 

Integrating 

(autf~k) lny = -(l -o:)312 + c' . 

The constant of integration may be removed by 
noting that y = R, a= o:c, so that 

( au*) 
(1-o:)3/2 = (1-o:c)3/2 - 1/ ln(y/R). 

3 

b. Droplet flow 
From eq. (lb) 

Assume 

u' v' = (ky dug ) 2 
g g dy 

But, from (2b), dug= c-1 do:, so that 

Integrating 

But o: = o:c at y = R, so 

o:3/2 = o:~/2 + ( :u:) In (y/R) . 
3 

Strictly speaking the assumptions on which the 

Prandtl mixing length approach are based (shear stress 

independent of radius and mixing length proportional 

to the distance from the wall) limit the theory to the 

region near the wall. However, inaccuracies in the two 

assumptions tend to cancel each other out. and the 

resulting deficiency equations apply over most of the 

core. In fact, as well as being simpler and mathemati­

cally more amenable, Prandtl's theory tends to agree 

with single phase data better than more sophisticated 

theories involving fewer assumptions. 
The assumptions behind Prandtl mixing length 

theory are most critical at the duct centre. The as­

sumption of a constant shear stress over the duct 

clearly breaks down at the centre (it should be zero 

here) with the result that profiles predicted by the 
theory, as opposed to experimental profiles, do not 

have a zero gradient at the centre. This is apparent 

in the figures of this report. 
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A NOTE ON THE CALCULATION OF TWO-PHASE PRESSURE LOSSES 
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The calculation of axial differences in static pressure for two-phase flow along a pipe is discussed in relation to the 
evaluation of two-phase friction. Two-phase friction equations derived from mixing length theory are summarised. The 
equations compare favourably with data covering the following fluid conditions at the wall: bubble tlow, wavy gas­
liquid interface, tlow with very small bubbles. attached wall bubbles, and dry wall. 

1. Introduction 

Static pressure differences for flow along a pipe 
usually have three components: friction ( discussed 
here), gravitation, and acceleration. Calculation of the 
gravitational contribution 

j(p/1 - (o:)) + Pg (o:)) gdh, 

depends on a voidage correlation. For those flow pat­
terns where gravity contributes significantly to the 
total pressure difference, satisfactory voidage correla­
tions can be found in ref. [I). For other cases (annular 
flows) less satisfactory correlations exist; fortunately 
gravity plays only a small part here and a calculation 
using the homogeneous model will suffice. 

An exact treatment of the acceleration component 
has not yet been achieved. The widely accepted appli­
cation of a void correlation, which involves the never 
stated assumption that 

2 <u/ 1 - o:))2 
(pQµ.;;,_ (1 - o:) + pgµi o:) = Pll. ( 1-o:) 

(ugo:)2 

+pg(o)' 

is certainly incorrect. On the other hand, there is grow­
ing evidence that a homogeneous treatment, as follows: 

2 2 G 2 [ (Pr;_ )} -(p u (1-o:) + p u o:) =- 1 + X - -I • , 
J2 Q g g pll. Pg 

is fairly reasonable. Thus the difference between the 
values of this quantity at two points in a pipe is re­
garded as the acceleration component of the pressure 
difference between the two points. 

In many cases, particularly for high flow rates, the 
frictional losses are the dominating component. Single­
phase frictional pressure gradients can be calculated 
using a friction factor 

J= pD (dP/dz)/2G2 , 

the value of which depends on the surface roughness 
ratio e/D and a second dimensionless group R = DG/µ, 
the Reynolds number, as given by Colebrook's equa­
tion: 

I/,Jf = 3.48 - 4 log [2e/D + 9.35/R,Jf]. (1) 

Analysis has shown that eq. (I) also holds for the 
two-phase flow situation provided f and R are appro­
priately defined for the particular type of two-phase 
flow. The analysis was initiated as a result of a fairly 
extensive study of two-phase pressure drop data (2, 3). 
In this work, a particular method of plotting two-phase 
friction data resolved these results rather precisely into 
groups with similar characteristics, suggesting fairly 
distinct flow regime effects. As a first step towards ex­
plaining this, Prandtl's mixing length theory was 
adapted to the turbulent core of two-phase flow [4]. 
Separate phase and velocity distribution expressions 
were obtained for bubble and droplet flow. Comparison 
with flow structure data showed them to be not un­
reasonable. 
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The two-phase mixing length theory has since been 
extended by applying boundary conditions as set by 
the flow in the vicinity of the duct wall. It now appears 
that the different characteristics found in refs. [2, 3] 
were not due to differences in the flow structure of 
the turbulent core, but rather to those in the flow close 
to the wall. Although this work i's still in progress, cer­
tain useful results have emerged. These results are pre­
sented here. A more complete description of this work, 
including derivations, more extensive comparisons with 
data, discussions of ranges of applicability, etc. will 
be published later. 

2. Two-phase flow friction losses 

2.1. Pipes 

Five separate models describing flow near the wall 
have been considered: (1) bubbly flow; (2) wavy 
gas-liquid interface; (3) flow with very small bubbles; 
(4) attached wall bubbles; and (5) dry wall*. For these 
models, friction factor f, surface roughness ratio E/D, 
and a dimensionless group R are related by eq. (1) 
provided f and R are defined as in table 1. 

It will be noticed that except for the last case the 
dimensionless group R is a form of Reynolds num­
ber. The group R in the attached wall bubble model 
is actually 2.4 v'We, where We is a two-phase Weber_ 
number. (The Weber number is a measure of the re­
lative magnitude of inertia and surface tension forces.) 
The value 2.4 is an as yet unoptimised empirical coef­
ficient. Also, the development of this model is such 
that, irrespective of its true value, E must be placed 
equal to zero for pressure loss calculations for this 
type of flow. 

Since it is a widely used parameter, table 1 also 
contains expressions for the two-phase multiplier 

* Other flow types include those which are an inversion of 
those considered, e.g. a dry wall with attached wall droplets 
can be considered ali an inversion of the attached wall bubble 
model. These flows are regarded as being uncommon, and 
in any case interchanging gas and liquid quantities in tables I 
and 2 results in appropriate definitions for these flows. 

where the subscript LO indicates a calculation as if the 
flow was all liquid with the mixture mass velocity. This 
applies to those flows in which eq. (1) can be approxi­
mated by a Blasius type approximation fa: R-0-2. This 
cannot be done as readily for the attached wall bubble 
model since here the dimensionless group R lies in a 
range where the exponent of the Blasius type approx­
imation to eq. (1) is different from that for the 'liquid 
only' part of the two-phase multiplier expression. 

The demarcation of the various flow regimes is an 
as yet unsolved problem, and, judging from the diffi­
culty in accurately separating the single phase laminar 
and turbulent regimes, is likely to remain so for some 
time. As a first estimate of ranges of applicability, each 
model can be considered to apply to the type of flow 
in the example column of table 1. 

To obtain the frictionai component of the pressure 
difference in cases where the quantities vary axially, 
the local frictional pressure gradient should be inte­
grated between the points of interest. 

2. 2. Complex geometries 

Following single phase experience, it would appear 
reasonable to extend the pipe equations to complex 
geometries through the use of the equivalent hydraulic 
diameter ( 4 X flow area + total perimeter) provided 
flow patterns near separate surfaces are the same. Of 
special interest to reactor engineers are rod clusters with 
heated rods in an unheated shroud, where different 
types of wall flows may be expected. Data analysis to 
date has, nevertheless, shown that the attached wall 
void model equations are applicable here if the hydrau­
lic diameter concept is used. 

2. 3. Piping components 

Just as the single phase friction-factor-Reynolds 
number relation can be extended to the two-phase situa­
tion, the single phase loss coefficient (K) - Reynolds 
number (R) relation applicable to a given component 
(expansion, contraction, etc.) holds for the two-phase 
situation if Kand R are defined as in table 2. Also 
shown is the two-phase multiplier (AP/APLQ) for con­
ditions where the Reynolds number dependence is an 
inverse one-fifth relation. Bend losses do not conform 
to either of the cases summarised in table 2. 
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3. Comparison with data 

For demonstration only, figs. I - 7 show compar­
isons between predictions from the recommended 
equations and one example of data taken from the lite­
rature for each of the flow types in tables I and 2. The 
values of E used in figs. 3 and 4 where obtained from 
single phase data given in ref. [ 12]. 

The steam-water data presemea 111 ngs,.,-.J weic 
based on analysis of the raw data of refs. [ 7-9] with 
the homogeneous model being used for the accelera­
tion component and, in the absence of flow regime 
information, the Jones void correlation [ 13] being used 
for the gravity component calculation. Due to the 
small contribution of this component, errors involved 
do not strongly affect the frictional component evalua­
tion. Fluid properties used are those corresponding to 
saturation conditions at the test section midpoint. 

In the case of the diabatic data in figs. 4 and 5, the 
calculated average frictional pressure gradient between 
the inlet and outlet is taken to be the local point gra­
dient midway between the two points. It has been 
shown (2, 3] that such an assumption is reasonable 

if the variation of the frictional gradient with quality 
is approximately linear and/or the quality difference 
between the two points is small. 

The data presented in figs. 1, 2 and 7 were based on 
data already reduced to the frictional pressure gradient 
(or its equivalent) in refs. [5, 6. 11 ]. As recommended 
here, the homogeneous model was used for the accelera­
tion component in ref. [ 5]; the acceleration component 
was small and neglected in ref. [6], and the authors of 
ref. [ 11] did not state their method of allowing for 
this component. 

4. Discussion and conclusions 

Although the agreement between data and the re­
commended curves is encouraging, the possibility of 
various errors compensating for each other must be 
considered. There is, however, some evidence (not 
necessarily based on data presented here) that the 
various techniques used are reasonable: 

(I) The gravitational component is small or cor­
rectly accounted for since flow orientation does 
not affect the final friction factor plot. 

7x 10-3 ------------~-------~----~-----, 

R.f. 5, round tub• data 
air-water hori1ontol flow 
0 ° 25.4 and 50.8 mm 
P • 0.1-0.3 MPo 
X 0.0006-0.0033 

• 

• • • . -;--..._ .... 
3 X 10-3 ~-------------<--------~----~---~ 

5x 105 
R 

Fig. I. Comparison of equation for bubble flow near wall with data 

I +X cl/ -I) 
("''" • ,.,,, ) J l+X g -1 

(µg + 1,i)Pg 
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Table I. "' 00 

Definitions for two-phllliC t:riction calculations for ducts and channels. 

Subhyer 

structure Example f R 2 
<l>LO 

pQD dP/dz DG 
I +X c: -l) { CQ nob { (3.5µ +2µe)PQ ) r2 

Bubble Bubble flo·w l+X --1 l+X ( ! ) - l 

2c2{1+x(:: -1 )} 
µQ (3.5µ +2µQ)pQ ) Pg µg µQ Pg l+X g -1 

(µtµQ) Pg 

1+x(~-1) 
{1+xC: -1) f~ {1+x~ _ 1) f2 

\:, 
Wavy Annular flow DG Pg ::a 
gas/liquid with no µQ CQµg ) �~� 
interface entrainment as above tx, 1 +X ---1 "' p~Q �~� 

~-

1 +X G: -1) �~� 
Very Flow fallowing {1+xc; -I)}°~ {1+x(·5::-l )}°~ 

;:;-
DG 

s:: .. 
small obstnlc:tion as above 5· 
bubbles {bllbb}e OI µQ l~X (3·<: -1) ;,s 

umular flow) �~� 
? 
0 

p~D dP/dz c: y~ G: y~ { 1 + X c: -1) r-8 
'tJ 

DGPg { CQ )} �~� 

Dry Post 'burnout' 
.. -- l+X --1 ., 
"' 

wall flow 2pgG2{1 +x(;;- l )}2 
µgpQ Pg "'<:I -. 

"' ., ., 
s:: 
�~� 

[ G'D{Hxc: -1 )} r o" ., ., 
Flow with "' 2p2D dP/dz 

..., 

attached 2.4 complex 
wall Boiling flow G2 

{ 1 + X c; -1)} P2a 
bubbles 



Table 2. 
Definitions for two-phase loss calculations for obstruction. 

Influence of 
obstruction 
on flow 

Aowis 
separated at 
obstruction 

Flow is churn­
turbulent at 
obstruction 

Example 

Orifice 

Rod spacers, 
expansion, 
etc. 

K 

P2 AP 

G2 
{ I + xc: -I)} 

As above 

R 

DG 
I +X ~~9. - I) 

"2 CQ"g ) l+X---1 
gll2 

l+X(~-1) 
DG Pg 

µQ ( P9. ) 
I +X 3.5~-I 

2 
<l>LO 

{1 +xC; -1 )}°~ {1+xG;: -1)f2 

{ ( 
p )}0.8 { (3 5 )}0.2 

I+ XP:-1 l+X ~:~--1 

�~� 
:;,., 
�~� 

i 
3"· 
�~� 
<>" s:: 
i:i 
5· 
::, 

�~� 

�~� 

""' ::,-., 
�~� 
�~� 

�~� 

�~� 
�~� 

§" 
"" �~� 

<.,,) 

'° '° 



400 D.R.H. Beattie, Calculotion of two-phase pressure losses 
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Ref. 6, 12.7 • 50.8 mm rectangular section data 
air-water glycerol ho11zontal flow 

P 0. I mPo, . 1 0.75 - 5mPo S. , 0 0D5-D 2D '-----~--
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• • 
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5 X 103 

R 
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Fig. 2. Comparison of equation for wavy interface near wall with data 

(2) Adiabatic data exist which, along with diabatic 
data such as those presented in figs. 4 and 5, are 
consistent with the dry wall and attached wall void 
models. The homogneous evaluation of the acceler­
ation component is thus reasonable when the acceler· 
ation is due to a change of phase. 

l+XG;-1) 
1 + X (Pfr.µg - 1) )-

PrlQ 

geneous evaluation of the acceleration component is 
thus reasonable when the acceleration is due to a 
sudden change of flow area. 

(3) Loss coefficient data for sudden expansions 
(where the acceleration component must be added 
to the measured pressure difference to give the loss 
component) and for sudden contractions (where the 
acceleration component is subtracted) are consisteJ:J.t 
both with each other and the model. The homo-

On the other hand, it must be stated that, despite 
the number of alternative friction models presented 
here, there are many data in the literature which are 
inconsistent with all of them. 

It is recommended that static pressure differences 

Ref 8, round tube 68 data 
steam.water upflow 

10" 2 ~--,--~--.--..----,,---,r-,------,----, 

Ref. 7, round tub• 914 doto 
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3x 104 - It 3• 10~ 

Fig. 3. Comparison of equation for small bubbles near wall 
with data 

• 

Eq. I, 
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• 
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5 X 10- 2 .----------,------~---..----,----.---,--..,--,----, 

• 

Ref. 9, 7 rod cluster GS data 
steam-water upflow 

P .::c 5 MPa. De • 11.65 mm 
G, 800-2200 kg m·2 5-I 
Data taken at heat transfer crisis condition 

• 
........ " 
. �~�=�~� . ... -~ 

-2 
10 

•• • • 
• 

R 
Fig. 5. Comparison of equation for attached wall voids with data 

Ref. 10, orifice (or1to rat,o 0.5) data 

s.team-water flow, 0 pipe 4.9 cm 

P "- 8 25 MPo 
G 1356-5400 kg m -1, -I 
____ Predicted curve 
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Nomenclature 

O~-~-~--~-~-~-~ 
D 
f 
G 
h 
K 
R 
u 
We 
X 
Q'. 

= hydraulic diameter 
= friction factor 0 0·04 0 08 0·12 0·16 0·20 0·24 

quality x 

Fig. 6. Comparison of equation for separated flow past an 
obstruction with data. 

for two-phase flow be evaluated by adding the separate 
components (friction, acceleration and gravitation) as 
calculated by methods given in this paper. 

= mass flux 
= height 
= loss coefficient 
= dimensionless group (tables 1 and 2) 
= local velocity 
= Weber number 
= mass quality Gg/(Gg + Ge) 
= local voidage 
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30 ,-------r------,-----,---,----.-----i 

20 

10 

Ref. 11, 37 rod cluster doto 
steom•woter upflow 
C , 500-2000 kg m -2 • - l 
·' P - 3 MPa 
• P :. 5 MPa 
0 P _ 7 MPa 

oc_ __ .J., ___ J_ ___ .J...._ __ __,_ ___ _._=----::-:: 
0 0 05 0 10 0·15 0·20 0·25 0 30 

quality x 

Fig. 7. Comparison of equation for churn-turbulent flow past an obstruction with data. ct{0 refers to outlet region, including 
spacer, cables, and expansion. 

E = surface roughness 
µ = viscosity 
p = density 
a = surface tension 

<l>L20 = dP/dz . AD/ AD t h It' 1· dP'dz I , ~,~LO wo-p ase mu 1p 1er 
1 LO 

dP/dz = frictionai pressure gradient 
M = pressure !os~ at piping component 
( - - > = quantity is averaged over flow cross section 

Subscripts 
£ = liquid 
g = gas 
LO = calculated as if flow was all liquid with mix-

ture mass flux. 
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NOMENCLATURE 

Co 

D 

f 

G 

j 

.+ 
J 

K 

p 

Q 

R 

We 

X 

y 

+ y 

z 

a 

£ 

µ 

p 

b 

Subscripts 

a 

b 

C 

d 

e 

g 

"' 
Opera tor 

<---> 

Zuber's distribution parameter 

diameter 

friction factor 

mass flux 

local mixture velocity 

non-dimensional local mixture velocity 

loss coefficient 

pressure 

volume flowra te 

dimensionless flow parameter defined in text 

Weber number 

quality 

wall distance 

non-dimensional wall distance 

axial distance 

local void fraction 

average volume flow ratio Qg/ (Qg + Q.t) 

surface roughness height 

viscosity 

density 

surface tension 

associated with a rigid surfaced bubble sublayer 

associated with a flexible bubble sublayer 

associated with a sublayer containing a wavy gas-liquid interface 

associated with flows with attached wall voids 

associated with dry wall flows 

gas quantity 

liquid quantity 

quantity is averaged over the flow cross section 
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1, INTRODUCTION 

The frictional loss in flowing liquid systems may be reduced by intro­
ducing of a small amount of a ;:;uitable additive to the liquid, The effect 
is achieved either by loweri.ng the viscosity in the laminar sublayer, or by 
changing the distribution of the Reynold's stresses in the turbulent region 
of the flow, 

Similar effects occur in flowing gas-liquid systems without the aid of 
additives, Under certain conditions the structure of the flow is altered, 
resulting in changes to the effective sublayer viscosity and/or the turbulent 
eddy diffusivity, Furthermore, because of the additional variables in two­
phase flows, two-phase drag reduction has a more pronounced effect on cross 
sectional averaged quantities (such as momentum flux) than in single phase 
flows. 

Since two-phase drag reduction occurs without additives and the conse­
quences are more far-reaching than for single phase flows, it is important 
that suitable design equations should be available, This paper concentrates 
on those types of adiabatic two-phase drag reduction of interest to the 
reactor engineer, Some equations describing the hydrodynamics of such flows 
are presented, together with a method of establishing one set of boundary 
conditions for such flows, Conditions under which two-phase drag reduction 
occurs have not been fully established, nor have equations describing 
diabatic two-phase drag reduction, or two-phase drag reduction under low 
pressure conditions, For simplicity, discussion will be limited mainly to 
round tube geometries, 

2, TWO-PHASE PRESSURE LOSSES 

2,1 Flows with Single-Phase Like Turbulence 

Recently it has been shown (Ref, 1) that much of the available two­
phase pressure loss data can be correlated to within a few per cent by 
modified single phase equations, The method uses Colebrook's friction­
fac tor equation 

ll{i,:; 3,48,, 4 log 0&:/P -t 9,35/(RVf)) (1) 

where f and Rare the two,,phase friction factor and a non,,dimens!onal flow 
parameter, generally a fom of Reynold's nYmber, These are defined according 
to the nature of the sublayer1 

(b) 

t,. ,:; f> ..... d..,p._/ d ... z.....,. 
.. 21' (j>2 

g 

pp <'.j) g . 

for nowa w! th r!g!d•surfaeed bubbles !n the sublayer 

dp/dz Rb .. DP < )> 
µ,t (1 + 2.5 ~) 
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(c) for flows with flexible bubbles in the sublayer 

f 
C 

= D dp/dz 
2P (j) 2 

(d) for flows with a wavy gas-liquid interface within the sublayer 

( e) 

f d = D _d,;.,p'"'"/_d_z_ 
2P <j) 2 ' 

R _ DP (j) 
d - µ A, ( 1 - ~) + µ g~ 

for flows with attached wall voids 

f = D 
e 

2dp/dz 
p (j)2 

Re = 2.4 { P <p2Df 
(J 

; and 

For this type of flow, Eq. (1) is applicable if t is put equal to 
zero regardless of the true roughness, Note that R here is basically a two­
phase Weber number. 

In the above definitions, P = PA, (1 - ~) + Pg~ 

As is the case with single phase flows, Eq. (1) arises from non-dimensional 
velocity profile of the form 

.+ 5.5 + 2,5 A,n + (smooth tube) J = y 

and .+ 8,5 + 2.5 A,n y/t (rough tube) J = 

.+ . \)2 where ....L. -J = (j> f 

and + :L R\[f y = D 2 

In addition to the implicit validity of Eqs, (2) and (3) due to the 
agreement of Eq, (1) with data, Eq, (2) has been confirmed by several two­
phase velocity profile measurements, As in single phase flow, Eq, (2) 
holds only above y+ = 30; below this point the curve can be described by 

and + -3,05 + 5,0 A,n y 

2,2 Other Two-Phase Flows 

(for / $ 5) 

( for 5 $ y + < 30) 

( 2) 

(3) 

(4) 

(5) 

It was noted that although Eq, (1) generally applied, often data could 
be classified on the basis of groupings off and R which yielded correlations 
differing from Eq, (1), These correlations tended to have reduced values of 
f with respect to Eq, (1) at high R values, and increased f value at lower R 
values, Data with lower friction values with respect to Eq, (1) were more 
common, 
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The different correlations suggested that the sublayer models associated 
with f and R still applied, but Eqs. (2) and (3), upon which Eq. (1) is based, 
were not valid for some two-phase flows. This idea was reinforced by several 
smooth tube velocity profile results found in the literature which disagreed 
wi th Eq. ( 2) • 

An examination of these anomalous pressure drop and velocity profile 
data showed that a large fraction of them were consistent with the 'universal' 
velocity profile being replaced by a profile in which the buffer region curve, 
Eq. (5), extends over the whole turbulent core. The associated friction 
factor equation, obtained by averaging Eq. (5) over the flow area, is 

! = 8.15 log (Rvt) - 11.11 

..Ji 
( 6) 

4 Systems where Eq. (6) applies form a special class of their own and 
will be referred to in this paper as 'buffer layer dominated' systems. 

3. CLASSIFICATION OF TWO-PHASE DRAG REDUCTION MECHANISMS 

The preceding section indicates that two-phase systems may be classified 
according to the nature of both the sublayer and the non-dimensional velocity 
profile. In addition, the treatment of other two-phase quantities (specifically, 
those that depend on the nature of the void profile) necessitates further 
classification into distributed or separated systems. 

The frequently encountered non-repeatability of two-phase pressure loss 
data provides examples of drag reduction (of the lower friction data with 
respect ~o the higher friction data). The reduction is due to changes in the 
sublayer and/or turbulent core, and may be classified according to which 
change causes the reduction. 

The different drag reduction mechanisms are illustrated in Fig. 1*. 
This figure shows data obtained from a given test section for two different 
mass fluxes. The open symbol data (Ref. 2) were obtained with a long 
'settling length' upstream of the test section, The pressure drop values 
are below the closed aymbol data (Ref, 3) which were obtained from the same 
test seetion under nominally identical conditions except that a throttling 
valve was placed just up1tre1m of the test section, 

There it a noticeable reduction in friction with the longer tettling 
length, Curve fitting the data with the appropriate equations from Section 
2 shows that the reduction is due either to I change of iublayer from 1 
rigid surfaced bubble systffll to I systtlffl having free-surfaced bubbles or a 
wavy gas-liquid interface, or to a change in the core to a buffer layer 
dominated structure, 

* Values of D/£ used for the graphs of Figs. 1 and 4 were obtained from 
single phase data (Ref. 2). 
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4, EXTENDED BUFFER REGION VELOCITY DATA 

As stated, many velocity data are consistent with Eq. (5) extending 
over the whole core, Six data sets, covering a wide range of conditions 
and each from a separate reference, are shown in Fig. 2. A rigid surfaced 
bubble sublayer was assumed for all the data of Fig. 2 except those from 

(Refs, 4 and 7) where· the assumption of a sublayer with flexible bubbles 
gave slightly better agreement with Eq. (5). These exceptions are consistent 
with the idea that the rigid surface associated with some bubbles is due to 
impurities in the liquid concentrating on bubble surfaces. The effect is 
expected to be less for liquids with non-polar molecules (Ref, 4 data) and 
also for lower velocity data with resulting larger bubbles (Ref. 7 data), 

Plots such as those of Fig. 2 require assumftions about both the sublayer 
structure and also the friction factor relation. An incorrect assumption of 
either shifts the plot without changing the slope, Consistency of the final 
plot with the assumptions (for example the data of Fig, 2, where Eq. (6) was 
assumed to hold, imply the validity of Eq, (6)) is sufficient to justify the 
approach, 

Where friction data are available with the velocity profiles, these tend 
to confirm the assumptions, One noticeable exception, (from Ref, 8) is in 
Fig, 2. These velocity data imply a buffer layer dominated core, whereas the 
pressure drop associated with this profile, along with other pressure drop 
data (Ref. 8) indicates that Eq. (1) rather than Eq. (6) (the buffer layer 
dominated friction equation) describes the friction characteristics, A 
tentative explanation is that the velocity data, which were measured down­
stream of the pressure taps, were obtained in a region where the flow 
structure changed because of increased distance from the entrance (see Section 
5,1) or because of the influence of_ the velocity measuring probe, 

5. BUFFER LAYER DOMINATED FRICTION FACTORS 

5,1 Entrance Effects 

As might be expected from single phase experience, entrance region 
friction factors for buffer layer dominated flows are slightly above those 
predicted from Eq. (6). The effect is more pronounced than for single phase 
flows. Typical data from (Ref, 10) measured 36 diameters from a gas-
liquid mixer, are shown in Fig, 3a. The data approach Eq. (6) with increasing 
R, as might also be expected from single phase experience, The data of Fig, 
3a cover a reasonably wide range of conditions, as can be seen from Fig, 3b, 
(Most of the other data from (Ref. 10) are slightly above the prediction of 
Eq. (1) using the attached wall void grouping for f and R, f and R. These e e 
data approach Eq. (1) with increasing values of R ). 

e 

With increasing distance from the entrance, the drag reduced data 
approach Eq, (6) (Fig. 3c), An additional effect of distance is to change 
the regime boundary conditions, The highest R data of Fig, 3c were obtained 

-2-1 -2-1 
at Gg = 820 kg m s and GA= 2060 kg m s This is outside the range 

• Only a small fraction of two-phase flow structure data in the literature 
have associated pressure loss data, This is surprising considering the 
connection between turbulence and wall shear. 
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of applicability of Eq. (6) at 36 diameters from the entrance (see Fig. 3b), 
but Eq. (6) is evidently valid further downstream ( > 116 diameters). 
Similar changes of the buffer layer dominated regime boundary can be inferred 
from the steam-water data of (Ref. 12). 

5.2 The Relation Between Two-Phase Drag Reduction and Hydrodynamic 

Dryout 

For adiabatic gas-liquid flows with sufficiently high values of mass 
flux and quality, liquid may be stripped from the wall and be completely 
contained as liquid droplets within the turbulent core. Friction losses 
for such flows are described by Colebrook's equation (Eq. (1)), using the 
dry wall groupings off and R, f and R. a a 

For convenience, these flows may be considered as occupying a certain 
region of the mass flux-quality plane. Substitution of the various sublayer 
dimensionless groups into Eq. (1) shows that a large step reduction in 
frictional pressure drop would have to occur at the boundary of the dry wall 
region for Eq. (1) to be valid for wet wall flows near the boundary. 

Extensive analysis of high pressure steam-water data shows that such a 
step change does not occur, and friction data for conditions near hydro­
dynamic dryout are described by Eq. (6) using the rigid surfaced bubble 
sublayer groupings off and R. Flows near the dryout condition are thus 
buffer layer dominated, and appear to act as a partial transition between 
the lower quality wet wall high friction flows and the high quality dry wall 
low friction flows, both of which are given by Eq. (1). In fact, the 
boundary between the dry wall regime and the buffer layer dominated regime 
appears to occur when the pressure losses associated with each type of flow 
are equal, i.e. when 

where 

and 

4f a 
D 

p D <j) 
f = f ( g ) and is given by Eq. (1) 
a a µg 

{PA (1 - 8 ~) + P �~� I (j) D 
fb = fb ( i ) and is given by Eq. (6) 

µl ( 1 + 2.5 �~� 

(7) 

Fig. 4a shows an empirical sublayer regime map, using the mass flux­
quality plane, based on data of (Ref. 2). As can been seen, Eq. (7) appears 
to give a reasonable approximation to the boundary of the dry wall regime. 
Fig. 4b indicates that the assumed sublayer and core .structure assigned to 
each point of Fig. 4a are reasonable. Each point in Fig. 4b corresponds to 
one of Fig. 4a, with corresponding points having the same symbol. 

5.3 Effect of Drag Reduction on Voidage 

As stated, the effects of the drag reduction phenomenon are more far 
reaching for two-phase systems than for single phase systems. Quantities 
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significantly influenced by drag reduction in two-phase systems but not 
(where applicable) in single phase systems include the cross-sectional 
averaged value of voidage, momentum and kinetic energy fluxes, pressure 
pulse propagation velocity, and the onset of choking. As an example, the 
case of voidage in distributed two-phase systems is discussed. 

As shown by Zuber et al (Ref. 13), the averaged voidage of a horizontal 
distributed two-phase flow system may be given by 

(a)• ~/Co 

where Co is a 'distribution parameter'. Typical empirically determined 
values for Co are 1.2 (round tubes) and 1.4 (rectangular channels). 

(8) 

It will be shown elsewhere that the ratio (maximum velocity)/(average 
velocity) represents a reasonable estimate of Co. Manipulation of Eqs. (2) 
and (5) then shows that 

Co= 1 + 2.65~ (9.) 

for flows where f is given by Eq. (1), 

and Co = 1 + 5.3 �~� (10) 

for flows where f is given by Eq. (6). 

For typical values of R, Eqs. (9) and (10) predict respective Co values 
of 1.2 and 1.4. This suggests that the rectangular section data analysed in 
(Ref. 13) contained buffer layer dominated flows. 

Data from (Ref. 14) can be us_ed to test the validity of Eq. (10) for 
atypical conditions. Void profile and pressure loss data showed that the 
flows were distributed, buffer layer dominated, with a wavy gas-liquid 
interface within the sublayer (a classification which implies visual 
classification as slug, semi-annular, or froth). The data included very 
low values of Rd! with the result that drag was increased with respect to 
Eq. (1) rather than reduced, as expected from Eq. (6). 

Average void data were converted tovaluesof Co using Eq. (8) and 
plotted as a function of R (Fig. 5). Although Co values are much larger 
than those normally encoun~ered (Ref. 13), data are in reasonable agreement 
with Eq. (10) except at very low values of Rd. The discrepancy here is at 
least partly due to the neglect of the laminar sublayer (which is no longer 
negligible at these conditions) in the development of Eq. (10). 

Data and Eq.(10) both approach the Zuber et al (Ref. 13) reconmendation, 
Co• 1.4, for normally encountered values of Rd. 

6. OTHER TYPES OF TWO-PHASE DRAG REDUCTION 

6.1 Drag Reduction at Obstructions 

In (Ref. 1) it was suggested that plots of the two-phase loss coefficient 

K • D.P {( p .(, (1 - a) + Pga] (j)2f-l against the appropriate Reynold's number R 

should coincide with the single phase loss coefficient ·· Reynold's number plot. 
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Air-water experiments on a 6-pin spacer for a 12,7 mm rod in a 25,4 mm 
tube showed this to be only partially true, The choice of the wavy gas­
liquid sublayer grouping of R, Rd' was necessary to correlate the data, but 
the plot fell fairly distinctly onto two lines (Fig. 6), One line agrees with 
the single phase data, but the other has drag reduction characteristics at the 
higher values of Rd. 

Furthermore, although friction data downstream of the spacer were generally 
correlated by Colebrook's equation (Eq. (!))using the rigid-surfaced bubble 
sublayer groupings for f and R, Rb and fb' some of the friction data obtained 
simultaneously with reduced loss coefficients were correlated by Eq, (6) using 
the wavy gas-liquid interface sublayer grouping of R, Rd' suggesting that two­
phase drag reduction may be induced by upstream disturbances, 

6,2 Flows with Attached Wall Voids 

The recommended use of Eq. (1) for attached wall voids summarised in 
Section 2.1, has been found to apply to two-component flows in complex and 
simple geometries, and to diabatic steam-water flows in complex geometries 
but not for diabatic steam-water flows in round tubes, For the latter 
conditions, data correlations of friction factor with the Weber number grouping 
of R, R, indicate an attached wall void sublayer, but the plot shows drag 

e 
reduction characteristics, 

An example, based on diabatic steam-water data from (Ref, 2) is shown in 
Fig, 7, This figure also shows two-component data from (Ref. 15) to demonstrate 
the validity of the (Ref, 1) attached wall void equations for some round tube 
geometries, 

6,3 Low Pressure Data 

Velocity profile and/or pressure loss data for low pressure separated 
gas-liquid flows tend to show drag reduction characteristics. The velocity 
data are steeper and friction data are lower than for buffer layer dominated 
flows, Examples can be found in the low pressure data of (Ref, 2) and (Ref, 4). 

7. CONCLUSIONS 

Drag reduction may occur in gas-liquid systems without additives, The 
reduction is associated with changes in the sublayer and/or changes in the 
turbulence structure, 

A large fraction of data where reduction is due to changes in the 
turbulence structure are consistent with the buffer region of the universal 
velocity profile extending over the whole core, A friction factor: Reynold's 
number relationship for such data is given by Eq. (6). The boundary conditions 
for such flows depend on the entrance length except for an upper limit which 
is determined by Eq, (7). 
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Friction Factors and Regime Transitions in 
High Pressure Steam-Water Flows 

D. R. H. BEATTIE 

ABSTRACT 

Frictional characteristics are used to define 
flow regimes ·and a multiple regime classification, 
based largely on frictional effects, is discussed. 

Regime types and boundaries are determined for 
typical adiabatic and diabatic flow in round tubes, 
annuli, and rod clusters, with and without flow 
disturbing influences, by curve fitting data with 
selected friction factor expressions based on mixing 
length theory. Resulting equations and their ranges 
of applicability are tentatively recommended for 
design purposes. 

All regime boundaries are qualitatively consis­
tent with the concept of continuity of entropy pro­
duction rate across a regime boundary. This concept 
should prove useful in improving methods for predic­
ting the heat transfer crisis. 

NOMENCLATURE 

A entropy production rate due to viscous 
dissipation, kg m- 1s-3K-l 

B entropy production rate due to heat transfer, 
kg m- 1s-3K- 1 

C entropy production rate due to flow 
redistribution kg m- 1s-3K-1 

D equivalent diameter, m 
f friction factor 
g total entropy production rate, kg m- 1s-3K-l 
G mass flux, kg m- 2s-1 

j+ volumetric flux, m s-1 
j (j/<j>)/,1£/2 
p 

dP/dz 
q 

Re 
T 
We 

Y+ 
y 
B 
£ 

I\ 

\J 
p 

a 
T 

pressure, Pa 
frictional pressure gradient, Pa m- 1 

heat flux, W m- 2 

Reynolds number 
absolute temperature, K 
Weber number 
wall distance, m 
(y /D\ Rev'f,/2 
gas volume flow ratio, <j >/{<j > + <j£>) 
wall roughness height, mg g 
driving force for flow redistribution, m s-2 

viscosity, Pas 
density, kg m-3 
surface tension, N m- 1 
stress tensor, Pa 

Subscripts 

g gas 
£ liquid 
w 

<---> 
wall 
quantity is averaged over flow section 

1 

INTRODUCTION 

It has long been recognized from observations 
of two-phase flows that a number of distinct flow 
regimes are possible. Also, it has been recognized 
that, from a design viewpoint, knowledge of regime 
bo,mdaries is as likely to be as important in two­
pi;ase flow, as knowledge of the laminar-turbulent 
flow regime boundary is in single phase flow. 

Owing to the limited understanding of two-phase 
fluid mechanics, regime change effects have been con­
sidered of secondary importance, with emphasis being 
placed on attempts to obtain design equations which 
are reasonably valid for all regimes. The need for 
increased accuracy has resulted in such equations 
being replaced by a series of equations, each re­
Lating to a different regime. For example, although 
the homogeneous model was once regarded as being suf­
ficient for estimating void fraction, momentum flux, 
pressure loss, etc., recent works concentrate on dif­
ferent models for each regime [1] 1 , and newer 
empirical or semi-empirical equations for voidage [2] 
and pressure loss [3] incorporate regime change 
effects. 

Visual interpretation can be highly subjective, 
and it is not surprising that different visually-based 
recommendations for regime boundary estimation can be 
highly contradictory [3]. Since knowledge of flow 
regimes is important as an aid in choosing design 
equations, the subjectivity associated with visual 
classifications can best be removed by associating 
regime boundaries with changes in those quantitative 
fluid mechanical characteristics of interest to the 
designer. 

Because of the availability of pressuie drop 
data, frictional characteristics are used here to 
define various regimes and a multiple regime classi­
fication, based largely on frictional effects is dis­
cussed. It is believed that such regimes may be 
significant for the interpretation of other phenomena, 
e.g. heat transfer. '-, 

Regime types and regime boundary behaviour dis~ 
cussed here have been based largely on an analysis of 
data from high pressure steam-water systems of interest 
to the reactor engineer. 

2. CLASSIFICATION OF TWO-PHASE FLOW REGIMES 

As stated, we specify flow regimes partly by the 
nature of the frictional characteristics of each 
regime. According to an as yet unpublished extension 

1Numbers in brackets designate referenro ,~ --~ -~ 
paper 



of a t1,o-phase mixing length theory [ 4] , the 
frictional behaviour may be classified by a system 
involving the definition of several parameters: 

(i) The nature of the sublayer. This deter­
mines the form of the non-dimensional 
group relevant to friction calculations. 
The important sublayer types and the cor­
responding dimensionless groups are 

(a) Dry wall sublayers: 

Re = Dpg <j>/µg 

(b) Sublayer containing rigid surfaced 
bubbles: 

Re= Dp <j>/{µ£ (1 + 2.58)} 

(c) Su,~layer containing bubbles with 
a non-rigid surface: 

(d) A wavy gas-liquid interface extends 
to within the laminar sublayer: 

(e) Sublayer containing attached wall 
voids: 

We= Dp<j> 2/o 

(a) 

(b) 

(d) 

(e) 

In the above, p = p£(1 - S) + PgS. 
Viscosities used in the Reynolds numbers are 

respectively based on the gas only value, Einstein's 
model for rigid spheres [5], Taylor's model for 
bubbles [6], and a void-weighted average. The gas 
density is used for the dry wall case; pas defined 
above is assumed to be applicable to other sublayers. 
The Weber number is a consequence of an assumed 
effective roughness given by a bubble breakaway dia­
meter obtained from a balance between surface ten­
sion and shear forces. 

The friction factor for the above dimensionless 
grou2s is 

f 
DdP/dz 
2p <j >2 

except for the dry wall case, 

where f = DdP/dz 
2p <j >2 

g 

2 

(ii) The nature of the non-dimensional 
velocity profile. This determines the 
relation between the friction L1ctor and 
the relevant dimensionless groups. 
Friction factor relations relevant to 
this paper are: 

1/lf= 3.48 - 4 log (2E/D + 9.35/Relf) 

(or the appropriate single phase equation 
for geometries where the above is 
invalid) ( 1) 

1/lf = 8.15 log Relf - 11.1 

1/lf = 16 log Relf - 43 

(2) 

(3) 

1/lf = 16 log Relf - 56. 7 (4) 

1/lf 16 log Relf - 72.4 (5) 

1/lf 5.66 log We f + 1. 7 (6) 

1/lf = 14 log We f - 10.4 (7) 

The different coefficients are a consequence 
of the fact that, empirically, coefficients appearing 
in the two-phase non-dimensional velocity profile do 
not have unique values. The set of equations is not 
exhaustive. The applicability of equations (1) and 
(2) to some two-phase flows has already been demon­
strated in [7] and [8]. 

Thus, friction calculations imply a double 
classification of two-phase flows, involving the sub­
layer structure (which defines the relevant group) 
and the non-dimensional velocity profile form (which 
defines the relation between dimensionless groups). 
The second classification may be subclassified 
according to the value of the coefficient of the log 
term in equations (1) to (7) - generally part of the 
series 4(2)n/2 - and the value of the constant in the 
right hand side of equations (1) to (7). 

In addition to the classification of regimes 
according to the nature of frictional characteristics, 
the treatment of two-phase quantities which depend on 
the nature of the void profile necessitates further 
classification into distributed or separated systems. 
The high voidage separated flow friction data from 
[9] demonstrate the need for this. Contrary to the 
separated flow friction data &rom (10] which are 
described by equation (ld)l Fig.l demonstrates that 
the data from [9] are described by equation (le) 
which has been shown to be valid for some bubble flows 
[7]. Thus, although the data were from flows having 
an a;,..nular appearance, the flows, contrary to one's 
intuition, can be associated with the same frictional 
~egime as some bubble flows. On the other hand, the 
behaviour of associated void data from (9] for the 
same separated flows differ markedly from distributed 
flow void behaviour. Frictional information is thus 
insufficient to specify all flow characteristics. 

3. DATA ANALYSIS 

Analysis of several thousand high pressure 
steam-water friction data has indicated that low 
quality (presumably visually bubbly) flows and high 

,. .... ,-----r---..---,,--r--.--r-r-T'"T----..----,---, 
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Fig.l. Bubble-flow like friction for separated flow dat, 

1Equation (ld) means equation (1) is used with 
Reynolds number defined by equation (d). 



quality dry wall flows are each described by 
equations (lb) and (la) respectively, with almost 
complete generality. However, equation types and 
hence flow regimes applicable to intermediate 
qualities are strongly dependent on other factors 
(geometry type, entrance effects, etc.) and it has 
become necessary to develop several sets of 
equations, each applicable to a given set of circum­
stances. 

Representative high pressure steam-water fric­
tion data are discussed below to demonstrate the 
method of determining flow regimes and boundaries. 
Each example given is typical of other data of its 
type. Data reduction, and the reduction of inte­
grated diabatic values to local values, is discussed 
in [11]. Where applicable, surface roughness values 
used in equation (1) were obtained from single phase 
data given with the data analysed. 
3.1 Adiabatic Flow in Round Tubes with Long Upstream 

Settling Length 
For round tube adiabatic flows with long 

settling lengths (~500 diameters) upstream of the 
test section, data are described by equations (lb), 
(4d), (2b), and (la) for increasing levels of steam 
quality respectively. The boundaries between 
separate quality ranges, i.e. regime boundaries, are 
accurately given by the intersects of the equations. 

In Fig. 2, it can be seen that the data are des­
cribed as above except for low mass flux, high 
quality data. In this region, the recommended equa­
tions must break down since, in the quality range, 
equation (2b) no longer gives a friction factor less 
than the unity quality value, and equations (2b) and 
(la) can no longer intersect. The low mass flux high 
quality approach to the unity quality friction factor 
is via a different undetermined mechanism. Neverthe­
less, the data of Fig.2 are adequately described by 
the above equations, even for low mass flux high 
quality flows. 
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Fig.2. Adiabatic friction factors for a round tube 
with a long upstream settling length 

3.2 Adiabatic Flow in Round Tubes with Shorter 
Settling Lengths 
Most data in this class are curve-fitted as in 

section (3.1) except equation (2b) is replaced by 

equation (3c). An example is shown in Fig.3. Dis­
crepancies again exist between the data and the equa­
tions for low mass flux high quality conditions. 

Other data of this type are described by equa­
tions (lb), (4d), (2b) and (la), as in section (3 .1), 
except that regime changes occur anomalously at quali­
ties differing from those given by the intersects of 
the various equations, resulting in discontinuities 
in the friction factor curves. Two examples are shown 
in Fig.4. One of these examples demonstrates a fur­
ther effect of shorter settling lengths, namely a 
tendency towards non-reproducibility, due presumably 
to a transition from shorter settling length charac­
teristics to longer settling length characteristics 
at a non-unique position in the test section. 

As stated, intermediate to high quality data 
from systems without long upstream settling lengths 
are generally described by equation .(3c). Sometimes 
equation (3b) describes this regime better. The dif­
ference between the two equations is in the nature of 
the bubble sublayer. In explanation, it is supposed 
that owing to the polar nature of water molecules, 
impurities in the fluid concentrate on gas-liquid 
interfaces. This tends to cause bubbles sufficiently 
small to act as rigid sphere. Thus, in the data dis­
cussed so far in this paper it might be assumed that 
sublayer bubbles are extremely small except when equa­
tion (3c) is applied (Fig.3). In the latter case, 
the flexibility of the larger sublayer bubbles has not 
been destroyed by the small amount of impurities 
present. For laboratories where water control is not 
expected to be stringently monitored, these bubbles 
may still behave as rigid spheres. Thus, for example, 
the intermediate to high quality data from the Univer­
sity of Minnesota [14] is described by equation (3b) 
and not by equation (3c). 
3.3 Adiabatic Flow in Large Diameter Tubes 

Most data indicate that the first two regimes 
for round tube adiabatic flows are described by equa­
tions (lb) and (4d). The data are, however, from 
small diameter tubes, and equations (lb) and (4d) 
become meaningless when applied to the riser region 
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of a reactor: the intersect of equations (lb) and 
(4d) no longer occurs in the positive quality range. 

Large diameter (7.62 cm) high mass flux (up to 
2667 kg m-2s-1) data [15] indicate that equation (4d) 
is replaced by equation (Sd). The changed coefficient 
in the friction factor expression is sufficient to 
cause the intersect of the two equatio~s to occur at 
positive qualities. 
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Fig.4. Discontinuities in and non-reproducibility of 
adiabatic friction factor curves for round 
tubes with short settling length 

3.4 Unobstructed Diabatic Flow in Round Tubes 
Data are described for low, intermediate and 

high qualities by equations (lb), (7e) and (la) res­
pectively. Regime boundaries are approximately given 
by the intersect of the different curves, except where 
dryout occurs in the region where the pre-dryout data 
is described by equation (7e). The friction factor 
then drops discontinuously towards the dry wall value 
given by equation (la). 

Typical round tube diabatic flow data are shown 
in Fig.5. Lower quality post-dryout data approach the 
dry wall equation rather than agree with it because 
the pressure taps were such that only some of the 
test section was in the dryout condition. 

3.5 Diabatic Flow in Round Tubes with an Upstream 
Obstruction 
Fig.6 shows upflow and downflow data from [16] 

obtained at heat transfer crisis conditions with 
(closed symbols) and without (open symbols) a 
throttling value of (~P - 1 MPa) 32 diameters up­
stream of the test section. The test section is the 
same as that from which the data of Fig.4 were 
obtained. 

The data without the upstream disturbance are 
adequately described by the diabatic flow recommenda­
tions given in section (3.4), as are the low mass 
flux data with the upstream disturbance. 

The higher mass flux data are, however, 
noticeably changed by the upstream disturbance, and 
are better described by equation (3b) involving a 
bubble sublayer, rather than by equation (7e) invol­
ving attached wall voids. In view of the similarity 
to the intermediate quality adiabatic data from the 
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same test section (Fig.3) described by equation (3c) 
and of the earlier discussion of bubble types (section 
(3.2)), it is reasonable to conclude that in this case 
the effect of the obstruction has been to reduce 
bubble size and to suppress the boiling mechanism at 
high mass fluxes. 

Similar trends can be found in some of the non­
developed inlet flow data from [12]. 

3.6 Flow in Annuli and Rod Clusters Where Spacer 
Effects are Small 
Adiabatic and diabatic annulus and rod cluster 



data (for lower and intermediate qualities) tend to 
be described by equation (lb) and (6e) respectively, 
provided spacers are separated by at least forty 
equivalent diameters. The regime change occurs at 
the intersect of the two equations. An example 
having both adiabatic and heat transfer crisis data, 
from [17], is shown in Fig.7. 
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Fig. 7. Adiabatic and diabatic friction factors for 
a cluster geometry with small spacer effects 

As in round tube flows, adiabatic high mass 
flux, high quality data from (18], for example, 
indicate a hydrodynamically-induced dry wall regime 
where friction is given by equation (la) occurs for 
qualities above that given by the intersect of 
equations (6e) and (la). Furthermore, limited 
evidence from (19] suggests that heat transfer 
induced dryout on only some surfaces results in a 
step drop in friction factor to a value which may be 
estimated from the pre-dryout equations with the 
equivalent hydraulic diameter being replaced by 
(4 x area)/(non-dried perimeter). It is supposed 
that equation (la)_applies if all surfaces are dry. 

3.7 Flow in Annuli and Rod Clusters with strong 
Spacer Influence 
Spacers in complex geometries cause effects 

similar to those of development-destroying influ­
ences in round tube flows: different equations are 
necessary to describe the data; regime boundaries 
do not coincide with the intersects of the friction 
equations describing the separate regimes; and data 
scatter is more pronounced. Unlike flows discussed 
so far, there is no set of equations which appears 
to be generally applicable to flows of this type. 

Thus, the 37-rod cluster data in Fig.8, from 
a test section with a spacer every twenty equivalent 
diameters (20], behaves differently to the complex 
geometry data of Fig.7. Equation (6e) no longer 
holds (in this particular case it is replaced by the 
round tube diabatic flow equation (7e) ). The attached 
wall void regime extends to anomalously low qualities 
to the extent that the nearly zero quality 1000 kg 
m-2s-1 data point in Fig.8 has a friction factor more 
than twice that expected from equation (lb) which 
describes nearly all low quality data for all flow 

geometries. 
Other data, from [21], for example, indicate 

that wire wrap spacers may have similar effects. 
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Fig.8. Diabatic friction factor data for a cluster 
geometry with strong spacer influence 

4. DISCUSSION 

Different equations have been shown to compare 
favourably with data from steam-water flowing under 
var~ous conditions. Although data analysis has not 
been sufficiently extensive to permit definite recom­
mendations for friction factor calculations, the 
examples in section 3 may be used as a guide in esti­
mating steam-water pressure losses. Tentative recom­
mendations based on these and other examples are 
summarized in Table 1. Furthermore, analysis of 
Freon 12 data from (22] indicates that the equations 
also apply to Freon systems used to model high pres­
sure steam-water systems. 

As demonstrated, regime types and boundaries 
between regimes are determined by geometry, heat flux, 
flow conditions (mass flux and quality) and flow 
development. The boundaries may be estimated from 
the intersect of the different friction factor expres­
sions. From section 3, this estimate appears to be 
exact for flows where outside effects are minimal but 
it is only approximate where there is flow disturbance, 
heat transfer, etc. These influences cause changes in 
both regime boundaries (resulting in step changes in 
friction factors at the boundaries) and in regime 
types (changing the validity of a given friction fac­
tor equation). The deviations of regime boundaries 
from those estimated by the intersects of the various 
friction factor curves are of interest because of the 
special case of the onset of dry wall flows; this is 
of particular interest to the reactor engineer. A 
suggested method of estimating this shift is discussed 
below. 

4.1 Influences Affecting Regime Types 
Estimation of the regime types expected for a 

given situation must be based on a data analysis such 
as that given in section 3. The findings are, on the 
whole, consistent with out expectations. For example, 
the equations applicable to increasing quality levels 
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TABLE 1 FRICTION BEHAVlOUR IN 
HlGH PRESSURE STEAM-WATER SYSTEMS 

Flow System Equations 

Settling length > 500D lb, 4d2, 2b, 

Settling length �~� 500D, As. above 3 

D<6mm 

Settling length< - SOOD, lb, 4d2, 3c 4 

D>6mm 

Unobstructed lb, 7e, la 5 

Upstream obstruction, 
G<l500 kg m-2s-l 

As above 

Upstream obstruction, lb, 4d2, 3b, 
G>l500 kg m-2s-1 

1 

, 

Spacer Separation >40D lb, 6e, la5,6 

Spacer Separation <40D Behaviour 
unresolved 

la 

la 

la 5 

Notes: 

1. Regime boundaries= equation validity limits 
are given by equation intersects unless other-
wise specified. 

2. Replace 4d with 5d if lb:4d intersect occurs at 
x<O (D<20mm) or x<O.l (D>20mm). 

3. Reduce regime boundary qualities by -0.1. 

4. Replace 3c with 3b for non-distilled water or 
settling length <60D. 

5. Regime boundary given by appropriate critical 
heat flux correlation in diabatic flow case. 

6. Use predryout equations with D=4 Area/non-driec 
perimeter if only some surfaces are dry. 

in round tube adiabatic flows are consistent with 
visual classifications of bubble flow, annular flow, 
annular flow with entrained bubbles in the film, and 
(for high mass flux flows where film stripping might 
be expected) dry wall flows. It should be noted that 
consistency of data with a given equation does not 
necessarily imply that the flaw structure is that 
originally envisaged in the equation development. 
Thus, the 'plug', 'slug', 'sluggish annular', 
'annular', 'stratified froth', and 'froth' flow data 
from (10] are all consistent with equation (ld), 
which was originally developed for 'annular' flows 
only. 

Changes in regime type caused by heat transfer 
effects are not unexpected but similar changes caused 
by entrance region and obstruction effects are less so. 
In the case of adiabatic flow, a possible explanation 
can be found by examining the non-dimensional velocity 
profiles inferred from the friction factor equations 
associated with the different regimes. Thus, for 
example, equation (4), which is valid for intermediate 
quality adiabatic flows in round tubes with short 
settling lengths (section 3:2), implies that a non­
dimensional profile of the form 

.+ 
J 10 !n y+ - 37 

describes the velocity profile except near the tube 
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wall. This equation does not intersect the sublayer 
equation j+ = y+. Since there is evidence that both 
equations apply to different y+ ranges, a point of 
inflection in the velocity profile is implied. From 
single phase theory (23], such velocity profiles are 
expected to be unstable. It is thus not surprising 
that for longer upstream settling lengths (section 3.1), 
equation (4) is replaced by equation (2), implying a 
core velocity profile given by 

j+ = 5 in y+ - 3.05 . 

This profile is identical to that found in the 
'buffer' region of single phase flows and is tangen­
tial to the sublayer equation at y+ = 5, implying a 
stable velocity profile. Thus, the entrance region 
involves an evolution of flow regime as well as the 
expected velocity profile development in each regime. 

4.2 Entropy Production Rate and Regime Boundaries 
A hypothesis which may prove useful in estimating 

regime boundaries is that the cross-sectional averaged 
entropy production rate is continuous at the regime 
boundary. As discussed in (24] and (25], where there 
are no chemical changes, entropy production rate per 
unit volume is given by 

g A + B + C 

where A = <I : V~)/T 

contribution from viscous dissipation, 

B (q v'tn T)/T 

= contribution from heat transfer 

C (p i~i ~1 + Pg~g A )/T -g 

contribution from flow redistribution 

At our present stage of understanding, these quan­
tities cannot be averaged over a flow cross section. 
However, in order to obtain an estimate of parameters 
involved, it is reasonable to suppose that 

and 

<A> tw <j>/(TWD) 

<B> q in T/(T D) 
w 

Thus, continuity of <g> for adiabatic flows (<B> = 0) 
with no obstruction or entrance effects (<C> = 0) implies 
continuity of wall shear and hence of friction factor at 
a regime boundary. 

Since wall temperatures in pre-dryout diabatic 
flows are close to the saturation temperature, <B> is 
approximately continuous across pre-dryout diabatic 
regime changes and, for these conditions together with 
<c> �~� O, regime changes again occur making friction 
factor plots continuous. 

The hypothesis implies that, for <C> = O, heat 
transfer induced dryout occurs when 

[t <'>/T ldryout _ -[ tn T /T ldryout 
w J w pre-dryout q w w pre-dryout 

Since Tw �~� Tsat for pre-dryout flows, this implies that 
dryout depends on the post-dryout heat transfer coef­
ficient and on the post-dryout and pre-dryout friction 
factors. The above equation is consistent with the 
observed effects of surface roughness influences on the 
onset of dryout (26] and of larger temperature rises 
occurring with lower quality and lower mass flux dryouts 
where there are larger step changes in friction factor. 
Furthermore, differences in empirical dryout correla­
tions for round tubes and rod clusters can, under the 
present hypothesis, be associated with different fric­
tion factor behaviour for these two geometries. 



Similarly, the fact that lower mass flux and low 
quality friction factors (generally given by 
equation (lb)) differ in behavour to higher mass flux 
and higher quality friction factors is consistent 
with the tendency for empirical dryout correlations 
to be split into high and low mass flux or quality 
ranges or to apply only to a limited range. 

Introduction of the flow redistribution contri­
bution to entropy production rate, <C>, qualitatively 
explains the observed effects of spacers and other 
flow disturbing influences on regime boundaries in 
both adiabatic and diabatic flows. It is worth 
noting that spacer distribution effects have been 
observed to have strong influence on dryout [27], 
(28]. 

Since there is considerable qualitative agree­
ment between observed behaviour and the implications 
of a supposition of a requirement of continuity of 
entropy production rate across a regime boundary, it 
is suggested that even though terms in the entropy 
production rate expression cannot be evaluated 
exactly the concept may be useful in suggesting para­
meters which should appear in dryout correlations. 
It may also be used to suggest methods of incorpora­
ting spacer and other effects into calculation tech­
niques. Adaptation to semi-local conditions in sub­
channel analyses may also prove useful. 

5. CONCLUSIONS 

Association of flow regimes with physical 
effects rather than appearance allows regime types 
and boundaries to be determined quantitatively rather 
than qualitatively. 

Empirical analysis of regime types and regime 
boundaries as defined by frictional characteristics, 
and of the effects of various influences on these 
regime types and boundaries, appears to be consistent 
with the hypothesis that regime changes occur such 
that there is no step change in the entropy production 
rate. This hypothesis may prove useful in predicting 
regime transitions (including that associated with 
the heat transfer crises) for any flow condition. 
Techniques have been presented for estimating friction 
factors for a wide variety of steam-water flow situa­
tions. 
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APPENDIX AS 

LETTERS TO THE EDITOR 

To the lclltor: 

Kopalinslcy and Bryant in "Friction 
Coefficients for Bubbly Two-Phase Flow 
in Horizontal Pipes," AIChE ]., 22, 82, 
( 1976), have presented an interesting 
analysis of pressure drop data for bub­
bly two-phase flow. The data were 
analysed in the framework of a homo­
geneous model in which the calculated 
acceleration component, which was 
significant near the test section exit in 
some cases, was subtracted to leave 
the frictional component. Data for this 
component were curve-fitted, resulting 
in a stated friction factor dependence 
on Reynolds number, flow quality, 
axial position, and tube diameter. Ex­
pressions for the friction factor in con­
junction with the calculated accelera­
tion component agreed well with the 
data, and it was suggested that these 
could be applied more generally for 
this class of flow. 

The general applicability of the ex­
pressions must, however, be questioned 
on at least two points: ( 1) the authors 
imply that the stated dependence of 
friction on distance is more likely to be 
a compensation for incorrect assess­
ment of the acceleration component 
than a true comment on friction, thus 
raising doubts about the calculational 
procedures for pressure drop for condi­
tions when the relative magnitudes of 
the frictional and acceleration compo­
nents differ from those studied by 
the authors; and ( 2) at the lower limit 
of bubbly flow ( zero quality), the rec­
ommended friction equations are in­
consistent with standard single phase 
equations. 

The data analysed by the authors 
(Kopalinsky, 1971) have been pre­
viously shown ( Beattie, 1973) to be 
consistent with a two-phase version of 
the single phase Colebrook equation 
( notation as in Kopalinsky and Bryant, 
1976): 

1/yC, = 3.48 - 4 log[2E/D 

+ 9.35/Re vC,l (1) 

in which E is an effective surface rough­
ness dimension; and C1 and Re are ap-

AIChE Journal (Vol. 22, No. 5) 
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Fig. 1. Friction factor-Reynolds number relation 
for two-phase bubble flow. 

propriately defined for the particular 
two-phase regime. For the bubbly re­
gime 

D ( dP / dz} friction c,=--------
2cu 

DG 
and Re=-----­

µ.1( l + 2.5«) 

Figure 1 shows that representative 
data of Kopalinsky (1971) measured be­
tween pressure taps 1 and 5 ( these 
data were chosen because of the small 
contribution from the acceleration 
component) as analysed by Beattie 
( 1973) agree with equation ( 1) at 
least as well as with the recommended 
equations of Kopalinsky and Bryant 
(1976). 

In view of the above and because 
equation ( 1) has been shown to be 
valid for a wide range of bubble Hows 
( see e.g. Beattie, 1975), allows for sur­
face roughness effects, and can be 
justified from basic theoretical consid­
erations, this equation is clearly pre­
ferable for prediction of the frictional 
component of bubbly Hows. 

D. BEATTIE, 
AAEC Research Establishment, 

Lucas Heights, N.S.W., 
Australia. 
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Reply 

Quite clearly Mr. Beattie has mis­
understood the paper. We have not 
implied "dependence of friction on dis­
tance is more likely to be a compensa­
tion for incorrect assessment of the 
acceleration component etc." What we 
say is that the average friction 
coefficient depends on compressibility 
and not on the pipe length alone and 
that the coefficients are accurate in the 
range specified. Error in assessment of 
the acceleration component occurs only 
in a narrow region near the pipe exit 
when the Mach number there is close 
to unity. The lower limit of bubbly 
flow (zero quality) suggested by Mr. 
Beattie highlights the danger of draw­
ing conclusions from theoretical studies 
which are not paralleled by experi­
mental work. In practice, a stable 
bubbly flow regime can be sustained 
only over a relatively restricted 
range of How parameters. It is not 
possible to achieve a continuous transi­
tion from a mixture quality of zero to 
a mixture quality of unity. Thus 
correlations for the bubbly flow regime 
cannot be expected to converge to 
those for single phase flows. Indeed it 
is somewhat remarkable that friction 
coefficients for water flows could be 
estimated from the equations we pro­
pose with a maximum error of only 
14% and average errors substantially 
less. 

We note that our data for low ~fach 
number flows is predicted by ~fr. 
Bcattie's equation (I). 

R.A.A.BRYANT 
The Universitv of ;\l'W South Wales 

Kensington, :N.S.\V. Australia 
E. :\1. KoPALINSKY 

University of Birmingham 
Birmingham, England 

September, 1976 Page 959 
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Summary 

APPENDIX A6 

PAPERD3 

Two-phase propagation phenomena are relevant to water-cooled nuclear reactor safety 
analysis. The concept of a semi-empirical 'distribution parameter', originally developed for 
predicting average voidages in distributed two-phase flow systems, is considered. Two-phase 
mixing length theory provides a basis for the first-principle evaluation of the distribution para­
meter, which allows for two-phase flow regime effects, and also enables extension of the concept 
to the prediction of average kinetic energy, momentum, and other fluxes. Parameters so obtained 
are used to obtain expressions for distributed two-phase flow pressure pulse and critical flow 
velocities. In contrast to single-phase flow behaviour, these velocities are not equal in two-phase 
flows. 

Theoretical expressions for voidage, pressure pulse velocity, and critical flow velocity 
compare satisfactorily with relevant data. Two-component data are used for these velocity 
comparisons to avoid the problem of thermal non-equilibrium. 
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NOMENCLATURE 

a 

A 

C 
V 

C 
0 

f 

G 

j 

j * 

.+ 
J 

k 

K 

M 

p 

Q 

Re 

u 

V 

X 

y 

+ y 

z 

Cl 

s 
y 

0 

£ 

pressure pulse propogation velocity 

flow area 

specific heat of liquid 

specific heat of·gas at constant pressure 

specific heat of gas at constant volume 

distribution parameter 

constants appearing in flow structure theory 

diameter 

friction factor, 2, /(p <j> 2) 
w 

mass flux 

mixture velocity, UR, ( 1-a) + u g 

shear velocity, hJ'fS 

* non-dimensional velocity, j/j 

mixing length coefficient 

Cl 

kinetic energy flux averaged ov~r cross section 

momentum flux averaged over cross section 

pressure 

volume flow 

Reynolds number, D G/µ0 

local phase velocity 

drift velocity of gas 

quality 

wall distance 

* non-dimensional wall distance, y j p/µ0 

axial dimension 

local voidage 

volume flow ratio, Qg/(Qg + Qi) 

mixture polytropic index 

sublayer thickness 

surface roughness height 
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µ 

p 

p 

T 

Subscripts 

f 

G 

g 

R, 

0 

£ 

w 

Operator 

<---> 

dynamic viscosity 

density 

PR,(1-8) + Pg8 

shear stress 

frictional component 

gravitational component 

gas value 

liquid value 

value at position 0 

value at position£ 

value at wall 

quantity is averaged over the flow cross section 
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1. INTRODUCTION 

Pressure surges and their effects give rise to engineering problems in a number of 
industrial fields. In situations where there is only partial understanding of 
mechanisms involved, as in the flow of boiling water in light water reactors, the 
designer incorporates adequate safety factors to compensate for any margin of 
ignorance. 

In the case of the above example, however, considerations which include public 
concern for safety aspects related to reactor depressurisation during a hypothetical 
loss-of-coolant accident, have led to a situation where greater understanding of some 
two-phase flow processes is desirable. 

In this paper, an outline is given of a two-phase flow structure theory developed 
from Prandtl mixing length concepts. The flow structure theory is used to develop 
expressions for choked flow and pressure pulse propagation velocities, both being 
relevant to reactor safety, for the special case of two-phase low quality distributed 
flow, (i.e. those flows where the liquid phase is continuous throughout the flow 
section). Emphasis is placed on adequate allowance for phase and velocity distribution 
effects rather than a rigorous derivation of propagation phenomena. 

The theory assumes no mass transfer between phases which will be considered else­
where; comparative data analysis was confined to two-component systems to ensure that 
this assumption was valid. 

The theory is developed for round ducts. Where appropriate, the concept of 
equivalent diameter is assumed to apply. The extension of the theory to gas-phase 
continuous, distributed two-phase flows (also relevant to reactor safety studies) is 
straight-forward but has not been presented here owing to a lack of relevant data to 
test its validity. 

Consequences of intermediate steps in the theory which relate to velocity 
profiles, friction factors, voidage, etc., have been* (e.g. Refs. 1,2) or will be (e.g. 
Ref. 3) examined in more detail elsewhere. 

2. THEORY 

2.1 Two-phase Flow Structure 

2.1.1 Bubble flow velocity defect equation 

The present theory is based on the phase and velocity distribution expressions 
given in Ref. 4. By assuming that turbulence is confined to one phase only of a two­
phase flow, it was shown that the phase and velocity distributions for bubble flow are 
given by 

(1-a) 3h (1-a(y ))3h 
3Cl hw/pR.. 

R..n L = 
0 2k yo 

and a = c1 uR.. + c2 , 

where c1 and c2 are unknown coefficients, and y0 is a suitably chosen reference wall 
distance. 

The equation may be simplified by linearising (1-a) 312 about a suitably chosen 
mean value a : 

m 

* 

(1) 

(2) 

The theoretical basis of phenomena discussed has not however been presented in Refs.1,2 
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(l-C!) 3/2 (1-a ) 312(1-(a-a )/(1-a )) 312.:: (1-a ) 3h - l (a-a )(1-a / 2 • 
m m m m 2 mm 

Substituting this and equation (2) into equation (1), and choosing a such that 
m 

p leads to 

* where j = /, /p . The velocity equation is of the form of a velocity defect 
equation. Itwis convenient to express this in terms of the mixture velocity 
j = u2 (1-a) + u a instead of the liquid velocity u2. Assuming u2 - u2 (y0 ) .:: j-j(y 0 ), 

then g 

* 
j j (y ) + .L 

0 k 
(3) 

2.1.2 Sublayer boundary conditions 

For smooth wall ducts, the two-phase laminar shear is treated as,= d(µj)/dy to 
allow for variation in two-phase viscosity. The sublayer volumetric flux profile meets 
that of the turbulent core at a distance 6 from the duct wall. The wall shear is then 

Rearranging, and assuming (as in single-phase flow) that the resulting dimensionless 
group is constant, gives 

(4a) 

Sublayer viscosity depends on the local topology. Using the theoretical expressions 
of Einstein (Ref. 5) and Taylor (Ref. 6), and assuming a = 8, then, for a sublayer 
containing rigid surfaced bubbles (as might be expected ior impurities in a liquid of 
polar molecules), 

µ6 µ£ (1 +2.58), 

and for sublayer bubbles where surface movement can occur, 

µ£ (1 2.5 µ 
+ ", ) 

µ6 + g 8 . 
µg + µ£ 

The above adaptation of single-phase, smooth tube sublayer theory may equally 
apply to a rough tube, in which case, for roughness height E, 

where c4 is a constant. 

(Sa) 

(Sb) 

(4b) 

2.1.3 Non-dimensional bubble flow turbulent core velocity profile 

Substitution of equations (4) into equation (3), assuming single-phase values for 
the various constants lead to, 

.+ 
J = 

and .+ 
J = 

as in single-phase flow, where 

+ 5.5 + 2.5 tn y (smooth tubes), 

8.5 + 2.5 £n (y/E) (rough tubes), 
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+ * 'i.. n y p j y/µo D 
Re 

.+ * _j_ n and J = j/j <j> 

where f is the friction factor and Re is the Reynolds number, 

2T 
f 

w 
p<j>2 , Re 

with \J being given by equations (5). 

2.1.4 Friction-factor equation 

As in single-phase flow, averaging equations (6) leads to friction factor 
expressions which may be generalised as Colebrook's equation: 

1/v'f 3.48 - 4 log (2£/D + 9.35/Rev'f ). 

2.2 The Distribution Parameter 

2.2.1 Relevance to average voidage behaviour 

(7) 

The distribution parameter was introduced by Zuber and his co-workers in their 
generalisation and extension of earlier work on two-phase average voidage behaviour 
(e.g. Ref. 7). The parameter is a correlation coefficient accounting for the fact 
that the average gas velocity is greater than that of the mixture partly because the 
gas concentrates in faster moving regions. 

Following Zuber et al. (Ref. 7), the local gas velocity u is faster than the 
local mixture velocity j by a drift velocity V assumed constan~ over the cross section 

Therefore 

u 
g 

<au> 
g 

j + V. (8) 

<aj> + <a> V 

where<---> indicates the average value over the cross-section. <au> and <j>, being 
the superficial gas and mixture velocities, are usually known, but g<aj> is not. 
Introducing the distribution parameter 

C 
0 

<aj> 
<a><j> , 

then the mean gas velocity <au >/<a> is 
g 

<au >/<a> 
g 

C <j> + V. 
0 

(9a) 

(10) 

Empirical values of C and semi-empirical values of V, both of which are approx­
imately constant for a giv~n flow regime, are given in Ref. 7. Equation (10) can thus 
be used for predicting <a>, although its form, which gives <au >/<a> instead of <a>, 
is physically more realistic since raw void data may be analysid by plotting 
<au >/<a> against <j>, the resulting straight line giving values of C and V directly 
forgthe flow examined. 0 

2.2.2 Analytic prediction of distribution parameter values 

Although Zuber et al. (Ref. 7) present a sound theoretical basis for C, they 
give empirical values for it. The present theory allows C to be predicted0 from first 
principles for most turbulent distributed flows. Exceptiogs are subcooled boiling 
flows and some entrance region flows. 

l J A a j dA, Considering <aj> 
A 
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equation (1) indicates that the voidage extrapolates to zero not at the wall but at a 
given distance from it. Defining oA as the area where the voidage is zero, then 

<aj> 1 I ·dA A A-oA aJ • 

Analysis of data where both void and velocity profiles are given indicates that for 
roost flows, j = J0 in A-oA. Therefore max 

<aj> jmax J 
A A-oA 

jmax <a>. 

From the definition of C in equation (9a) 
0 

C 
0 

j /<j>. 
max 

Manipulating equations (6) results in 

adA 

C 
0 

1 + 2.65 Ii I 

where f is given by equation (7). 

adA, 

2.2.3 Extension to the evaluation of momentum and kinetic energy fluxes 

(11) 

(12) 

Considering the importance of momentum and kinetic energy fluxes in the 
evaluation of flow propagation phenomena, for example, it is unfortunate that two­
phase treatments of these are nearly always incorrect. These treatments use a voidage 
correlation in one form or another to treat velocities appearing in the momentum and 

which 
for 
The 

'v 

kinetic energy fluxes. A more rigorous treatment than these shows that this is 
invalid: a voidage correlation gives information on the double correlation <aj> 
cannot be used to give information on higher order correlations <aj 2> and <aj 3>, 
these need to be reduced to evaluate average momentum and kinetic energy fluxes. 
mist~e arises from a loose one-dimensionalisation of point equations by replacing 
with - , thus overlooking the fact that rigorous averaging of the point equations 
· 1 · dz h d · 1 d t · t · imp ies tat dz operates on cross sectiona average quan i ies. 

The higher order correlations can be treated with the present model. As defined 
by equation (9a), C could be converted to equation (11) for most flows because the 
local voidage is usflally zero in the region where the velocity profile is varying 
rapidly. If this is true for the a profile, it is also true for an ajn profile, and 
equation (9a) can be generalised to 

C 
0 <ajn-l><j> 

which, in conjunction with equation (12), can be used to evaluate distributed flow 
momentum and kinetic energy fluxes. 

Consider the cross section averaged momentum flux 

M < p u 2 (1-a) + p u 2 a>. 
R, R, g g 

(9) 

Assuming p 2 and p are constant over a cross section, applying equations (8) and (9) 
and, as in singlegphase flow, assuming <j 2 > = <j> 2, 

M 
a 

< -- > • 
1-a 

Unfortunately <1a > cannot at present be readily evaluated. Since V << <j> in regions 
where accurate -a assessment of Mis required, it is reasonable to neglect terms with 
V. So doing and then converting to the more widely used parameters, mass flux G and 
quality x, 
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M 
G2 ( p Q, ) - {l + X - - 1 } {l -
p Q, p g 

(13) 

The term 1- (C -1) x (~ -
0 pg 

1) represents a correction to the homogeneous model. 

Similarly, for turbulent two-phase distributed flow, the average kinetic energy 
flux K becomes 

2K <. P0 u3 (1-a) + p u 3 a> 
,., Q, g g 

~:2 {l + x (~: - l) }2 {1 - 1c/-1> x(:: - l)} . (14) 

In general 

{l + xG:-l)}n-l {1- (C0 n-l_l) x(::- 1)}. 

2.3 ?ropagation Phenomena 

The theory presented in this section is not completely rigorous but was developed 
to examine phase and velocity distribution effects using the theory of Section 2.2. 
To test adequately the theoretical consequences of phase and velocity distribution 
effects, theory and later data analysis do not take mass transfer into consideration. 
Co!itpressibili ty of the liquid is neglected, and phase densities are assumed constant 
over a flow cross section. 

Equations solved are those for mass and momentum, which are made one-dimensional 
by averaging point equations over a flow cross section (this being done since propaga­
tion velocities of interest are axial propagation velocities averaged over the flow 
cross section) : 

rl 
~-- {rl, < U0 (1-a)> + pg < u 
dZ I x, g 

a > 
3 . 

} + at {pQ, (1-<a>) + pg <a> } 0 , 

and 

} = 0 • 

Instead of an energy equation, an assumption is made that density changes 
isentropically. From Ref. 8 this can be expressed as 

p p -y const. 
g 

where 
(1-x) X C + c.i p 

y 
X C + (1-x) C Q, 

V 

Note that for the case of no mass transfer, conservation of mass can be 
each phase: 

a 
(1-a) 

a 
1-a az PQ, < UQ, > + at PQ, < > 0 , 

anr:'I a a 
h pg < u a > + at pg <a> 0 

g 

2. 3 .1 Critical flow 

(15) 

(16) 

(17) 

(18) 

given for 

(15a) 

(15b) 

Critic,! flow is considered for the steady state situation. Equations (15a and 
b) for the conservation of mass become 
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d < UR, (1-a) > 
= 0 , 

dz 

and 
< a u > dp 

d < u a > g _:l dP = 
dz g pg dP dz 

, 

Adding, 
< au > dp d<j> 

= g _:l dP 
dz pg dP dz 

Consider: appearing in the steady state momentum equation. In terms of G and <j> 

Equation (16) 

dM 
dz 

then becomes 

dP 
dz 

= 

= 

d 
dz 

{ 

-{ 

C 
0 

C 
0 

G + 2(1-C) 
0 

G + 2 (1-C ) 
0 

p R, <j> } d<j> 
dz 

< au > dp 
P.e, <j> } g _<I dP 

pg dP dz 

< au > 
g 

dp 
al- - 1 

dP 
The critical condition occurs when dz becomes infinite, i.e. when 

< au > 
g 

dp 
-5l. 
dP 1 . 

Rearranging and using equation (17), the critical mass flux is given by 

{ y Pp /x }l.:i 
G . 
crit 

(19) 

The numerator is the homogeneous model prediction, and the denominator represents 
a correction to the homogeneous model. Since, from equation (12), C is slightly 
dependent on G, equation (19) must be solved iteratively. 0 

2.3.2 Pressure pulse propagation velocity 

During the passage of a pressure pulse, a fluid element undergoes a rapid change 
in which friction, gravity, and the axial variation in momentum are assumed to be 
negligible. Under these circumstances, equation (16) becomes 

0 • (20) 

The neglected terms are those causing pressure pulse dissipatio~ and s¼ight changes to 
propagation velocity. Operating on equations (15) and (20) by a and a respectively, 
subtracting and assuming a linear variation of density with presiure, z 
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leads to 

with 

< p Q, ( 1-a) + p g a > 

1 

az2 a2 clt2 

1 

a2 

o, ( 21) 

(22) 

Equation (21) is a statement that a pressure pulse will travel with velocity 'a' 
given by equation (22). Substituting equation (10) into equation (22) and expressing 
in terms of quality (this remains constant for no mass transfer): 

1 

a2 

d 
dP 

+ 

C0 {l+x (:: - 1) l G 

The bubble drift velocity Vis a terminal velocity which will not change during a 
. d . . dV O d. ff . . . . f . d rapi transient, i.e. d - . By i erentiating, re-expressing in terms o voi age, 

and then making use of Pequation (17), 

/y P/p 
a 

Note that lyP/p is the gas only pressure pulse propagation velocity. Since 
pQ,/pg >> 1 in most c~ses 

a 

3. COMPARISON WITH DATA 

{ <a> (1-C <a>) }½ 
0 

(23) 

To test the present theory, pressure pulse velocity and critical flow data had to 
satisfy the following requirements: 

(a) the data needed to be two-component rather than one-component, thus ensuring 
no phase change effects; 

(b) the liquid phase needed to be continuous throughout the flow cross-section; 
and 

(c) the data needed to be for straight pipe turbulent flow (C cannot as yet be 
predicted for other systems). 0 

As well as these requirements, ideally some additional information should be 
present in order that specific aspects of the theory may be tested (e.g. void data to 
give experimen~al C values, friction data to test equation (7) etc.). 

0 

Very few data were found in the literature satisfying these requirements. Only a 
few two-component distributed flow data were found and these were mainly for station­
ary liquid (pressure pulse propagation velocity) or for nozzle flow (critical flow). 
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It is straightforward enough to choose C0 values to make the theory fit these data, 
but it is more satisfying if data can be predicted with no empiricism involved in the 
choice of C0 • It must be remembered that presently defined maximum credible reactor 
accidents involve choked flow from a straight pipe, as discussed in the present theory. 

It is not the intention of this paper to demonstrate the validity of the theories 
of sections (2.1) and (2.2) by direct comparison with data. Various aspects have been 
(e.g. Refs. 1,2) or will be (e.g. Ref. 3) examined in more detail elsewhere*. 

Nevertheless, a set of void data, from Ref. 9, is compared with values predicted 
from equations (7), (10) and (12) in Fig. 1. The data are shown because they were 
obtained at the choked flow conditions discussed in the next paragraph. The 
experimental rather than the predicted choked flow, and the viscosity as defined by 
equation (5b) (this gave slightly better agreement with data than equation (5a), which 
is usually valid for air-water flows), were used in the Reynolds number. The data 
confirm the theory for the prediction of lower quality voidage. The curve correspond­
ing to the higher void data is a theoretical curve for annular flow (Ref. 3). An 
empirical aspect of the annular flow theory is the voidage at the boundary between 
distributed flow and annular flow. For the data of Fig. 1, the theory indicates that 
this boundary occurs at a volume flow ratio of 76%. This is, therefore, the upper 
limit for which equation (19) can be expected to be valid. 

Choked flow data (Ref. 9) corresponding to the void data of Fig. 1 are shown in 
Fig. 2, together'with the present prediction (equations (5b), (7), (12), (18) and 
(19)) and the homogeneous model (equations (18) and (19) with C = 1). The present 
theory is acceptably close to the data except near the upper ligit of the distributed 
flow regime. 

Only one other set of choked flow data was found suitable for testing the present 
theory (Ref. 10). The data are shown in Fig. 3, together with the present and 
homogeneous theories. In the absence of any guide to viscosity, equation (5a) was 
used for the viscosity expression; the alternative causes little change in the final 
prediction. Data were in the pressure range 15-50 kPa at the choking plane and, for 
suitable comparison, velocities were normalised to the average pressure by multiplying 
by the square root of the average to individual pressure ratio for each data point. 
The present theory is closer to the data than the homogeneous model, although the 
theory considerably underpredicts some of the data. 

Suitable pressure pulse velocity data for testing the theory were also hard to 
find. Data from Ref. 11 are shown in Fig. 4, together with predictions from the 
present theory (equations (5a), (7), (12), (18) and (23)), and the homogeneous model 
(equations (18) and (23) with C0 = 1). The predictions from the present theory are 
again acceptable and closer to the data than the homogeneous model. Phase and 
velocity distribution effects are clearly less than in the case of choked flow even 
though C values are comparable for Figs. 2, 3 and 4. 

0 

Most two-phase pressure pulse data involve stationary liquid through which gas is 
bubbled. Although C0 values cannot be predicted for these systems, there are several 
indications that values may be considerably higher than for flow systems. Data should 
then be further from the homogeneous model. Stationary liquid data from Refs. 12 and 
13 are shown in Figs. 5 and 6. Although the data are further from the homogeneous 
model than in the case of a flowing liquid, equation (23) fits the data with suitable 
choices of c0 values which, although large compared with turbulent flow values, are 
reasonable for the systems examined. 

*Note that present experimental methods for measuring two-phase momentum flux involve 
reaction determining techniques which homogenise the flow. Associated data are 
consequently closer to the homogeneous model than to the theory of Section 2.2.3, but 
this does not disprove the present theory as applied to pipe flow. The validity of 
the consequences of equation (13) as presented here is indirect confirmation of 
equation (13). 
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The present theory also indicates that, quite apart from phase and velocity 
distribution effects, pressure pulse velocities should be higher for stationary 
liquids. This arises from the effect of yon pressure pulse velocity (equation 23) 
For stationary liquid, the mass flow is 100% gas, and equation (18) indicates y = C /C 
(the actual polytropic values - 1.4 for air and 1.3 for steam - were used instead pofv 
this), whereas for the flow systems considered, most of the mass is carried in the 
liquid phase, and, from equation (18), y + 1. 

4. DISCUSSION 

The present model involves no empiricism - at least for turbulent flow in straight 
pipes - and subsections of the model, such as those concerning voidage, etc., are con­
sistent with reality. Furthermore, expected variations of C0 with geometry explain the 
observed dependence of choked flow on geometry, a fact which is ignored in most models. 
As such the model is superior to most comparable models. Nevertheless, its usefulness 
is limited because of the limited conditions for which the theory was developed and, in 
the case of choked flow, because the critical pressure must be presumed. 

The basic flow structure theory on which the model is based, and irranediate 
consequences of the flow structure theory, have been adequately confirmed (Refs. 1, 2, 
3, 4). Unfortunately, the comparison of data and theory in section 3 indicates that 
the theory as applied to propagation phenomena is not as accurate as might be expected 
considering the apparent validity of the basic flow structure theory. Nevertheless, 
errors are acceptable when compared with those of other theories. For example, the 
root mean square errors for the data of Fig. 3 when compared with the present theory, 
the homogeneous model with y = 1.4 (the value for air), the homogeneous model with 
y = 1, and the theories of Ref. 9 and Ref. 14 are 19%, 29%, 34%, 82% and 445%, 
respectively. 

One source of error in the case of pressure pulse velocity is the assumption of 
developed flow. Flow experiments necessarily involve pipework bends in the vicinity 
where propagation velocity is measured. Actual C0 values will consequently be larger 
than those predicted from equation (12) for developed flow. Consequently, pressure 
pulse velocity based on the assumption of developed flow will underpredict data (Fig.4). 

While on the topic of pressure pulse propagation velocity, it is interesting to 
note that the present theory suggests a regime boundary criterion for distributed and 
separated (e.g. annular) flows. Equation (23) indicates that the pressure pulse 
velocity becomes very large as <a> approaches l/C0 • Other work, Ref. 15 for example, 
indicates that separated flow pressure pulse velocity is approximately equal to that 
for gas only flowing. It is suggested that the regime change occurs such that there is 
no discontinuity in pressure pulse propagation velocity, i.e. at the intersect of 
equation (23) and the corresponding separated flow equation. This is consistent with 
the findings of Smith et al. (Ref. 16). That the transition should occur in the 
vicinity of <a>= l/C0 is physically consistent with equation (10): according to that 
equation, increasing gas flow for a given liquid flow causes <a> to approach 1/C and, 

0 for sufficient gas flow, separated flow must occur. 

The theory of section (2.1), although apparently valid, is incomplete. In 
particular, the assumption that single phase flow structure coefficients apply to two­
phase flows is not always true. In other cases, the theory holds but with different 
coefficients. Resulting friction factor equations corresponding to equation (7) are of 
the same form but with different coefficients (e.g. Ref. 1 and Ref. 2). For these 
flows, the basic principles of the theory still apply, but, for different friction 
regimes, the distribution parameter expression, equation (12), is replaced by 
C0 = 1 + 0.66 n If where n is the coefficient of the log Reif term in the equation used 
to give f. Such distributed two-phase flows do occur (e.g. Ref. 1, section 5.3), 
although rarely. Normally, a change in friction regime induces a change of distributed 
flow to separated flow to avoid the step change in void behaviour implied by the step 
change in the value of C0 • The velocity profile for such distributed two-phase flows 
is steeper than normally encountered. The assumption of a flat core profile leading up 
to the distribution parameter expression (section 2.2.2) is thus more gross for these 

D3-42 



flows. Errors may be significant in applying the theory to the kinetic energy flux, 
for example, where c2 terms occur. 

0 

Finally, it is worth noting that the present theory indicates that, unlike the 
single phase flow case, distributed two-phase flow pr<:!ssure pulse and choked flow 
velocities are different, with the choked flow velocity always being larger than the 
pressure pulse propagation velocity. 

5. CONCLUSIONS 

Techniques presented in this paper for incorporating phase and velocity 
distribution effects into two-phase distributed flow pressure pulse velocity and 
choked flow theories are adequate. No empirically determined coefficients are 
necessary when applying the method to turbulent straight duct flows. 
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APPENDIX A7 

The two-phase critical flow and pressure pulse propagation theory of 
section 2.3 of ref. (1) considers only two flow conditions (zero and 
critical velocity) and is thus not general. Furthermore, the zero velocity 
condition contradicts the turbulent flow requirement of the theory. 

The effect of flow velocity is expected to be different to that in 
single phase flow since cross-sectional averaged perturbations in density 
and momentum, being controlled respectively by phenomena in the faster 
moving core region and the slower denser region near the wall, convect 
with velocities which differ from that of the mixture as a whole. Unlike 
the case in single phase flow, a dependence of the effective propagation 
velocity on flow velocity is thus expected. The flow velocity required 
to render propagation stationary (choked flow) should differ from the 
propagation velocity in a non-flow system, as already quantitatively 
demonstrated in ref. (1). A more general two component two-phase pipe flow 
theory, giving the complete dependence on flow velocity, is given below, 
using the notation of ref. (1). 

Noting that G = p<j> and that op= C o<p> for zero drift and C 
treated as a constant, equations (15) and0 (16) of ref. (1) can be e~pressed 
as 

and 

1 
C 

0 

a a - - a<j> (- + C < . > -) p + 0 ot O] dZ p oz = 

_ a Pi a aP aP j aP j p [-;:;-t + <j> {C +2(1-C )::-} -]<j> + - + - + - - 0 
o o op oz az oz f az G -

••• ( 1) 

••• ( 2) 

\ve note that the convective velocities as given by the form of the 
substantial derivatives behave as expected. 

Consider perturbations of density, velocity and pressure (op, o<j>, 
and ot>)to the system. Neglecting gravitational and frictional pressure 
gradients as these are small compared with the momentum flux term at the 
conditions of interest, and noting that op= (~) oP, equations (1) 
and (2) may be linearised to form dP s 

Pi a ) {C +2 (1-C )=-} -
0 0 p az 

a 
az 

where values of quantities in the operator are initial values prior to 
the perturbations. 
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Characteristic velocities of the system are given by the determinant 
of the above operating on either o<j> or oP. The characteristic equation 
may be rearranged into the form 

with 

and 

a2 
azz> (o<j> or oP) 0 

~=_!_ (dp) (1 + <j>2 dp {(1-C) ~t}2)-l 
a C dPs C dP Op 

D 
-= 
Dt 

0 0 

a - + <j> 
i)t 

p 
(C + (1-C )~)_L 

o o p ilz 

••• ( 4) 

... (4a) 

..• (4b) 

Equation (4) is a wave equation which states that for a flo•.1 velocity 
<j>, perturbations in velocity and pressure (and hence density) propagate 
with velocity ±a given by equation (4a) with respect to <j>(C +(1-C) Pt/p). 
C can be obtained by methods given in ref. (1). 0 0 

0 

The zero mixture velocity value of a given by equation (4a) agrees 
with the va!ue in ref. (1), where drift velocity effects were included, 
provided (dp) is expressed in terms of <a> instead of B. 

dP s 

Choked flow in the present model occurs when the propagation velocity 
is zero, i.e., is the solution of a= (C0 +(1-C )Pt/p)<j>. The lowest 
mass flux solution would normally occur at the0 outlet plane, but entrance 
condition influences on C may be such that the lowest mass flux solution 
occurs at the inlet, as h~s been observed in some two-phase choked flow 
experiments. The choked flow velocity as given by the present method is 
identical to that given by equation (19) of ref. (1). 

The ref. (1) comparison of theory with low flow and critical velocity 
data clearly extends to the present theory. Propagation velocity data 
for intermediate flow velocities are given in ref. (2) and indicate that 
the effect of flow on propagation velocities is not simply additive. The 
present theory is reasonably close to the data of ref. (2). 
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TWO-PHASE FLUID MECHANICS AND HEAT TRANSFER IN THE DRY WALL REGION 
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SUMMARY 

Two-phase dry wall flows are induced by hydrodynamic and/or heat transfer effects. 

Velocity profile and friction factor expressions are developed by applying single-phase 
sublayer boundary conditions to a previously developed two-phase turbulent flow struc­
ture theory. Loss coefficient predictive methods are extended to obstructions and 
partially-dry geometries. The velocity profile form leads to predictive methods for 
cross-section averaged mass, momentum, and kinetic energy fluxes, and hence for average 
voidage, pressure pulse propagation velocity, and choked flow velocity. Methods for 
predicting dry wall regime boundaries are discussed. 

Application of Reynolds' analogy leads to predictive methods for the degree of thermal 
non-equilibrium and heat transfer coefficient. An extended transition to dryout is 
identified. 

The various theoretical expressions, which involve no empirically determined coefficients, 
are in agreement with available experimental data. 

1. INTRODUCTION 

Recent developments in nuclear, aerospace, and other engineering fields, have led to a 
situation where greater understanding is desirable of dry wall two-phase flows consisting of a 
continuous gas phase with entrained solid or liquid particles. Dry walls in gas-liquid flows 
are caused by hydrodynamic stripping by the flow of the film of annular flow, and/or heat 
transfer effects, and in gas-solid flows by an entraining action of the flow on particulate 
matter at ·sufficient flow rates. Some fluid mechanical and heat transfer aspects of such flows 
are developed with emphasis being placed on gas-liquid flows for phenomena where gas-liquid and 
gas-solid flows behave differently. Theory is based on a round tube geometry and, where appro­
priate, is assumed to apply to other geometries via the equivalent diameter concept. 

2. APPLICABILITY OF THE UNIVERSAL VELOCITY PROFILE 

The nature of flows considered here allows single phase gas boundary conditions to be 
applied to two-phase turbulent flow structure equations [Beattie, 1972]. On the assumption that 
turbulence is confined to the continuous phase of two-phase flows the theory led to the following 
core void and velocity profile expressions for gas phase continuous flows: 

a 

and a 312 = 

a u + b 
g 

3u* a 
a3h + 

Ii 
_<L_ 

2 K 
.tn 'i... 

Ii 
with a,b unknown coefficients. Available data were consistent with the equations. 

(1) 

(2) 

Equation (2) extrapolates to unity voidage not at the wall but at a given distance from it. 
The position Ii where the laminar sublayer and turbulent core velocity profiles intersect is 
assumed to be in the single phase region. 

The above may be simplified/by the approximati~n valid for a~ 0,6, (certainly valid for 
expected voidages, �~� 0.95); a.3 2 = (1 + (a.-1)) 3 2 " 1 + 3/2 (a.-1) . 

Substitution of this an~*equation (1) into equation (2) yields 

u + _.!l .tn '.i... g ug/i K Q 
(3) 

Since a and b no longer appear, the gas velocity profile is largely independent of the void 
profile. This is confirmed by droplet data [Cravarolo et al. 1964] where axially varying 
radial profiles of local liquid volume fractions occur with no variation in gas velocity profile. 

In terms of the more convenient mixture velocity j = ug a.+ui(l-a.), 

j-\s = ug - ugli + [ (1-a.) (u.Q, - ug) - (1-ali) (UM - ugo)] " ug - ugo , 

since a." 1 and, except for some gas solid flows, ut 
1964; Alia et al. 1966; Rao & Dukler 1971]. Thus 
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As discussed, j -

j /u* 0 g 
If it is further 

.+ 
J 

with .+ 
J 

Similarly it can 
,+ 
J 

u for y �~� 0 and, 
g 

pg 0 u*/µ 
g g 

assumed that K = 
·+ 

5.5 + 2.5 .tn Y 

j/u* and 
+ 

g 
y 

be shown that for 

8.5 + 2.5 .tn(y/£) 

from 

11.6 

0.4 as 

u* pg g 
rough 

single phase considerations 

in single phase flow, 

y/µg 

walls of roughness height£ 

(4) 

(Sa) 

(6a) 

(Sb) 

Three round tube gas-liquid flow velocity profiles are compared with equation (Sa) in fig.l. 
The data of Adorni et al. (1964) were obtained under post heat-transfer crisis conditions (i.e. 
a heat transfer induced dry wall, confirmed by thermocouple response), and the data of Alia et 
al. (1966) were from argon-alcohol experiments where void profile data indicated dry wall 
conditions. Dry wall gas-solid flow structure data [Rao & Dukler 1971; Soo et al. 1964; Reddy 
& Pei 1969) also confirm equation (Sa). 

3. FRICTION LOSSES IN DRY WALL TWO-PHASE FLOWS 

3.1 Round Tubes 

Averaging equations (5) over the flow section and expressing in terms of the friction 
factor and Reynolds number defined by 

f = 
D (dP/dz)f 

2p <j>2 
g 

and 
<j> D 

Re= _P..._g __ _ 
(6b) 

leads to equations which, as in single-phase flow, can be generalised as Colebrook's equation: 

1/fl 3.48 - 4 log (2£/D + 9.35/(Refl)) (7) 

Typical adiabatic and post heat-transfer-crisis data [Gaspari et al. 1964) are compared 
with equation (7) in fig.2. Associated single phase data in the same reference indicate that 
D/£ = 3000 is appropriate for the test section under consideration. Equation 7, with this value 
of D/£, is highly consistent with the adiabatic steam-water data, and with some of the diabatic 
data, but some diabatic data behave as if the surface roughness has been reduced. This point 
will be discussed later. 

3.2 Other Geometries 

Following single phase experience, it would appear reasonable to extend equation (7) (or 
its equivalent for those geometries where equation 7 is invalid for single phase flow) to other 
geometries through the use of the equivalent hydraulic diameter D = 4 A/p if all flow surfaces 
are dry. Dry wall pressure losses from several annuli [Tarasova ~t al. 1966; Klyushnev & 

Tarasova 1966; Przhiyalkovskii et al. 1965] confirm this. Some of these data are shown in 
fig. 3. 

Extending the concept, the single-phase loss coefficient/Reynolds number curve for an 
obstruction should be valid for two-phase dry wall systems if flow properties are appropriately 
defined. Empirical observations of air-coal dust flow through an orifice [Carlson et al. 1948] 
are consistent with this supposition. 

More interesting for nuclear reactor applications are systems such as rod clusters with 
only some dry surfaces. Data analysis and semi-theoretical expressions [Beattie 1975] both 
indicate that wet wall shear stresses are considerably greater than dry wall shears except in 
the vicinity of hydrodynamically induced dryout. Pre-dryout expressions [Beattie 1975] might 
then apply through the use of an equivalent sheared diameter Ds = 4 A/ps involving the non-dried 
out rather than total perimeter. 

Theoretical considerations applied to an annulus of wetted shroud radius r 2 , and dry rod 
radius r 1 , are consistent with the above. Evaluation of the friction factor involves averaging 
a non-dimensional velocity profile between the shroud and the assumed zero shear location at the 
rod surface. The relevant step in the calculation is 

<.tn y> 

Since f is usually only weakly dependent on Re, it is reasonable to replace the term r1/(r1+r2) 
by an approximation ln (l + r 1/r2). This then leads to the usual relations with D being 
replaced by Ds. 

Figure 4 compares data from annuli with heat-transfer induced dry central rods [Moeck 1970; 
Era et al. 1966] and a low quality two-phase friction expression, equation 7 with appropriately 
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defined friction factor and Reynolds number [Beattie 1975]. The wet wall expression with D 
being replaced by D results in reasonable agreement with the data except for a slight undef­
prediction presumabfy due to neglecting the non-zero shear at the central rod surface. 

4. BOUNDARY CONDITIONS FOR DRY WALL TWO-PHASE FLOWS 

Data analysis indicates that at the dry wall regime boundary for gas-liquid flows the 
frictional pressure gradient is continuous for developed adiabatic fJows - some examples· are 
given in fig.3* -but discontinuities occur in the frictional gradient at the boundary in the 
presence of flow disturbances (e.g. spacers or grids in complex geometries), or heat transfer. 
In the case of heat transfer, there is an associated discontinuity in the heated wall temperature. 
This tends to be large when the regime change is not near that for developed adiabatic flows 
(i.e. when the step change in frictional pressure gradient is large) and the regime change then 
constitutes the heat transfer crisis which must be avoided in many industrial situations. 

All regime change data are qualitatively consistent with the concept that the entropy 
production rate (which has contributions from viscous dissipation, heat transfer, and flow 
redistribution) remains constant across a regime boundary. The components to the entropy 
production rate cannot be evaluated at present, but from an analysis by Bird [1955] would be 
expected to vary as T <j>/(T D) (viscous dissipation),~ in T /(T D) (heat transfer), and 
GA/T (flow redistrib~tion). wif the concept is correct, the dr~ wa!l regime boundary for no 
flowwdisturbance should be consistent with 

[T <j>/T ]dry - - [~ in T /T ]dry 
w w wet w w wet 

Knowledge of the wall shear behaviour on both sides of the 
for predicting the regime boundary for developed adiabatic 
shear may be obtained by methods discussed in this paper; 
are given by Beattie [1975]. 

boundary should then be sufficient 
flows, as in fig.3. The dry wall 
some wet wall shear stress equations 

If the concept is correct, prediction of heat-transfer-induced dryout would require know­
ledge of wall temperatures. The wet wall temperature is very close to the saturation temperature; 
the dry wall temperature may be estimated by methods given in section 6. 

The supposition of continuity of entropy production rate across a regime boundary, although 
tentative, is qualitatively consistent with many observed phenomena (e.g. the magnitude of the 
wall temperature at the heat transfer crisis, and, via the effect of friction factor, the depen­
dence of the heat transfer crisis on geometry, flow regime, spacer geometry, etc.). In view of 
the importance of the as yet inadequately explained crisis, this supposition should be investi­
gated further. 
5. PHASE AND VELOCITY DISTRIBUTION EFFECTS 

5.1 Average Liquid Volume Fraction 

Important parameters such as density are often predicted using empirical or semi-empirical 
equations to predict the average voidage <a>. This is unacceptable for high voidage flows of 
the type discussed in this paper since, via the dominance of the denser dispersed phase, the 
value of 1-<a> rather than <a> determines the mixture density, and small errors in estimates of 
<a> may be magnified into unacceptable.errors in (1-<a>) as <a> approaches unity. 

The development of the pre-dryout void correlation of Zuber & Findlay [1965] may be adapted 
to give the following relation for the average liquid velocity for dry wall flows: 

<ui(l-a)>/<1-a> = c0 <j> + v (8) 

Where c =·<j(l-a)>/(<j>(l-<a>) is a dry wall distribution parameter, and V = ui-j is a drift 
velocit?, assumed constant over the flow section. Dry wall drift velocity expressions are not 
as established as those for wet wall flows. Fortunately, empirical observations for droplet 
flow [Cravarolo et al. 1964; Adorni et a-1. 1964; Alia et al. 1966; Rao & Dukler 1971] indicate 
vis small compared with <j> and may be neglected. This is not always true for gas-solid flows. 
For negligible V, equation (8) becomes 

<1-a> (1-f3)/C 
. 0 

(9) 

An estimate of c may be obtained by assuming that the velocity profile varies mainly in 
the gas-only region n~ar the wall. This is not true of some gas-particle systems, where 
electrostatic charge effects encourage a migration of particles to the wall. If a drift is 
allowed for the average liquid velocity is then approximately jc + V. Comparison with equation 
(8) ·leads to 

C 
0 

(10) 

* Because of its greater relevance, the wet wall friction factor is used instead of the defini­
tion given by equation (6b) as the ordinate axis on fig.3, which contains both wet and dry 
wall friction data. 
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which, from equation (5), can be evaluated from 

C 1 + 2.65 If (11) 
0 

where f is given by equation (7). 

The only gas-liquid void data which could test the above theory were for adiabatic argon­
alcohol flows in a 15 Rm\ tube [Colombo et al. 1967]. Dry wall conditions were assumed for data 
where (1-<a>J< (1-BJ, as expected from the above, whereas (1-<a>)>(l-BJ for wet wall data. 
Although no direct verification of this assumption was available, phase and velocity distribu­
tion data of argon-alcohol flows [Alia et al. 1966 discussed in section 2] indicate that dry 
walls are expected in a 25 mm tube for similar flow conditions. In any case, the data are 
consistent with equations (9) and (11) (fig.5). 

Gas-particulate void data with non-negligible drift [Richardson & McLeman 1960] are con­
sistent with equation (8) with C0 = 1.10, being slightly less than values expected from equation 
(11) c- 1.2). 

5.2 Momentum and Kinetic Energy Fluxes 

The widely used application of voidage correlations for the evaluation of the cross section 
average momentum and kinetic energy fluxes, i.e. 

M <ptu~ (1-a) + pgu; a> and 2K <ptul (1-a) + pgu; a> 

is incorrect. The evaluation of Mand K requires knowledge of <aj 2> and <aj 3> respectively, 
whereas voidage equations implicitly or explicitly contain information on <aj> only. 

The present model allows the distribution parameter to be extended beyond its original 
application. C, as defined by <(1-a)j>/(<l-a><j>) could be expressed as j /<j> because the 
value of (1-a) w~s zero in the region where the j profile varied most rapid!~. If this is true 
fer the value of (1-a), it is also true for thevalue of (1-a) jn-l and the distribution parameter 
may be generalised as 

C0 < (1-a) jn>/ (< (1-a) jn- 1 > <j>) jc/<j> (12) 

For zero drift velocity*, ut = u j. Applying equation (12) and the assumptions <j 2 > 
<j> 2 and <j 3 > = <j> 3 (as in singie phase flow) and expressing in terms of the more readily 
determinable variables G and <j>, give 

M C0 G <j> + (l-C0 ) pg <j 2 > 

and 2K C 2G <j> 2 + (1-C 2 ) p <J> 3 
0 0 g 

5.3 Propagation Phenomena in Dry Wall Two-Phase Flow Systems 

(13) 

(14) 

The theory of this section is confined to constant area ducts, and phase change is 
neglected. The theory thus strictly applies only to two-component constant area duct systems. 
As applied to one-component systems it becomes one of the 'frozen model' theories where phase 
changes are quite reasonably neglected. 

Assumptions are that physical properties are constant over a cross section, liquid is 
incompressible, the drift velocity is zero, and the distribution parameter is essentially con­
stant. From equation (9) it can be shown that 

1 - 1 ap 
a<p> = - ap + (1--J g 

Co Co 
using this, equation (13), and the fact that G 
mass and momentum to be expressed as 

p<j>, allows the equations for conservation of 

1 [a a J- .!....> �~� - a<j> _ 
C0 at+ Co<j> az p + (l- C0 at + p az - O 

and 

- [a . { ( ) pa} a ] . p at+ <J> Co+ 2 1-Co �~� az <J> 
p 

+ (l-Co)<j>[:z + <j> :z l Pg + :: + :: If+ :: I O 
grav. 

Consider perturbations of density, velocity and pressure (op, o<j> and ~P) to the system. 
Neglecting gravitational and frictional pressure gradients, as these are small compared with 

* Retention of V leads to terms such as V <a-1> which cannot at present be evaluated. 
Retention of V and suitable assumptions on such terms show that the effect of Vis 
very small indeed. 
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the momentum flux term at the conditions of interest, and noting that op 
vation equations may be linearised to form 

dp 
L + ___:r 
az dP 

....!...dP(L+c 
C dP at o 

0 

dp 
dP oP, the censer-

where values of quantities in the operator are initial values prior to the perturbations. 

Characteristic velocities of the system are given by the determinant of the above operating 
on either 6 <j> or oP. The characteristic equation may be rearranged into the form 

with 

and 

[~2 

.!.._ dp + 
C dP 

0 

�~� = L + <j> [c + c1-c > ~] a 
Dt at o o p az 

(15) 

(15a) 

( 
l ) dp 

1- co a?-

(15b) 

Equation (15) is a wave equation which states that for a flow velocity <j>, perturbations 
in velocity and pressure (and hence density) propagate with velocity ±a given by equation (15a) 
(note the dependence on <j>) with respect not to <j>, but to <j> [C0 + (l-C0 )pg/Pl- Choked flow 
occurs when the propagation velocity is zero, which corresponds to a= [C0 + (l-C0 )pg/P)<j>. 

Despite the complexity of equations (15), the propagation velocities as given by equa­
tions (15) are very close to those of the homogeneous model (equations (15) with Co= 1), with 
the homogeneous model tending to underpredict the slow flow pressure pulse velocity and over­
predict the choked flow velocity. 

Data for testing the above are rare since virtually all high-void propagation velocity data 
are for wet wall flows. However, the high void steam-water pressure pulse velocity data of 
Seminov & Kosterin (1964) have been questioned [Gouse & Evans 1967) since the data are an order 
of magnitude lower than normally found for high voids (the annular flow pressure pulse velocity 
is very close to that of the gas phase flowing by itself). These data are fairly close to, but 
about 45% higher than, those for the homogeneous model and are within 25% of the present model 
using c0 calculated by equation (11). Similarly, low frequency aerosol data* [Temkin & Dobbins 
1966) appear to be consistent with the theory. 

6. HEAT TRANSFER EFFECTS 

Steady state diabatic flows for one-component dry wall two-phase droplet systems are con­
sidered in this section. Analysis of such flows is complicated because the heat-flux induced 
temperature profile implies that the usual assumption of saturation physical properties may be 
invalid. Although neither this effect (loosely termed thermal non-equilibrium) nor the heat 
transfer mechanism is adequately understood, situations arise where prediction of both the 
heated surface temperature and the degree of non-equilibrium are important. 

Application of Reynolds' analogy to the flow model previously discussed leads to predictive 
methods for these quantities. As stated, the relevant features of the model are that turbulence 
(and hence eddy diffusion of heat as well as momentum) is confined to the gas phase, and that 
liquid droplets are confined to the region where profiles are flat and magnitudes may be 
approximated by centreline values. Droplets are thus not expected to contribute eo the radial 
transport of heat, as confirmed by observed droplet trajectories [Cumo et al. 1970a), but 
evaporate via heat transferred from the gas. Droplets are then expected to be at saturation 
temperature, and gas in the two-phase core at a higher temperature. The temperature difference, 
designated 6Tgi below, is analogous to the drift velocity of section 5.1 and, for reasons given, 
is independent of radial position. 

The heat transfer coefficient may be obtained by using the above concepts in a two-phase 
adaptation of the Prandtl-Taylor modification of Reynolds' analogy, as presented for example by 
Rogers & Mayhew (1972). Application of the analogy to the gas phase of the flow leads to 

* High frequency components of pressure pulses rapidly attenuate in two-phase systems. 

333 



T 
w 

p <j>2 
g 

This result suggests the use of the Dittus-Boelter equation with two-phase definitions of 
dimensionless groups being as given in the above equation: 

k g 

(
. p < j > D ) 0 • 8 ( C µ )0 • 4 

4> D = 0.023 g �~� 
(T -<T >) µ - k 

w g g g 
(16) 

The physical basis for the Prandtl-Taylor analogy suggests that Cpg be evaluated at the 
core gas temperature (Ts + ilTgtl, and µg and kg' at li(Tw + Ts + ilTgtl· 

The average gas temperature <Tg> must be expressed in terms of the saturation temperature 
Ts before equation (16) can be used to predict wall temperatures (Tw). From the definition of 

6Tgt• 

T - T = T - T + 6T 
w s w gc gi 

Direct application of Reynolds' analogy gives 

T - T jc w gc 
Co (12a) 

T -<T > <j> 
w g 

Hence T - T co (T - <T >) + 6Tgi (17) 
w s w g 

which may be used in conjunction with equation (16) to predict T. A remaining problem in 
applying this and the previously discussed theory, is that, as s~ated, quantities calculated 
assuming thermal equilibrium are not correct under diabatic conditions. Since all relevant 
parameters can be expressed in terms of quality, non-equilibrium can be allowed for if quality 
can be expressed in terms of equilibrium quality. Consider the relevant term in the energy 
equation: Gh = <pi ht ui (1-a) + Pg hg ug a>. From the model, hi= his , and hg = hgc for 
a < 1. Neglecting density variations and, following single phase analysis, assuming 

<h u > �~� <h > <j> 
g g g 

h = (his+ (<h > - h ) p /p 0 ) (1-x) + <h > x g gc g ,_ g then 

Expressing this in terms of xe = (h - hisl/(hgs - hi5 ), and (via the definition of specific 
heat) of temperature, ultimate1y leads to 

X = 
x (h - h.) - c (p IP.)(C -1) (T -<T >) 
eq gs ,,5 - pg g ,_ o w g 

(18) 
(h -h. ) + C (1 - p /p,) (C -1) (T -<T >) + C 6Tg" gs ,,5 pg g ,_ o w g pg ,_ 

This must be solved simultaneously with equation (16). 

Except for the unknown quantity 6T i• equations (16, 17, 18) are sufficient for predictive 
purposes. Prediction of t.Tgi requires 1urther work; preliminary estimates may however be 
obtained from empirical observations of Cumo et al. (1970b). 

As in the earlier sections, adequate confirmation of the theory of this section is diffi­
cult because, apart from heat transfer coefficient data, there are few relevant data available. 
However, the expected temperature profile in the continuous phase, with the dispersed phase at 
saturation temperature, has been experimentally confirmed for bubble flows [Stefanovic et al. 
1970]. Heat transfer data [Berkowitz et al. 1960; Bertolletti et al. 1964] have been compared 
with the theory, with the assumption 6Tgi = 0. Calculated thermal non-equilibrium was small. 
Measured differences between wall and saturation temperatures are compared with theoretical 
expectations in fig.6 which shows that non-reproducibility may occur, and that the theory gives 
an approximate estimate of the maximum temperature difference likely to be encountered. 

It is of interest that the friction data of fig.2 were obtained simultaneously with the 
heat transfer data of Bertolletti et al. (1964]. Lower than expected temperature differences 
appear to be associated with lower than expected friction factors. Therefore the transition 
between the onset of dryout and the complete dry wall region of a heated channel, involving both 
wet and dry sections of the wall, may extend further than usually supposed, with superheated 
liquid being contained in microcrevices between heated wall roughness elements in the latter 
part of the transition region. This would explain the apparent reduction in surface roughness 
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(fig.2) and reduction in wall temperatures (fig.6) of some 'dry wall' data when compared with 
other data for nominally identical conditions. 

7. DISCUSSION AND CONCLUSIONS 

The present theory for a two-phase flow system is based on a model which restricts tur­
bulent transport to the continuous phase, the dispersed phase being confined to regions with 
flat velocity and temperature profiles. Various consequences of this model have been considered 
and, despite the lack of relevant two-phase wall data, its predictive ability has been con­
firmed by data comparison in a number of areas. Furthermore, application of the principles of 
the model to bubble flows [Beattie 1976], leads to different expected behaviour for the various 
phenomena considered. In the bubble flow case, more data are available for confirming the 
model in areas such as choked flow behaviour. 

It is interesting to compare differences between bubble and dry wall flow behaviour. 
Bubble flow pressure losses, liquid volume fraction, and propagation velocities are all con­
siderably greater than the widely-used homogeneous model predictions; whereas for dry wall 
flows, pressure losses are considerably less than, liquid volume fractions less than, and 
propagation velocities about equal to, the homogeneous model predictions. An unfortunate 
consequence of this is that current models used in, for example, reactor safety codes may be 
grossly incorrect for dry wall flows, since the models tend to be based on wet wall data. 

Differences between wet and dry wall behaviour can be attributed to the nature of the 
dispersed phase. Consider, for example, perturbations in the concentration of dispersed phase. 
Resulting perturbations in density convect with the dispersed phase velocity in both cases, but 
differences occur for momentum and kinetic energy flux perturbations. Since the dense phase 
contributes most to these, perturbations convect at about the dispersed phase velocity in dry 
wall flows, but not with bubble flows. The closeness of the dry wall propagation velocities to 
the homogeneous predictions (section 5.3) is associated with the closeness of the velocities in 
the substantial derivatives inherent in section 5.3 to the velocity of the dispersed phase. 
This is clearly not the case for bubble flows. 

The present model uses no empiricism in comparing theory with data, despite the wide 
range of application. Comparable published models tend to involve empiricism even for limited 
applications. Thus, the theory of Chisholm & Sutherland [1970], for example, invokes an 
empirical function which has different values depending on whether their theory is being 
applied to pressure loss or voidage prediction. 

An unexpected feature of the present model, indicated by the disappearance of a and b from 
equations after equation (2), is that all gross phenomena (even average voidage) are independent 
of the nature of the void profile. This is particularly surprising in the case of the distri­
bution parameter since this parameter as introduced by Zuber & Findlay [1965] inherently 
depended on the void profile form. 

It is concluded that the present dry wall flow model and consequent predictive models are 
reasonable, and that empirically based wet wall models are grossly incorrect for dry wall 
flows. 

8. ACKNOWLEDGEMENTS 

Helpful discussions with Dr. K.R. Lawther (Leader, Heat Transfer Section, AAEC) and 
Professor J.J. Thompson (Head, School of Nuclear Engineering, UNSW) are gratefully acknowledged. 

REFERENCES 

Adorni, N. et al. Centro Informazioni Studi Experienze report, CISE-R-91 [1964]. 
Alia, P. et al. CISE-R-109 [1966]. 
Beattie, D.R.H. Nucl. Eng. Des., 21, 46 [1972]. 
Beattie, D.R.H. American Society of Mechanical Engineers paper 75-WA/HT-4 [1975]. 
Beattie, D.R.H. Paper D3, 'Second International Conference on Pressure Surges' BHRA Fluid 

Engineering, London [1976]. 
Berkowitz, L. et al. CISE-R-27 [1960]. 
Bertolletti, s. et al. CISE-R-78 [1964]. 
Bird, R.B. et al. CEP Syrnp. Ser. No.16, .?.!_, p.69 [1955]. 
Carlson, H.M. et al. Trans. ASME 2.9.. p.65 [1948]. 
Chisholm, D. & Sutherland, L.A. Paper 4, Proc. Inst. Mech. Eng. 1969-70, 184, Pt.JC, 24 [1970]. 
Colombo, A. et al. CISE-R-225 [1967]. 
Cravarolo, L. et al. CISE-R-93 [1964]. 
Cumo, M. et al. Paper presented at European 
cumo, M. et al. Paper B. 3.5, 4th Int. Heat 
Era, A. et al. CISE-R-184 [1966]. 
Gaspari, G.P. et al. CISE-R-83 [1964]. 

Two-Phase Flow Group Meeting, Milan, [1970a]. 
Trans. Conf. [1970b]. 

Gouse, s.w. & Evans, R.G. Paper 5.1, Syrnp. on Two-Phase Flow Dynamics, EUR.4288e [1967]. 

335 



Klyushnev, V.E. & Tarasova, V.E. Therm. Eng. 13, (11), 87 [1966). 
Moeck, O.E. Atomic Energy of Canada Ltd., Report AECL 3656 [1970]. 
Przhiyal.k.ovskii, M.M. et al. Therm. Eng. 12, (11), 65 [1965]. 
Rao, c.s. & Dukler, A.E. Ind. Eng. Chem. Fundam. 10, (3), 520 [1971]. 
Reddy, K.V.S. & Pei, D.C.T. Ind. Eng. Chem. Fundam. ~. (3), 490 [1969]. 
Richardson, J.F. & McLeman, M; Trans. Inst. Chem. Engrs., 35, 257 [1960]. 
Rogers, G.F.C. and Mayhew, Y.R. 'Engineering ThermodynamicsWork and Heat Transfer', 

Longman [1972). 
Seminov, N.I. & Kosterin, S.I. Therm. Eng.,.!!_, (6), 59 [1964]. 
Soo, S.L. et al. Ind. Eng. Chem. Fundam. l, (2), 98 [1964]. 
Stefanovic, M. et al. Paper B 4.12, 4th Int. Heat Trans. Conf. [1970]. 
Tarasova, N.V. et al. Paper 133, 3rd Int. Heat Trans. Conf. [1966]. 
Temkin, S. & Dobbins, R.A. Brown University Div. of Engineering report AD 632911 [1966]. 
Zuber, N. & Findlay, J.A. J. Heat Trans. 87, 453 [1965]. 

NOTATION 

1'. flow area 

C specific heat 

C distribution parameter 
0 

D 

f 

g 

G 

h 

.+ 
J 

diameter 

friction factor 

acceleration due 

mass flux 

specific 

UR, (1-a) 

j/u* 
g 

enthalpy 

+ u Cl g 

to 

k 

K 

M 

thermal conductivity 

kinetic energy flux 

momentum flux 

p perimeter 

P pressure 

Q volume flow rate 

r radius 

t time 

gravity 

~TgR. local gas-liquid temperature difference 

u 

u* 

V 

X 

velocity 

f0p 
w 

UR, - j 

quality 

y distance from wall 

y+ Pg u; y/µg 

<---> quantity is average over flow section 

a voidage 

B Q/(Qg+QR.l 

o intersect distance from the wall of 
'sublayer' and turbulent core velocity 
profiles 

E wall roughness 

K mixing length coefficient 

h driving force for flow redistribution 

µ dynamic viscosity 

p 

p 

T 

density, p,Q,(1-a) + pga 

PR. (1-B) + Pl 

shear stress 

heat flux 

Subscripts 

C centreline value 

e equivalent value 

eq equilibrium value 

f frictional component 

g gas value 

grav gravitational component 

s 

s 

w 

0 
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liquid value 

saturation value (thermodynamic properties) 

relevant to non-dried perimeter 

value at wall 

value at position 6 
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APPENDIX A9 

I Vertically Downwad Two-Phase Slu1 flow 1 

D. IIUTTll. 2 ProfeMor Martin's paper is a useful reminder 
that, !'Von with fiolds I\.'! thoroughly res1111,rc-hod as two-phase 
slug flow, caro must ho taken in applying supposodly genoml 
equatiorl!I to unorthodox situatiorL'I. 1':xperirnental values of 
both the distribution parameter and the drift velocity differ 
11ignificantly from th068 generally recommended for 11lug flow. 
The unexpected distribution parameter valuet1 have been logically 
explained in termti of observed eccentricitiOR in the slug paths. 
Observed distribution parameter valuee furthermore provided a 

·1By C. Samuel Martin, publiohed in t.he December, 1976 iMuo of the JOURNAL 
or FLuroa uo1Nnso, TRANA AtlME, SeriN I, Vol. 118, pp. 716--722. 

•R-reh Beient.iot, AAEC R-arch Eotahliahm~nl, Lueu Heishto, Au .. 
tralla. 

Journal of Fluids Engineering 

partial explanation of the unorthodox drift velocity v&!uee. 
A11 noted by Martin, developed flow distribution parameter 

valuBR have been associated with the maximum/average velocity 
ratio. Ali, long as voids are confined to the flatter region of the 
velocity profile, this a'!Sociation i11 neces'lary. Furthermore, under 
such circumstances, the distribution parameter can be generalised 
and u.~ for the prediction of other two-phase quantities (momen­
tum flux, choked flow, etc.) (22]1. The situation becomes less 
predictable if, as is the case with the downflow experiments 
described, voids concentrate in the steeper region of the velocity 
profile. 

The lower degree of development observed with downflow slug 
behaviour may not be confined to slug flow. Difficulty was re­
ported in maintaining slug flow with certain conditions. Similar 
non-development of downw11,rd bubble flow near the bubble/slug 
flow boundary might be expected. It is significant that recently 
reported 11,ir-water downward bubble flow data (23) were cor­
related by a distribution parameter which, like the present valuffl 
(but unlike othor downflow bubble data), was significantly less 
than the developed flow value. Furthermore, the bubble data of 
123] aro very dose to the 11lug flow equation obtained by intor­
polating between parameter valu8t! roported by Martin to allow 
for diameter effects. 

Similarly, a comparison of the reference (24] steam-water void 
data for ~lug and non-slug up and down flow indicates that, as 
observed by Martin, significant changffl occur in the drift veloc­
ity behaviour with changed orientation. 

Hince equatiort~ of tho form of Martin's equation (l) are used 
for predictive purposei, it i11 ~ppropriate to note that the experi­
mental technique ernployed L'i such that V • does not have the 
widoly used interpretation <is> I< a>. The two interpreta­
tiom1 would he significantly different only where nonslug bubblet1 
contribute significantly to the voidage, as shown in Martin's Fig. 
7. (Tho zero V b of Table 1 corresponding to Fig. 7(d) clearly 
does not imply a zero <j, > I <a>). Al110, an error ha.'! occurred 
in the dh1cu:;.~ion of the zero net flow data. <j > - <ii> + 
<i, > = 0 dOOR not imply <ia > "' <i,> - 0, &'I stated. The 
nonzero value of V b in Table 2, corresponding to Fig. 10(!), 
for instance, implie'i a non zero local <i, >, rmd HO the zero <i > 
implies <j1 > = - <j, > in tho region of interest, even though 
both velocitiBR are zero away from the bubble. 

Nl',verthol6<.'1, hi,i data do provide a useful b&Hi~ from which 
downward Hlug flow behaviour can be r88110nably estimated, even 
though he has not generalized his result.'! into recommended 
equatiort'I. He ha.'! helped to remove present gap,i in knowledge 
of two-phase slug flow. 

Additional ReferencH 

22 Beattie, D. R. H., "PrOllSure Pulse and Critical Flow �~� 
havionr in DiRtributod Ga.~-Liquid System.'!," Proc. tnd I,uer­
nalional Con/erence on Preaaure Surr,u, PaP-9r D.3, orga.nized by 
Brit. Hydromech. Reil. Assoc., Cra.nfield (Sept. 22-24, 1976). 

2:l Arosio, S., Bartolini, H., Lorenzi, A., a.nd Sotgia, G., 
"Two-Phatie Downward Flow in Large Diameter Ducts-l>relim­
inary llfflults," Energia Nucl«lre, Vol. 23, No. 4, Apr. 1976, p. 
224. 

24 Jart'i/!en, E., and Kervinen, J. A., "Two-pha'!8 PrM'IUre 
Drop in ~traight Pip8'! and Channels: Water-Steam Mixtures at 
600 to 1400 pRia," GEAP-4616, May 1064. 

•Numben in brackela deoisnat.e Addiuonal Referen-al ud of dieoullion. 
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in gas-liquid flows with no drag reducing additives, empirically obtained values of a and b 
suggest that only certain well-defined values exist, and that these values appear to form parts 
of some simple series. Similarly, only well-defined types of sub-layers exist. Flows are 
therefore classified by the triad (m, n, z) where m and n are integers from which the non­
dimensional velocity profile coefficients can be_ calculated, and z specified the sub-layer 
structure. 
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NOMENCLATURE 

a 1-as 

a,b,c,d,e 

f 

j 
.+ 
J 

m,n 

y 
+ y 

z 

A 

B 

C 
0 

D 

G 

p 

Q 
+ 

Re 
+ s 

V 

We 

Cl. 

B 

µ 

(J 

p 

Subscripts 

C 

f 

F 

g 

Q, 

Operator 

<---> 

mixing length theory coefficients 

sublayer types (Table 1) 

friction factor (Table 1) 

local mixture velocity, uQ,(1-a)+u a 
' g 

non-dimensional velocity (Table 1) 

integers in generalised equations (13)-(16) 

local phase velocity 

wall distance 

non-dimensional wall distance (Table 1) 

flow direction 

area fraction of core for separated flow 

volume flow fraction of core for separated flow 

distribution parameter 

equivalent diameter 

mass flux 

pressure 

non-dimensional film flowrate in separated flow 

Reynolds number 

non-dimension~l film thickness in separated flow 

drift velocity, u-j 

Weber number 

local voidage 

volume flow ratio, <j >/<j> 
g 

dynamic viscosity 

surface tension 

density 

value for core of separated flow 

value for film of separated flow 

frictional component 

gas value 

liquid value 

quantity is averaged over the flow section 
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1. INTRODUCTION 

Pressure losses for low quality (i.e. with low gas content) gas-liquid bubble 
flows and for high quality gas-liquid dry-wall flows are consistent with the single­
phase Colebrook friction factor equation if the relevant dimensionless groups are 
appropriately defined (Ref. 1). An examination of the variation of friction factor 
with quality for these two flow types shows that for the intermediate quality r~gion, 
pressure losses are not consistent with the Colebrook equation. 

Flows encountered in the intermediate region are characterised by velocity 
profiles which deviate from the 'universal' profile and, as such, are similar to 
single phase drag-reduced flows generated by small amounts of suitable additives, 
although additives are not necessary to stimulate two-phase drag reduction. 

This paper examines various aspects of two-phase drag reduction of the type 
encountered without drag-reducing additives. Some preliminary aspects have been 
reported in Ref. 2. Since then several papers have appeared on the topic (e.g. Ref.3) 
but all are concerned with the effect of additives on two-phase pressure losses. 

A feature which distinguishes two-phase drag reduction without additives from 
additive-induced drag reduction (for both single and two-phase flows) appears to be 
the strong suggestion in the former of eigen-value characteristics of the type often 
encountered in the solution of bounded field problems. This behaviour may be signifi­
cant in the further interpretation of the turbulent flow field. 

2. BACKGROUND TWO-PHASE FLOW EQUATIONS 

Two-phase flow equations relevant to the examination of gas-liquid flow drag 
reduction are summarised below. Their derivation, which is outside the scope of this 
paper, will be given in Ref. 4. Relevant aspects of the theory are in Refs. (5-8). 
Where appropriate, use of the equivalent diameter renders the equations applicable to 
non-circular ducts. 

2.1 Definition of Dimensionless Groups 

As in single phase flow, the nature of the sub-layer flow near the wall deter­
mines the form of the dimensionless-group definitions. The various possible structures 
of the two-phase sub-layer lead to different definitions of the same basic dimension­
less groups, each definition being valid for the particular sub-layer structure. Five 
sub-layer types are considered here. Others can be postulated, but these are either 
unrealistic or lead to dimensionless group definitions which are either identical, or 
very close, to those for the five sub-layer types considered. The sub-layer types are: 

(a) A liquid sub-layer containing rigid surface bubbles. Bubble flows, some 
bubble/slug flows, and annular flows with entrained bubbles in the liquid 
film have sub-layers of this type if the sub-layer bubble surfaces are 
rigid. Surfactant impurities have this effect on small bubbles in liquids 
with polar molecules; 

(b) A liquid sub-layer containing non-rigid-surface bubbles. Typical flows with 
this sub-layer are similar to those above, except that bubble surface move­
ment can occur, allowin~ viscous dissipation within the bubble; 

(c) A sub-layer in which local instantaneous shear stress alternates between 
values expected from calculations based on a treatment of the local flow as 
gas only or liquid only. 'Annular' flows consisting of a wavy liquid film 
with no entrained bubbles and a gas, droplet, or froth core; and some 
'slug' flows, have sub-layers of this type; 

(d) A gas-only sub-layer, ('dry-wall' flows) as expected with, for example, post 
heat-transfer crisis flows; and, 

(e) A liquid sub-layer with attached wall bubbles protruding within the tur­
bulent flow, as expected e.g. for some diabatic flows. 
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Dimensionless-group definitions for the five sub-layer types are summarised in 
Table 1. 

Sub-layer Type 

TABLE 1. DIMENSIONLESS-GROUP DEFINITIONS FOR 

VARIOUS TWO-PHASE FLOW SUB-I.J\¥ER TYPES 

Pressure Loss Characteristics Local Structure 

Viscosity dependent D(dP/dz)F 
= p<j>D) .+ = .i._ /l t<y+ =¥...Re /I) flows (a,b,c,d) f = = f(Re J = 

2p<j>2 µ <j> f R 2 2 

Surface-tension D(dP/dz)F 
= p<j>2D l .+ = ....L /1 ,+( + !., dependent flows (e) f = = f(We J '"' J y =¥...We 

2p<j>2 (J <j> f R 2 

Sub-layer Notation/ Density Definition Viscosity Definition Type 

a. Rigid surface = P (1-Sl + p s = µi (1+2. s Sl p µ bubbles t g 

b. Non-rigid surface = PR, (1-S) + p s 2.5 µ + µi p g bubbles g µ = µi(l + Sl 
µg + µi 

c. Wavy-gas/liquid = PR, (1-S) + p s p 
interface g µ = µi (1-Sl + µ s g 

d. Dry wall p = pg µ = µg 

e. Attached wall 
Pi(l-S) + p s p = N.A. bubbles g 

2.2 Non-dimensional Velocity Profiles 

'Two-phase non-dimensional velocity profiles have much in common with single 
phase behaviour. Round tube non-dimensional velocities and wall distances as defined 
in Table 1 are related by 

.+ 
J (1) 

in the turbulent region. A number of such equations may be necessary for a complete 
description of the turbulent velocity profile (cf. the 'buffer' and 'turbulent' 
regions of single phase flow) and, as in single phase flow, the region adjacent to a 
smooth wall is assumed to be described by 

.+ 
J 

+ y 

2.3 Friction Factor Relations 

Averaging equation 1 over the flow section leads to equations of the form 

for viscosity dependent flows, and 

1;/f as+ a4 log We f 

for surface tension dependent flows. 
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2.4 Average Void Fraction 

The behaviour of the average void fraction <a>, and also of some other quantities, 
d_epends on whether the flow is distributed (one phase is continuous throughout the 
flow section) or separated (the flow section can be divided into liquid-phase contin­
uous and gas-phase continuous regions). Note that the discussion of sub-layer types 
in section 2.1 indicates that, while a particular flow type implies a particulac sub­
layer type in some cases, evidence of a particular sub-layer is not sufficient to 
indicate whether a flow is distributed or separated. 

2.4.1 Distributed two-phase flows 

Liquid-phase continuous distributed flow void fractions are described by 

<j >/<a> = C <j> + V 
g O g 

and gas-phase continuous void fractions, by 

<j >/<1-a> 
Q, 

In the above, C is a 'distribution parameter' given by 
0 

C = 1 + 0.66 a4 If 
0 

(5) 

(6) 

(7) 

where a4 is the logarithmic term coefficient in equation 3 or 4 used to obtain f. 
The V and VQ, are dispersed phase 'drift velocities' which account for the fact that 
the lgcal dispersed phase velocities differ from the local mixture velocities 
(V n = u O - j). Values of V can be found in Ref. 9 for some flows. Values for 

g,,, g,,, g 
Vi are at present unknown but, fortunately, can be considered to be negligible at the 
high velocities encountered in gas-phase continuous distributed two-phase flows. 

For negligible drift velocities, equations 5 and 6 are equivalent to the simpler 
expressions 

<a> 8/C (Sa) 
0 

and 1-<a> (1-8)/C 
0 

(6a) 

where f3 is the fraction of gas flowing by volume. 

Note that one of the sub-layers a,b,c,e of section 2.1 would apply in the 
friction factor calculation for equations 5 and Sa; and sub-layer d, for equations 6 
and 6a. 

2.4.2 Separated two-phase flows 

The following equations apply to annular flows with a liquid-phase continuous 
film and a gas-phase continuous core. The equatio~s presumably can be adapted to 
inverse annular flows (gas-phase continuous film and liquid-phase continuous core) but 
not data have been found to confirm this. 

Entrainment is allowed for by introducing core and film voidages, a ,af, and gas 
volume flow ratios f3 ,Bf, all treated as having flat profiles over the a~propriate 
regions of the flow §ross section. The area fraction of the core, A, and the volume 
flow fraction of the core, B, (i.e. the volume flowrate) are then given by 

A (a -<a>)/(a -a) 
f f C 

(8) 
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and B U3 -<8>)/(8 -8 ) 
f f C 

(9) 

For no entrainment, A=<a> and B=8. Film entrainment effects are significant only 
at lower voidage annular flows (<a> - 0.5) and core entrainment effects, only at 
higher void annular flows (<a>~ 0.9). Entrainment will be discussed more fully else­
where (Ref. 8). In the pre·sent paper, entrainment is neglected since the flow con­
ditions discussed are such that the effects of entrainment on average void values are 
mostly quite small. 

and 

then 

Defining non-dimensional film volume flowrate Q+ and film thickness s+ by 

+ 
Q 

+ s 

+ 
Q 

+ s 

+ 
Q 

1-B 
---- Re 
2 ( l+v'A) 

1-v'A 
2 

1-B 

l+v'A 

(1-v'A) We f 
2 

(Viscosity dependent flows) 

(Surface tension dependent flows) 

(10a) 

(lla) 

(10b) 

(llb) 

( 12) 

For known entrainment conditions, equation 12 may be used to calculate voidages 
for separated flows. Instead of <a>, the method, in fact, predicts 1-<a> which is 
more significant than <a> at the low 1-<a> values normally encountered in annular flow, 
since apparently small errors in <a> become unacceptable errors in 1-<a>. Moreover, 
percentage errors in density calculations are approximately equal to percentage errors 
in 1-<a>. 

3. GENERALISED TWO-PHASE FLOW DRAG REDUCTION EQUATIONS 

Drag reduction is characterised by mixing length coefficients which are different 
from those usually encountered in flow structure or pressure loss equations. Coeffi­
cient values for additive-induced drag reduction appear to form part of a continuous 
spectrum of values; in two-phase flows with no additives,they appear to form part of 
a spectrum of discrete values. An analysis of values obtained for empirical coeffici'­
ents a1 to a4 in equations 1 and 3 indicates that nearly all velocity profile and 
friction factor equations for viscosity dependent two-phase flows with no additives 
can be generated from 

.+ 
J (0.11 m + 0.50 n)} 

and from the integrated form of equation (13) 

(v'2)m+4 {log Relf - (0.11 m + 0.50 n + 1.1)} 

by appropriate integer choices form and n. 

(13) 

(14) 

Similarly, with the exception of a particular class of flow which is discussed 
later, friction factor equations for surface-tension dependent flows can all be 
generated from 
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1/ll (v'2)m+4 {log We f - (0.2 m + 0.3 n - 1.1)} 

with the implied velocity profile expression 

.+ 
J (v'2)m+5 {log y+ - (0.2 m + 0.3 n - 2.05)} 

(15) 

(16) 

again with integer choices form and n. Equations 15 and 16 are more tentative than 
equations 13 and 14, largely because of a relative scarcity of surface-tension depen­
dent flow data. 

As well as being relevant in friction factor and velocity profile relations, the 
values of m and n are relevant for specifying the average voidage characteristics of 
the flow, as is indicated by the theoretical expressions of section 2.4. For example, 
the distribution parameter, as given by equation 7, becomes 

C = 1 + 2.60 (v'2)m If 
0 

(17) 

The significance of n for distributed flow voidage is less evident, its influence on 
the distribution parameter being via f (equation 14). Similarly, for given m and n, 
the sub-layer type affects¾ and hence C0 ,owing to the dependence of dimensionless 
parameter definitions on sub-layer type (Table 1). 

Reference to section 2.4.2 indicates that m,n and sub-layer type have a similar 
effect on separated flow void characteristics. They also have similar effects on 
other two-phase flow phenomena (momentum flux, choked flow, etc.). 

Considering equations 13 and 14 it is worth noting that the usual smooth tube 
single-phase equations are generated by (m,n) = (0,-2). For some situations, the 
Nikuradse equation is inadequate in single phase flows. For those situations, the 
correct single phase equation should be used in the two-phase case for flows in which 
(m,n) = (0,-2). For example, equation 14, with (m,n) = (0,-2) and sub-layer d, 
describes smooth tube dry wall two-phase flows. The equation should be replaced by 
Colebrook's equation if the tube wall is rough. 

It is also worth noting that equation 13 with (m,n) = (2,0) generates an equation 
very close to that used to describe the buffer region in single-phase flow. 

3.1 Friction Regime Classification Method 

At this stage it is appropriate to introduce the concept of 'friction regimes'. 
A friction regime is characterised by the sub-layer type as described in section 2.1 
and the coefficients 'a' in equation 3 or 4. 

In this paper, a notation of the form (m,n,z), in which m and n are integers and 
z is a letter, will respectively indicate the relevant m and n values of equations 13 
to 16 and the appropriate sub-layer type described in section 2.1. The triad (m,n,z) 
thus specifies a friction regime. 

The above convention is not sufficient to specify a flow completely. Other 
relevant information is required (e.g. separated or distributed flow). 

4. COMPARISON WITH DATA 

Many of the features encountered in the analysis of two-phase drag reduced data 
are of special relevance to two-phase fluid mechanics research only. In keeping with 
the conference theme, this section considers only drag reduction aspects of the data 
analysed. The detailed analysis will be reported elsewhere (Ref. 10). 

4.1 Examples of Friction Factor Data Characterised by m=4 

Although data with various m and n values will be discussed later, it is 
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interesting to see the trend in a family of friction factor curves with constant m and 
varying n. Typical two-phase data covering the range (4,0 to 8,c) are shown in Fig. 1. 

Two points about Fig. 1 are worth noting. Firstly, the wide range of Reynolds 
numbers (several cycles) involved in such data sets has allowed then coefficient, 
0.50, in equations 13 and 14, to be determined with some accuracy. Similarly, the 
range of m values encountered·in the analysis of data has led to reasonably accurate 
assessments of other empirical parameters. Secondly, the data of Fig. 1 correspond to 
genuine reductions in drag losses even though much of the friction data are above 
values expected from the Nikuradse equation. This is a result of changes in sub-layer 
structure occurring in friction regimes. Consider, for example, the data correspon­
ding to(4,4,c). The same data are shown in a different form ip the second region of 
the data in Fig. Sa. There they are lower than would be expected from the trend shown 
by the lowest quality data as characterised by (0,-2,a) in which them and n values 
correspond to the Nikuradse equation. In this context, drag reduction is quite 
evident. 

In the remainder of this section pressure loss data are discussed in which there 
is associated flow structure and average voidage data. 

4.2 Argon-water Upflow in Round Tubes 

Round tube argun-water upflow data, as reported in Refs. 11 to 18,have been 
ana:ysed in terms of the non-dimensioned parameters of section 2. Data cover the gas 
density range 10 �~� p �~� 36.1 kg m- 3. Most data are for a 25 mm tube, some for a 15 mm 
tube. g 

Data were sorted into groups having the same set of (m,n,z) values. The regime 
map so obtained is shown in Fig. 2a. Experimental friction factors, velocity pro­
files and average voidages are compared with the theoretical equations, using the 
appropriate (m,n,z) values, in Figs. 2b, 2c and 2d. Because of the vast number of 
data involved, each symbol on Fig. 2a corresp-Onds to representative data only for 
Pg = 36.1 kg m-3, although the regime map applies for other gas densities. Other data 
in Figs. 2 cover all the values of gas density in the data examined. Theoretical 
rather than experimental values of friction factors were used for Figs. 2c and 2d. 

The regime map of Fig. 2a is only approximate. Data for different axial 
positions indicated a dependence of regime boundaries on flow development, as expected 
from theoretical considerations (Ref. 19). Regime boundaries are such that shear 
stresses are approximately continuous across a boundary. 

The velocity measuring probes apparently influenced the flow causing the regime 
boundaries for the velocity data to be shifted. This shift explains the existence of 
an additional regime type in the velocity data. A similar probe effect on steam-water 
data was noted in Ref. 2. It will be noted that, as is the case of the 'universal' 
velocity profile, when the turbulent core must be subdivided according to velocity 
profile behaviour, each portion of the profile is consistent with equation 13 with 
appropriate integer choices form and n. 

The boundary of the (2,1,e) data of Fig. 2a, marked Y, coincides with the 
visually-based bubble regime boundary Ref. 14. Such coincidences of visually-based 
boundaries with those obtained by the present method are rare. Nevertheless, on that 
basis the void data for this regime were treated as being for distributed flow, 
(Fig. 2d(i)). The negative, rather than the normal positive, drift velocity (V) 
indicated by Fig. 2d(i), is flowrate dependent and therefore is consistent with the 
attached bubble sub-layer for these data. The distribution parameter (C0 ) values of 
Fig. 2d(i)are consistent with the empirical value of m=2 for the data. 

Although shear stress data for conditions marked? in Fig. 2a could not be cor­
related by the present model, the lower void data for these conditions are consistent 
with a zero drift velocity, and m=0 together with the experimental value of friction 
factor being used in equation 17 (Fig. 2d(ii)). 

Separated flow void data for each of the regimes of Fig. 2a are shown in 
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Fig. 2d(iii), together with the theoretical curves (equation 12) for the appropriate m 

1 · l-ra R /f/2 . . 1 . h . . and n va ues. Since - 2- e is approximate y proportional tote liquid volume 

fraction, errors in the abscissa represent errors in calculated liquid volume fractions. 
Errors are larger for smaller liquid volume fractions where neglected entrainment 
effects are expected to be more significant. 

Fig. 2 shows that friction factors, velocity profiles and average voidage values 
for the argon-water flows considered are compatible with the theoretical equations of 
section 2 when analysed in terms of the generalised equations of section 3. 

4.3 Argon-Alcohol Upflow in Round Tubes 

Argon-ethyl alcohol data reported in Refs. 15 to 18 which also covered the range 
10 �~� Pg �~� 36.1 kg m- 3 were analysed similarly to the argon-water data (section 4.2). 
The results are shown in Fig. 3. 

Void data for conditions marked~ and• in Fig. 3a were omitted from the analysis 
since core entrainment, which is not included in the present analysis, cannot be 
reasonably neglected for these regimes, which border the dry wall regime (marked*). 

The visually-based 'bubble flow' regime boundary for the data (Ref. 14) approxi­
mately coincides with the! boundary of Fig. 3a, hence void data for the friction 
regime (0,-2,c) were treated as being for distributed flows (Fig. 3d(i)). Despite the 
visual interpretation of the flow, the sub-layer type suggests that bubble flow is 
unlikely and that on the contrary the flow has a froth core. Since drift velocities 
can be expected to be zero for froth flows, the data were analysed in terms of equa­
tion Sa, instead of equation 5, together with equation 17. 

For dry wall flows the drift velocities, which are expected to be small compared 
with the large flow velocities encountered under these flow conditions, were neglected 
in the analysis of the dry wall void data (Fig. 3d(iii)). 

As was the case for the argon-water data, the argon-alcohol data are compatible 
with the equations of sections 2 and 3, although different friction regimes were 
encountered for the differing flow constituents. 

4.4 Separated Surface Tension Dependent Flow Data 

Data analysis results reported in sections 4.2 and 4.3 confirm the consistency of 
average voidage data, shear stress data, and velocity profile data with the theoreti­
cal equations in sections 2 and 3 for distributed and separated viscosity dependent 
flows, and, except for the absence of associated velocity profile data, also for dis­
tributed surface tension dependent flows, but not for separated surface tension depen­
dent flows. 

Some separated surface tension dependent flow data for the friction regime (1,2,e) 
have been analysed to evaluate the compatibility of such velocity profile, void frac­
tion, and friction factor data with theory. The data are for argon-water upflow in a 
seven-rod cluster, covering the gas density range 10 �~� Pg �~� 36.1 kg m-3 (Ref. 20), and 
for steam-water upflow in a 17 mm tube at 7 MPa (Ref. 21). The data involved are the 
higher quality data from Ref. 20 and the lower quality adiabatic data from Ref. 21. 

The data, resolved into appropriate non-dimensional terms, are compared with the 
theoretical curves in Fig. 4. The data are in reasonable agreement with the theoreti­
cal equations expected for the (1,2,e) friction regime. The discrepancy of the lower 
y+ velocity data (Fig. 4b) is not significant since it is the core profile that deter­
mines the flow characteristics. In any case, the void data are consistent with a 
treatment in which the core profile is assumed to extrapolate to j=0 (Fig. 4c), sug­
gesting that the lower y+ velocity data of Fig. 4b may be in error. 

The results of section 4.2 and this section indicate that, in addition to the 
previously noted dependence of friction regimes on flow constituents, the friction 
regimes are also flow geometry dependent. 
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5. EQUATIONS FOR HIGH PRESSURE STEAM-WATER FLOWS 

An earlier paper (Ref. 19) presented recommended equations for calculating fric­
tion losses in high pressure steam-water flows. The equations were based on an 
analysis of approximately 104 sets of data, and allowed for entrance, heat transfer 
and geometry effects. They applied for P �~� 2 MPa and G �~� 200 kg m-2s-1• A U.K. com­
parison with a wide range of experimental friction data for adiabatic two-phase flows 
in round tubes (Ref. 22) showed that the Ref. 19 equations for such flows were 
superior to alternative equations for the mass flux and pressure conditions for which 
the Ref. 19 equations were developed, but were inferior to alternatives at lower pres­
sures and when applied to non-steam-water systems. In view of the data analysis 
results of section 4, the latter result is not surprising. The equations of Ref. 19 
incorporated the friction regime concept of the present work, but were developed 
before the existence of the generalised equations of section 3 was recognised. 

With one exception, all the Ref. 19 equations could be made to conform to the 
present generalised equations with only minor alterations to their empirical coeffici­
ents. The new equations are specified by the parameters given in Table 2. A compari­
son with various data is shown in Fig. 5. 
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TABLE 2. FRICTION REGIMES FOR HIGH PRESSURE STEAM 

WATER SYSTEMS (P �~� 2 MPa, G �~� 200 kg m-2s-1) 

use in conjunction with equations of sections 2 and 3 

Flow System Friction regimes, in order of increasing quality 

Settling length > SOOD (0,-2,a); 2,3 (4, 4,c) ; (2,0,a); (0,-2,d) 

Settling length �~� SOOD 4 
As above 

D < 6 mm 

Settling length �~� SOOD (0,-2,a); ( ) 2, 3 4,4,c ; (4,2,a); (0,-2,d) 
D > 6 mm 

Unobstructed (0,-2,a); ( 3. 61, 3.74, e) ; (0,-2,d) 5 

Upstream obstruction, As above 
G < 1500 kg m-2s-1 

Upstream obstruction (0,-2,a); ) 2, 3 (4,4,c ; (4,2,a); (0,-2,d) 5 

G > 1500 kg m-2s-1 

Spacer separation > 40D (0,-2,a); (1,2,e); (0,-2,d)5 ' 6 

Spacer separation < 40D Variable behaviour 

l 

1. Friction regime boundaries (= friction factor equation validity limits) are given 

12. 

by intersects of friction factor equations unless otherwise specifie<il. 

Replace (4,4,c) with (4,6,c) if (0,-2,a): (4,4,c) intersect occurs at X < 0 
(D < 20 mm) or x < 0.1 (D > 20 mm). When (0,-2,a): (4,6,c) intersect occurs at 
X < o, replace (4,6,c) with (4,8,c). 

3. Omit the second regime when the friction equations for the first and third regimes 
intersect at a lower quality than the intersect for the first and second regimes. 

I 

i 
4. I Reduce regime boundary qualities by - 0.1. 

ls. Regime boundary given by appropriate critical heat flux correlation in diabatic 
flow case. 

6. Use pre-dryout equations with D=4.Flow area/(non-dried perimeter) if only some 
surfaces are dry (Ref. 7) . 
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Not all high pressure steam-water data conform with the equations to the same 
extent as the Fig. 5 data. Where disagreement occurs, it is usually because the fric­
tion regime differs from expectations. The data then conform to the equations for 
that regime. Examples are the (4,1,a) set of data in Fig. 1 and the steam-water data 
of section 4.4. 

Confirmatory void and velocity profile data have not been presented here. Using 
Table 2 as a guide, virtually all existing high pressure steam water void data are for 
the (0,-2,a) regime. These agree with the theoretical equations for this regime pro­
vided entrainment is taken into account in separated flow voidage calculations. The 
little void data that could be found for other friction regimes (Ref. 3) also agree 
with the theory. 

6. DISCUSSION 

Apart from the coefficients in the generalised equations of section 3, and the 
evaluation of appropriate friction regimes, the present model uses no empiricism, 
despite the wide range of applications. Comparable published models tend to involve 
empiricism even for limited applications. For example, the method of Ref. 23, 
invokes an empirical function which has different values depending on whether it is 
being applied to pressure loss or voidage prediction. 

It has been seen that the triad (m,n,z) characterises two-phase void values, 
velocity profiles,and pressure losses, all in a coherent fashion. The generalised 
equations of section 3, as applied to the theory of Refs. 6 and 7 also indicate that 
other phenomena (such as those for choked flow and heat transfer coefficient) are 
similarly characterised. 

The generalised equations for viscosity dependent flows (equations 13 and 14) 
differ in some respects from those for surface-tension dependent flows (equations 15 
and 16). The logarithmic term coefficients remain the same for the two flow types, 
but the other terms behave differently. This is not surprising; mixing length 
theory indicates that the logarithmic term coefficients are determined solely by the 
turbulent transport in the core of the flow. Such transport is expected to be iden­
tical for the two flow types. The other terms are determined by boundary conditions 
which apply to the turbulent core, and these are different for the two flow types. 
In a similar way, and for the same reasons, the logarithmic term coefficients in 
single phase equations are the same for smooth and roughened walls, whereas the other 
coefficients in the single phase equations are altered by the changed boundary condi­
tions. 

The spectrum of discrete values for friction regime parameters does not occur 
with all two-phase friction regimes. Exceptions tend to be encountered for low mass 
flowrates at extremely high voidages, of the type analysed so extensively by the 
Harwell group (e.g. Ref. 24), where, for example, changes in mixing length coeffici­
ents are smooth rather than discontinuous. It is postulated that the mechanism by 
which drag is reduced for these flows is different from that of the present work. 
Flow conditions are such that the liquid film at the wall is expected to be so thin 
as to fall within the laminar sub-layer. Such a film may act as a compliant coating. 

Apart from the above exception, all two-phase friction regimes with drag reduc­
tion characteristics involve a two-region flow, with the interface between the 
regions lying in the vicinity of the sub-layer. Given present views that turbulence 
is generated in the sub-layer region, it is possible that the drag reduction is due 
to the interface·inhibiting the turbulence transport. This appears particularly 
likely in the present model, whose basis (Ref. 5) suggests that, locally, turbulence 
is confined to one phase only, and that the turbulence-carrying phase for two-region 
flows is different on different sides of the interface separating the regions. The 
inhibition of turbulence transport, as opposed to the inhibition of turbulence genera­
tion in single-phase drag reduction (Ref. 25), is a possible cause of differences 
between single- and two-phase drag reduction characteristics. 

Although single-phase drag reduction behaviour tends not to have the spectrum of 
discrete values of the type noted here, analysis of single-phase drag reduction data 
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indicates that particular f:Re curves are preferred. Single-phase drag reduction data 
were not considered in the development of the generalised equations of section 3, but 
the preferred f:Re curves tend to agree with equation 14 with appropriate integers 
chosen form and n. Examples of such single phase data are: much of the data of 
Ref. 26 ((m,n) = (5,1)), and of Ref. 27 ((4,0)). If half-integers are considered, 
Virk's initial (Ref. 28), (4.5,0) and revised (Ref. 29) (5,0.5) 'maximum drag reduction 
asymptotes' also conform to the generalised equation 14. 

Finally, the present work provides suitable equations for three types of two-phase 
flow system (steam-water, argon-water and argon-alcohol). They should not be genera­
lised to other systems, and in any case, should be treated with caution. Thus, the 
(2,1,e) regime of Fig. 2, marked,, appears to apply only for conditions when a par­
ticular wall device, used for shear stress measurements (Ref. 14) was used. Void data 
obtained for similar flow conditions in the absence of the wall-shear device (Ref. 18) 
are shown in Fig. 6. A comparison of Fig. 6 and Fig. 2d(i) suggests that the friction 
regime is different for the two cases. 

7. CONCLUSIONS 

In the application of mixing length theory to two-phase flow, the generalised 
dimensionless velocity profile may be characterised by two parameters, m and n. 
Theoretical velocity profiles, pressure drops and average voidages agree with experi­
mental data when m and n are restricted to discrete integer values associated with a 
particular type of sub-layer (z), so that the triad (m,n,z) may be chosen as the basis 
ior two-phase flow classification and prediction. 

Further work is necessary to interpret low mass flux, very high voidage flows 
which are not compatible with the proposed classification scheme, and provide a basis 
from which terms in the triad (m,n,z) may be estimated for any given flow. 
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Fig. 1. Friction factors form= 4 
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Friction regime Core region velocity profile Velocity profile between 
Symbol (See section 3.1) and friction factor expression core region and wall 
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APPENDIX All 

Bubble Swarm Characteristics in Bubble Columns 

Can. C. Chem. Eng. 54, 503 (1976) 

Editor, Can. J. Chem. Eng.: 

Following an analysis of their own and other data, 
Kumar et al0 > have proposed new correlations for various 
bubble column characteristics. Of these, their correlations 
for gas holdup 

x = 0.728 u 0* - 0.485 (u/) 2 + 0.0975 (u0*)3. . (1) 

(their notation) and bubble swarm characteristic velocity 

u*. = 1.37 + 1.90 u.* + 1.42 (u0*)2 - 0.16 (u/) 3 •. . (2) 

deserve some comment. 
An examination of the holdup data shown by Kumar 

et al'!) in their Figure 2 indicates that the gas holdup 
data can be suitably described by an equation of the 
form 

x = (1.37 /u0 * + 1.25)-1 ... . . ... (3) 

Rearranging Equation (3), 

u0 /x = 1.25 u0 + 1.37 (-yg/:;p/pz2)1!• ............ (4) 

which can be seen to be a special case, for zero liquid 
flow, of the Zuber and Findlaym equation 

........... (5) 

where Co is a distribution parameter resulting from phase 
and velocity distribution effects, and V is a 'drift ve­
locity' associated with buoyancy influences on the dis­
persed phase. 

A direct transposition of Equation (1) into the Ug * /x: 
u. * plane does not yield a straight line, but a curve con­
sistent with non-constant coefficients in Equation ( 4). 
Data scatter is, however, such that appropriately chosen 
constant coefficients give a suitable description of the 
data over the whole voidage range examined. 

In relation to Equation (5) as applied to bubble flow, 
Zuber et al<3> suggest C0 = 1.2 (this value does not always 
hold for zero u,"' or for down flow'") and, V = 1.41 
( yg 6 pi p,2 )1/•, the coefficient 1.41 lying between the values 
1.53 proposed by Harmathy'6 ' and 1.18 proposed by Pee­
bles and Garberm. Equation ( 4) is thus reasonably con­
sistent with the recommendations of Zuber et al m. 

Since the data of Kumar et alm seem to be consistent 
with an equation of the form of Equation (5), a curve 
fit of their data with this form is preferable to that chosen 
by Kumar et al0 l, as Equation (5) applies also to non­
zero liquid flows. Valuable information concerning void 
and velocity profile behaviour (via the distribution para· 
meter value), and individual bubble rise velocity with re­
epect to the mixture velocity ( via the drift velocity value), 

could also have been obtained for their system. Further­
more, recent work<s,9 > generalising the work of Zuber 
and Findlaym, has indicated that knowledge of the dis­
tribution parameter can be useful for evaluating quan­
tities other than gas holdup values. 

Unfortunately, as indicated by their discussion of their 
Equations (9) and (10), Kumar et alm were aware of 
the work of Zuber et al"·3 > but chose not to analyse their 
data in the Ug/x: Ug plane, which would have yielded ap­
propriate distribution parameter and drift velocity values 
for their system. Instead, they compared their data with 
Equation (5) using an arbitrary and non-recommended dis­
tribution parameter value, and for their low flow data, 
an invalid drift velocity value. 

At this stage, it is appropriate to note that Equation (4) 
can be re-expressed in terms of dimensionless quantities 
used by the authors0 > to yield 

u. * = 1.37 + 1.25 u/. . (6) 

Except for the fact that Equations (1), (2) and (6) all 
approach u.,* = 1.37 (= 1/0.728) at low Ug values, I have 
been unable to reconcile Equation (6) with Equation (2). 
It appears that Equations (1) and (2), as proposed by 
the authors, are incompatible, even though these equa­
tions should be different versions of the same information 
on their data behaviour. This discrepancy may arise from 
experimental techniques used. Although directly measured 
holdup values (x) can be converted to characteristic ve­
locity values u0 = u.lx, this second parameter may have 
been determined independently. Unfortunately, details have 
not been given of experimental techniques used for the 
determination of x and U: which may have explained 
the apparent inconsistency between Equations (1) and (2). 
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RELATIONSHIP BETWEEN WALL SHEAR STRESS AND THE HEAT TRANSFER 
CRISIS PHENOMENON WITH VAPOUR/LIQUID FLOWS 

D.R.H. Beattie 
K.R. Lawther 

AAEC Research Establishment, Lucas Heights, NSW, Australia 

ABSTRACT 

Critical heat flux characteristics for vapour/ 
liquid flows are examined in terms of the relation 
between the heat transfer crisis and wall shear 
stresses. A comparison of dryout data with corres­
ponding pressure drop data shows that critical heat 
flux is related to the relevant pre-dryout and 
post-dryout friction regimes. From a consideration 
of experimental data for relatively low heat fluxes, 
a pseudo-dryout condition is identified correspond­
ing to a 'slow burnout' condition. Observed 
differences in critical heat flux characteristics 
for flows in tube and complex channel geometries 
are shown to be related to differences in shear 
stress characteristics. 

NOMENCLATURE 

channel diameter 
shear equivalent diameter 

D 

D 
s 

dp/dz 
m 
p 

{= 4 x (flow area)/(non-dried perimeter)} 
frictional pressure gradient 

Q 
q 

coolant mass flux 
pressure 
heating power input 
critical heat flux (CHF) 

v = flow velocity 
x = flow quality 

x* characteristic hydrodynamic dryout quality 
Re Reynolds number 
We Weber number 

E = characteristic surface roughness dimension 
n dynamic viscosity 
s friction factor 
p density 
cr = surface tension 
�~� vapour volumetric flow fraction 

Subscripts 

g 
£, 

in 

vapour 
liquid 
inlet condition 

INTRODUCTION 

out 
r 

sh 

outlet condition 
rod 
shroud 

The temperature of a surface transferring heat to a 
boiling flow is usually within a few degrees of the 
saturation temperature of the coolant. This situa­
tion occurs for all heat fluxes up to a particular 
'critical heat flux' (CHF), above which 'vapour 

blanketing' of the heated surface occurs and, for 
a heat-flux-controlled surface, excessive surface 
temperatures may result. 

Although the mechanism of the heat transfer crisis 
is qualitatively understood (for example, in ann­
ular flow it is usually associated with reduction 
of the thickness of liquid film on the heating 
surface to zero (!)), a detailed understanding is 
lacking, and present heat transfer crisis equa­
tions are essentially empirical. This is unsatis­
factory since important applications of such equa­
tions, particularly those concerned with nuclear 
reactor engineering, involve extrapolation to con­
ditions which differ considerably from the experi­
mental conditions on which they were based. 

In this paper, a method of reducing empiricism in 
dryout correlations is examined. The method is 
based on an examination of the heat transfer crisis 
in terms of its effect on pressure loss character­
istics and, in effect, quantitatively allows for 
the hydromechanical contribution to removing 
liquid from the heating surface during heat trans­
fer crisis. This contribution, in which liquid is 
dragged from the film at the wall to form droplets 
in the turbulent core, can be substantial enough 
at sufficiently high values of coolant mass flux 
and quality to strip all the liquid from the 
surface even under adiabatic conditions (2,3), 
resulting in a hydrodynamically-induced dryout. 

RELATION BETWEEN DRYOUT AND TWO-PHASE FRICTION 

In an analysis of two-phase friction data (3), it 
was noted that there was no discontinuity of shear 
stress at the boundary between hydrodynamically­
induced dryout and wet-wall adiabatic flow condi­
tions. Thus, for a given flow section and mass 
flux, the flow quality at which the friction 
factor equations for the wet-wall and dry-wall 
regimes intersect must be the dryout quality 
corresponding to the zero heat flux limit of a 
diabatic dryout curve. An analysis of dryout data 
in terms of dryout heat flux, q, versus coolant 
quality, x, with mass flux as a parameter, indi­
cates that plots can be subdivided into a series 
of straight lines of the form 

q * a(x - x ). (1) 

As anticipated, the lines corresponding to low 
heat flux values intersect the zero heat flux axis 
at qualities given by the intersects of the adia­
batic wet-wall and dry-wall friction factor 



equations, even when this intersect does not occur 
in the sensible quality range (i.e. x > 1). 

A recent extension of the two-phase flow analysis 
(4) provided equations for both adiabatic and dia­
b;tic two-phase friction. Boundaries between diff­
erent friction regimes (a 'friction regime' corres­
ponds to flow conditions in which a particular 
friction factor relation applies) were examined in 
terms of entropy production rates. In the special 
case of the dry-wall regime boundary, ·which corres­
ponds to the heat transfer crisis in diabatic flow, 
it was supposed that the increase of wall tempera­
ture occurring at the crisis (which increases the 
rate of entropy production due to heat transfer) 
and the accompanying reduction of shear stress at 
the heating surface (which reduces the rate of en­
tropy production due to viscous dissipation) occur 
such that there is no net change in entropy pro­
duction rate. 

On this basis, it can be surmised that the dryout 
curve corresponding to a given friction regime 
should extrapolate to a zero heat flux quality 
given by the intersect of the dry-wall and the 
appropriate wet-wall friction factor equations, 
even if the friction regime does not border the 
dry-wall regime, since, according to the entropy 
production hypothesis, if the two regimes were next 
to each other, the zero heat flux dryout would 
occur such that there would be no discontinuity in 
wall shear stress. 

Data analysis in which CHF data form a series of 
straight lines of the form of equation (1) shows 
that, in fact, each straight line portion can be 
associated with a particular friction regime, and 
that the value of x* for that regime is the quality 
at which the friction factor equations for that 
regime and the dry-wall regime intersect. 

This paper considers the relationship between pre­
and post-dryout shear stress characteristics and 
the zero CHF limit for different regions on CHF: 
quality plots. Because of uncertainties associated 
with the prediction of shear stresses, data anal­
ysis is confined to dryout data for which there is 
associated pressure drop data. Since dryout is a 
local phenomenon, and pressure drop data correspond 
to average pressure gradients between pressure tap­
ping locations, data analysis is further confined 
to those data where quality does not change sub­
stantially between pressure tappings. Under these 
conditions it is likely that only one friction 
regime would apply for the flow being considered. 

TWO-PHASE PRESSURE LOSS EQUATIONS 

Relationships between two-phase friction factor and 
Reynolds or Weber numbers are presented in ref­
erences (i) and (~). Equations relevant to data 
discussed in this paper are 

1//f = 3.48 - 4 log (2E/D + 9.35/(Re/f)), (2) 

1//f = 16 log Re~ - 40.6, (3) 

and 1//f = 14 log We E, - 10.4. (4) 

Dimensionless group definitions for the above 
equations depend on the nature of the sublayer 
structure. For wet-wall flows, 

E, = D(dp/dz)/(2 m v) (a,b,c) 
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and Re = D m/ri 

with ri ={l + 2.5t}ri£ 

or ri =[l +{(2.srig+ri£)/(rig+ri£)} tlrii 

(a,b) 

{a) 

(b) 

depending on the nature of sublayer bubbles. Rel­
ations (a) apply for entrained bubbles which have 
rigid surfaces, {b) for other bubbles, except for 
flows with attached wall bubbles where relations 
(c) apply, as expected for diabatic flows, in 
which the friction factor depends not on the Rey­
nolds number but on the Weber number 

We= D m v/o (c) 

For dry-wall flows, 

E, D(dp/dz)/(2 pgv2) and Re D V P /T] 
g g 

(d) 

In this paper, a letter (a,b,c or d) is used to 
specify the sublayer type. Thus, equation (2d) 
refers to equation (2) with a sublayer such that 
dimensionless groups (d) apply (i.e. dry-wall 
flows). It will be noted that equation (2) is the 
Colebrook equation developed for single-phase flow. 

The following friction equations recommended for 
steam/water flows (i,~l will be used later in the 
data analysis: 

(i) equation (2d) for dry-wall flows; 
(ii) equation (3a) for high quality adiabatic 

wet-wall flows in round tubes; and 
(iii) equation (4c) for high quality pre-dryout 

diabatic flows in round tubes. 

Wet-wall pressure losses for flows in complex 
channel geometries behave differently. Relevant 
equations are not given here because, as will be 
seen, suitable complex geometry data for testing 
the present concepts necessarily have pressure 
losses which are inconsistent with the earlier 
recommendations (4,5). We note, however, that a 
dryout situation can occur in complex geometries 
in which not all flow boundaries are subject to 
dryout. Theoretical considerations and limited 
experimental evidence (~) suggest that for such 
cases, pre-dryout pressure loss equations apply 
provided equivalent diameter, Ds' is used. 

DRYOUT AND PSEUDO-DRYOUT 

Almost all two-phase dry-wall shear stress data 
are consistent with equation (2d). The approp­
riate value of surface roughness for equation (2) 
however depends on the relevant surface condition. 

Dryout is the normal surface condition for post 
heat-transfer-crisis conditions. No liquid exists 
on the surface; post-dryout pressure losses are 
consistent with equation (2d) with the single 
phase value of E/D also applying to the two-phase 
case; equilibrium conditions for dryout are 
achieved rapidly; where instrumentation is suit­
able for detecting such events, the crisis is 
often (but not always) reported to be preceded by 
a decrease in wall temperature with increasing 
heat flux at heat fluxes very close to the criti­
cal heat flux; and post-dryout heat transfer data 
are consistent with Reynolds' analogy being 
applied to dry-wall two-phase flows (~). 

However, there is circumstantial evidence that 
some reported 'dryout' conditions are not really 
dryouts at all (~). The evidence suggests that 



superheated liquid remains in the micro-crevices of 
the surface roughness elements at the wall, with 
only the peaks of the surface roughness elements 
actually being dry. The net effect is that, al­
though measured wall temperatures are greater than 
for wet-wall flows, temperatures are less than 
expected for true dryout. More importantly, from 
the point of view of the current analysis, the 
roughness of the surface is apparently reduced as 
far as the droplet-laden steam flow is concerned, 
so it is similar to that for a smooth duct. To 
differentiate this type of 'dryout' condition from 
the normal dryout it is called a 'pseudo-dryout' in 
this paper. These pseudo-dryouts usually occur at 
low heat fluxes, are generally not preceded by a 
wall temperature decrease, and the wall temperature 
rise following a pseudo-dryout is slow (probably 
reflecting a slow rate of removal of the residual 
superheated liquid from the wall micro-crevices). 

Since dry-wall two-phase flows are usually at Reyn­
olds numbers where surface roughness effects are 
significant, the quality at which wet-wall and dry-
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wall friction factors are equal will depend on 0·005 
whether it is a true dryout or·a pseudo-dryout. 

DATA ANALYSIS 

The concepts presented in this paper are suitably 
illustrated by considering published dryout data 
from 6 mm tubes of various lengths, a 5 mm tube, 
and a narrow annulus. 

The interpretation of the value of x* in equation 
(1) as the quality at which the wet-wall and dry­
wall shear stresses become equal, indicates that it 
should be independent of heated length. Thus, even 
though the dependence of dryout heat flux on heated 
length may be complex, straight line plots of the 
form of equation (1) should extrapolate to the same 
zero heat flux quality (x*) for a given mass flux 
and heated channel geometry, irrespective of the 
heated length, provided the dryout data correspond 
to the same friction regime. 

6 mm Tube Data 

Dryout data for water in 6 mm tubes (7,8) are shown 
in fig.l together with friction facto~ data obtain­
ed from average pressure gradients measured over the 
heated length with dryout conditions at the exit. 

It can be seen that none of the friction data is 
consistent with the recommended relation for diab­
atic flow (±,~), i.e. no data fall on the curve 
corresponding to eqn (4c). Instead, data either 
fall on a lower friction curve, or agree with the 
recommended curve for adiabatic flow, eqn (3a). 
These data were chosen because the measured press­
ure gradients are useful for interpreting the CHF 
data. However, much published data, in which val­
ues of x* (obtained from the intersect of eqns (4c) 
and (2d)) are consistent with extrapolation of the 
CHF data to zero heat flux, have average frictional 
pressure gradients which agree with eqn (4c). 

The tendency for some low heat flux diabatic press­
ure gradients to agree with recommendations for 
adiabatic instead of diabatic flows is regarded as 
evidence that heat transfer under low heat flux 
forced convective evaporation conditions does not 
stimulate bubble nucleation. 
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Fig.l Critical Power and Pressure Loss Data (2,~) 
for 6 mm Tubes of Various Lengths at 
m = 2980 kg m-2 s-1 and p = 7 MPa 

It will be seen that the wet-wall friction curves 
intersect the dry-wall and pseudo-dry-wall 
equations at qualities equal to the x* values of 
eqn (1); as anticipated, these values are indep­
endent of heated length. We note that although 
average pressure losses are not consistent with 
eqn (4c), the intersects of the curve for this 
equation with the dry-wall equations give values 
of x* which are consistent with much of the dryout 
data, suggesting that the friction regime corres­
ponding to eqn (4c) was, in fact, appropriate in 
the vicinity of the dryout, even though the 
equation is apparently invalid for most of the 
distance between the pressure tappings used in 
measuring the pressure gradient. There are two 
additional features of the data which support this 
view: 

(1) Most of the CHF data for which eqn (4c) is 
assumed to apply are associated with the x* value 
corresponding to pseudo-dryout. A check on post­
'dryout' heat transfer coefficients (2) corres­
ponding to the data of fig.l shows that wall 
temperatures were lower than for true dryout. 

(2) It has been shown (11) that heat transfer co­
efficients for boiling flow in a thin liquid film 
improve when the film thickness is reduced to a 
size comparable to the size of bubbles detaching 
from the heated surface. This is due to bubbles 
bursting through the film surface before detach-



ment, allowing more rapid bubble release and rewett­
ing of the bubble nucleation site. Since annular 
flow dryout is associated with the disappearance of 
a liquid film, a marked improvement in pre-dryout 
heat transfer coefficient might be expected in the 
vicinity of dryout if bubble nucleation exists with­
in the film. In agreement with this, fig.l indic­
ates that pre-dryout wall temperature decreases 
were generally observed for those dryouts where the 
friction data are consistent with a boiling sub­
layer, but not for those lower heat flux dryout 
data where a non-boiling sublayer is consistent 
with the friction data. 

Obviously there are pitfalls in assuming that aver­
age pressure gradients, as measured over a distance, 
allow local gradients to be deduced in the vicinity 
of dryout. We next consider data for which eqn (4c) 
is consistent with the average frictional pressure 
gradient data obtained at CHF conditions but, in 
this case, the equation appears to be invalid in 
the vicinity of dryout. 
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5 mm Tube Data 

1·0 

CHF data (12) for a 5 mm tube test section are 
shown in fig.2 together with corresponding friction 
data (9). Equation (4c) is acceptably close to the 
friction data except in the vicinity of the inter­
sect with the dry-wall equation (2d). (Some data 
fall below the true dry-wall relation for which the 
surface roughness was obtained from single-phase 
friction data (2), indicating that the dryouts for 
these data are actually pseudo-dryouts. To simp-
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lify the plot, CHF data corresponding to these 
pseudo-dryouts have been omitted from fig.2.) 

The interpretation of fig.2 is that eqn (4c) is 
valid except near dryout. At low heat fluxes the 
quality increment over the test section is less, 
so the measured pressure gradients correspond more 
closely to those near the dryout location. Frict­
ion data near eqn (2d) are for low heat fluxes. 
The pre-dryout friction factors, which are lower 
than eqn (4c) values near the dry-wall equation 
are thus more representative of pre-dryout frict­
ion factors than is eqn (4c). As can be seen from 
fig.2, values of x* corresponding to eqn (1) are 
given by the intersect of eqn (2d) with the empir­
ical curves drawn through the friction data points 
near eqn (2d), instead of by the intersect of eqns 
(4c) and (2d) . 

Annulus Data 

Two-phase friction characteristics for axial flow 
through annulus and rod cluster geometries are 
different from those for round tubes (4,5). An 
examination of CHF and friction data indicates 
that normally encountered complex geometry press­
ure loss data are not representative of gradients 
in the vicinity of the heat transfer crisis. 

Adequate testing of the present concepts on com­
plex geometry data thus requires data in which the 
friction factors differ from those normally en­
countered. Suitable data for a particular annulus 
test section are given in references (13) and (14) 
The data are particularly interesting because some 
of these correspond to a dry rod with a wet shroud 
As expected from(~), these data are consistent 
with adiabatic round tube friction characteristics 
provided the equivalent diameter is appropriately 
defined (fig.3). 

The present interpretation of heat transfer crisis 
provides two explanations for the fact that criti-
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Subloyer Type (a) 

/0 
Sublayer Type (b)---
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4( Area of Flow) o,--------­
Shroud Perimeter 

Fig.3 Compatibility of Friction Factor Data, for 
8.25/5.0 mm Annulus (13,14) having Dry Rod, 
with Adiabatic Round TubeEquation 



cal heat flux characteristics for annuli differ 
from those for round tubes. Both are evident in 
the data under consideration. The first is that, 
as stated, pre-dryout two-phase pressure loss 
characteristics for annuli are different from those 
for round tubes (i_,~). The value of x* applicable 
to eqn (1) and determined from the intersect of the 
wet-wall and dry-wall friction curves will, there­
fore, be different for the two systems. The second 
reason is that additional 'dry-wall' equations, 
corresponding to not all boundary surfaces being 
subjected to dryout conditions (as in the case of 
fig.3) may be necessary for complex geometries. The 
values of x* obtained from these equations will 
necessarily be lower than those using eqn (2d). 

The annulus data selected (l:2_,14) are particularly 
suitable for analysis because dryout heat fluxes 
are presented for both rod and shroud with various 
heat fluxes on the other surface. An interesting 
feature of the data is that, for a given friction 
regime, CHF data fall on a single line, irrespect­
ive of the heat flux on the other surface, provided 
data are plotted as a function of inlet (instead of 
exit, i.e. dryout) quality. This·indicated that 
the usual local conditions hypothesis does not 
apply and that the 'drying out' of a film from a 
heated surface depends on the power applied to that 
surface only and not the power applied to the chan­
nel as a whole. (A consequence of this is that the 
boiling length used in boiling crisis models should 
be replaced by an 'annular flow length'. For such 
critical heat flux situations, the two lengths 
would in general be similar.) The same zero heat 
flux intercept of the plots (i.e. x*) necessarily 
occurs for both methods of plotting the data. 
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Critical heat flux and friction data (13,14) are 
given in figs. 4, 5 and 6 as representative of all 
data for that particular annulus. 

Figure 4 presents CHF data for the central rod 
{with various heat fluxes on the shroud) together 
with relevant friction data. The empirical frict­
ion curve for the heated rod data is interpreted 
as being for wet-wall flows. For reasons already 
given, the data agreeing with eqn (3b) are expect­
ed to correspond to a dry rod. {This is confirmed 
by the fact that the pressure gradients for this 
region (13,14) were obtained at post-dryout heat 
flux conditions on the rod.) The value of x* for 
the friction regime corresponding to the empirical 
friction curve for the heated rod should then be 
given by the intersect of this curve, not with eqn 
(2d) {as was the case with round tube flows), but 
with eqn {3b). The rod CHF data are consistent 
with this as shown. At sufficiently low rod heat 
fluxes, an adiabatic type of behaviour occurs. The 
CHF curve then approaches a zero heat flux quality 
(x - 1) given by the intersect of the adiabatic 
friction curve with eqn (2d). 

The quality at which eqns {3b) and {2d) intersect 
is not relevant to the rod CHF data. Consistency 
with eqn (2d) implies that both surfaces are dry, 
so it is relevant to heat transfer crisis on the 
shroud, since it indicates that the shroud will be 
dried out by hydrodynamic effects at this quality. 
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Figure 5 shows shroud CHF data for unheated rod, 
together with corresponding friction data. The 
intersects of the two empirical friction curves 
with the dry-wall equation (2d), occur at qualities 
corresponding to x* values consistent with the CHF 
data. At low enough shroud heat fluxes, the flow 
behaves hydrodynamically as adiabatic flow and, 
like the low CHF data for the rod, the final x* 
value would be given by the intersect of eqn (2d) 
with the adiabatic friction curve (at x - 1). 
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Figure 6 shows shroud CHF data for heated rod cond­
itions, together with the relevant friction data. 
The lower value of x* for the CHF data corresponds 
to the intersect of the empirical friction curve 
with eqn (2d). At low shroud heat fluxes, the flow 
behaves as if the shroud was unheated. Because of 
the effects of the heated rod, the appropriate x* 
value is given by the intersect of eqn (2d), not 
with the adiabatic friction curve, but with the 
friction curve corresponding to adiabatic shroud 
and heated rod. The CHF data are consistent with 
this. 

CONCLUSIONS 

Heat transfer crisis data for vapour/liquid flows 
can be subdivided into a series of straight line 
plots of critical heat flux: quality. Each 
straight line portion can be associated with a 
different friction regime, and extrapolates to a 
characteristic hydrodynamic dryout quality, which 
is given by the intersect of friction factor 
equations for the appropriate pre-dryout and post­
dryout friction regimes. Some reported 'dryout' 
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data correspond to a pseudo-dryout condition in 
which a small amount of liquid remains on the 
heated surface but characteristics similar to dry­
out are observed. Heat transfer crisis character­
istics for flows in tube and annular channels 
differ because of differences in pre-dryout fric­
tion characteristics, and because annular channel 
dryout usually corresponds to dry-wall conditions 
at only part of the flow boundary. 
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The section on Inter-relation between CHF and 
Frictional Pressure Gradients, Pl59, raises a 
number of matters concerning paper FB-23 (ref.79) 
(_!) and contains a number of misconceptions. 
These are considered in turn. 

(a) The flow velocity, v, in paper FB-23 is the 
total volwnetric flow rate per unit flow area. 
(b) In fig.33, 'hydrodynamically induced dryout' 
is dryout under adiabatic conditions; x1 does 
not correspond to such a condition. If EF 
~responds to adiabatic conditions, and x3<1, 
then x3 corresponds to a hydrodynamic dryout 
condition. 
(c) All the data discussed in paper FB-23 are 
consistent with the hypothesis, within expected 
experimental errors. 
(d) Adiabatic dryout cannot occur if the friction 
factor remains above the value corresponding to 
unit quality, a situation which exists for low 
pressure air-water flows. Hydrodynamic induced 
dryout is expected to occur at high vapour mass 
fluxes, and the quality at the onset of hydro­
dynamic dryout is a function of Reynolds number. 
For a given mass flux the velocity becomes high at 
low pressures, hence the critical flow limitation 
observed in the Harwell air-water experiments. 
For typical pipe sizes (-1 cm dia.) steam-water 
adiabatic dryout occurs at mass fluxes above 
-2000 kg m-2s-1• The film extraction data of ref. 
73, particularly if considered in conjunction with 
ref.l of that paper, are consistent with this. 
Refs.3 and 5 of paper FB-23 discuss high pressure, 
fully developed (for practical purposes) adiabatic 
two-component data in which each of (i) voidage 
profiles, (ii) average voidage values, (iii) 
friction factors, and (iv) velocity profile data, 
independently indicates dry wall conditions. 
(el The location of pressure tappings is dis­
cussed in paper FB-23 and in the references from 
which the data were obtained. 
(fl The influence of previous history of the flow 
was taken into account; CHF data with associated 
pressure drop data were chosen so that such influ­
ences, if any, would be reflected in both CHF and 
pressure drop characteristics. In fact, rather 
than concentrate on developed flow data - such 
data are consistent with the model of paper FB-23 
- non-developed data were specifically considered 
to demonstrate the generality of the concepts. It 
is relevant that the AAEC pressure loss equations, 
as given in refs.4 and 5 of paper FB-23, are the 
only ones, to our knowledge, which allow for 
entrance and heat transfer effects. 
(g) The suggested smooth liquid film explanation 
of apparently very low pressure gradients is (i) 
inconsistent with the AAEC model, (in which 
pressure gradient depends on sublayer viscosity 
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and not film thickness characteristics); (ii) in­
consistent with the Harwell hydrodynamics model (in 
which the effective wall roughness is considerably 
larger than the film thickness); and (iii) in­
appropriate to dryout wall temperatures, while the 
'pseudo-dryout' hypothesis of paper FB-23 is con­
sistent with both the lower than expected wall 
temperature and shear stress values for dryout 
conditions. It is relevant that the pressure loss 
data of fig.I of paper FB-23, corresponding to low 
CHF values, agree with adiabatic trends despite the 
expected thinner films under diabatic conditions. 
(h) The boiling boundary influence on wall shear 
is not a 'potential' one. It is well established. 
Several publications have considered the influence 
with subcooled !::oiling (e.g. J. Heat Trans. p.151, 
1968). The hydrodynamics of boiling flows were 
examined in detail in ref.5 of paper FB-23. As 
discussed in paper FB-23 pre-dryout temperature 
characteristics add further support to the MEC 
view of boiling pressure gradients. 
(i) In spite of the author's claim to the contrary, 
the Harwell model predictions for pressure losses 
are known to be poor at high mass flux, high qual­
ity conditions, a fact explicitly stated in ref. 
83 This is demonstrated by comparing the 

predictions in fig.34 with available data (seeFig.l) 
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A simpler interpretation of the authors' data can 
be postulated, and such an interpretation of 
their diabatic flow data at 7 MPa (1) has already 
been published (~_). The relevant data are con­
sistent with attached wall bubbles, the size of 
which is determined by a balance of shear and 
surface tension forces, acting as surface rough­
ness elements. The resultant velocity profile 
(which depends on the Weber number), this profile 
integrated over the film region, and the profile 
integrated over the whole tube, are in agreement 
with the authors' velocity profile data, void 
fraction data, and friction factor data, respect­
ively. 

Using the notation of (2), the authors' data (e) 
are shown in figures 1-3 together with some 
argon-water data (3) from a seven-rod cluster (+). 
The low y+ velocity profile discrepancy is com­
patible with the authors', neglect of slip in the 
film region for their sampling probe data. 

The trends of the authors' data differ from 
trends shown by other high pressure steam-water 
data. Did the authors add an electrolyte to their 
system to facilitate film thickness measurements? 
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It is interesting that the authors' lower quality 
and higher quality helium data are compatible 
with equations developed for high pressure steam­
water flows (1). Using the same notation as in 
paper FB-7, the relevant equations (ll can be 
approximated by 

for bubbly flows, annular flow with bubbly film, 
etc; and 

+ 2-n AP x 

for dry wall flows, where n is the exponent in 
the single phase equation 

a~ -n 

However, in considering the AP+ vs x relation, 
the authors' intermediate quality data differ 
substantially from the corresponding intermediate 
quality steam-water data, even though the latter 
are qualitatively similar to the helium data of 
Keilin et al. (the authors' fig.5). 

In terms of the above equations, the authors' 
assumption that , 11,0 = 1 (i.e. n = 0), for data 
in their fig.5, appears valid for the data of 
de la Harpe et al., but not for the Keilin et al. 
data, where n = 0.2 appears to be more approp­
riate. However, the original data presentation 
of Keilin et al. is such that the transposition 
onto the authors' fig.5 is not affected by the 
value of , 11,0 . 

~ference 

O.R.H. Beattie, Paper Dl, Proc. 2nd Int. Conf. 
Drag ~duction, BHRA Fluid Engineering, 
Cranfield, UK, 1977. 
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APPENDIX Al6 

LETTERS TO THE EDITOR 

To the Editor: 

Mesler's views on boiling in thin 
films (AIChE ]., 22, 246, 1976), as 
applied to forced convection two-phase 
annular flow (AIChE . ]., 23, 448, 
1977), are at variance with currently 
accepted views on annular flow, which 
consider the bubble nucleation mecha­
nism to be suppressed and the film 
region to be devoid of entrained bub­
bles at high void fraction. Recent AAEC 
research results are consistent with the 
views of Mesler ( 1'977) . 

An examination of fluid mechanical 
aspects of two-phase flow ( Beattie 
1977) has indicated that the film re­
gion of adiabatic or diabatic forced 
convection annular flow sometimes con­
tains bubbles, some of which may be 
attached to the wall. The evidence is 
based on sublayer structure, as inferred 
from a comparison of two-phase flow 
data with expressions derived from mix­
ing-length theory for velocitv prome, 
friction factor, and void fraction. Dif­
ferent sublayer structures give rise to 
different forms of non-dimensional pa­
rameters appearing in these expres­
sions. For nucleate boiling flows of 
the type considered by Mesler ( 1977), 
attached wall bubbles act as surface 
roughness elements of a magnitude de­
termined by appropriate surface ten­
sion and shear forces. Consecp1entlv, 
such flows are characterized hv a Web­
er number instead of a Reynolds num­
ber. Appropriate non-dimensional pa­
rameters for annular flows with at­
tached wall bubbles are: 

Weber number 

We= G <i> Dia­

Friction factor 
f = 2 'I' wf ( G <i>) 

Wall distance 

y+ = yWef/D 

Local velocity 

1+ = v2/i(fl<f>) 

Void fraction relation 

s+ = (l - y<a>)Wef/2 

Liquid volume How rate 

,.,. 384 March, 1979 

Q+ = Weyf/2 (1 - /3)/(1 + v<a>) 
In the above, f3 is the ratio of the 

volume flow rate of gas to the total 
volume How rate, and <- --> denotes 
the average value over a cross-section. 
Other symbols follow usual notation. 

Experimental data are compared in 
Figures 1-3 with theoretical expressions 
for an annular flow with attnched wall 
bubbles. It is clear that the data are 
compatible with a model which allows 
bubbles within the film region. Fur­
ther examples have been reported 
( Beattie 1977). 

I± 10 

~1; 
• I 1~ 

1°• Slog,·. 10 

fig. 1. Annular flow velocity profile (data 
from Kirilov et al (1973)). 

-o 01 

if = S 66 log Wr:. i + I 70 

~,.~;.~ ... ,.. .. ... ,:,~··~ 
•••• ,. ·.·-.:.;t:_f1~­.. , ... 

Fig. 2. Annular flow friction factor data from 
Alia et al (1968) ( +) and Kirilov et al (1973) 
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Fig. 3. Annular flow void relation [ data from 
Alia et al (196S) ( +) and Kirilov et al (1973) 

Cell. 

Although the abovemenlioned AAEC 
work has concentrated on fluid me­
chanical aspects of two-phase annular 
flows it has been found ( Beattie and 
Lawther 1978) that, whenever the 
heat transfer characteristics in the ap­
proach to dryout show evidence of a 
marked local improvement in heat 
transfer through the film just before 
dryout is reached, then, in line with 
the heat transfer mechanism proposed 
by Mesler ( 1976), the corresponding 
friction factor data are consistent with 
the existence of attached wall bubbles 
in the film. 

It is concluded that evidence from 
both fluid mechanical and heat transfer 
aspects is consistent with Mesler's hy­
pothesis that the nucleate boiling mech­
anism can contribute to heat transfer 
in thin film annular flows. 

D. R. H. BEATTIE 

K. R. LAWTHER 

Engineering Research Division 
Australian Atomic Energy Commission 

Research Establishment 
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TWO-PHASE PRESSURE LOSS AND VOID FRACTION CHARACTERISTICS 

IN ROD BUNDLE GEOMETRIES 

by D.R.H. Beattie 

AAEC Research Establishment 
Private Mail Bag, Sutherland, 2232, Australia 

Many void fraction and pressure loss data have been examined in order to assess 
the validity of applying expressions from two-phase flow mixing length theory, 
as developed for flow through round tubes, to rod bundle geometries. The void 
fraction and pressure loss characteristics for rod bundles and round tubes are 
compared. 

On a examine plusieurs resultats des tame de vide et des pertes depression pour 
v~rifier les equations de la theorie du longueur de melange pour les ecoulements 
diphasiques, developpe pour les ecoulements dans les tubes ronds, dans le cas 
des geometries de la barre. On a compare les characteristiques des taux de vide 
et des pertes depression dans les cas des grappes et tubes ronds. 



1 INTRODUCTION 

Although the need for increased accuracy in the prediction of boiling coolant 
behaviour in rod bundle fuel elements of nuclear reactors has stimulated much of 
the recent two-phase flow research, most of the work, particularly that examin­
ing fluid mechanical aspects of the flow, has concentrated on adiabatic flow in 
simple geometries. With regard to pressure loss and void fraction character­
istics, the current view is that these are influenced by neither heat transfer 
nor the form of the duct flow geometry, although there are some works in which 
heat transfer and/or geometry effects are either acknowledged1 ' 2 ' 3 or specifi­
cally accounted for in calculational procedures4- 10 • 

one of these papers is based on mixing length theory applied to a round tube10• 
Heat transfer effects were considered to be caused by the effective roughening 
of the heated surface by attached wall bubbles, with the result that the Weber 
number replaced the Reynolds number as the determining parameter. Available 
round tube data confirmed this theory. Preliminary analysis of two-phase flow 
from rod cluster geometries led to tentative complex geometry recommendations in 
which the diameter term was replaced by the equivalent diameter, 4 x (flow area)/ 
(flow perimeter), and in which empirical coefficients became dependent on duct 
shape. 

Ti1is paper presents the results of a more complete analysis of two-phase flow 
data from complex geometries as examined in terms of the abovementioned mixing 
length theory10 • 

2 TWO-PHASE FLOW MIXING-LENGTH THEORY EXPRESSIONslO 

The conventional flow regime concept is ~eplaced by a 'friction regime' concept 
in which the flow is characterized by P triad (m,n, z), where m and n are inte­
gers from which the non-dimensional velocity profile coefficients can be cal­
culated, and z is a letter which specifies the sublayer structure (see Table 1). 
Non-dimensional groups for each type of sublayer are given in Table 1 and the 
relation between these groups can be obtained by substituting the appropriate m 
and n values into the generalized equations given in Table 2. 

Friction factors are obtained from such equations as 

D(dP/dz)F 

2p<j>2 
= rnax {[min f(0,-2,a); f<2,o,a> R,f(0,-2,d)/p} (1) 

which is recommended for high pressure developed adiabatic steam-water flows in 
round tubes10 , and 

D(dP/dz)F 

2p<j>2 
= max {[min f(0,-2,a); f(l,2,e)J; ~f(0,-2,d)/p} (2) 

1 
2 

3 
4 

5 
6 

7 

8 

9 
10 

N. Zuber et al. GEAP report 5417 (1967). 
c. Lombardi and I. Ceresa, Energ. Nucl. (Milan)~, 181 (1978). 
Z.I. Miropolski et al. Thermal Engineering No. 5, 80 (1965). 
G.F. Hewitt, paper KS-13, 6th Int. Heat Transfer Conf., Toronto (1978). 
G.P. Gaspari et al., CISE report R-83, (1964). 
C.L. Lombardi and E. Pedrocchi, Energ. Nucl. (Milan), 19, 91 (1972). 
P. Griffith, J. Heat Transfer, 86, 327 (1964). 
N.V. Tarosova et al. 3rd Int. Heat Transfer Conf. (1966). 
I. Michuyoshi and A. Serizawa, J. At. Energy Soc. Japan, 12, 311 (1970). 
D.R.H. Beattie, Paper Dl, 2nd Int. Conf. Drag Reduction, BHRA Fluids Eng., 
Cranfield, UK (1977). 
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which has been recommended for high pressure steam-water flows in annuli and 
clusters in which spacer influences are not expected to be strong10 

It will be noted that friction regime maps for different systems can be con­
structed from equations such as equations (1) and (2). 

In the case of void fraction calculations, it is also necessary to characterise 
the flow as being either distributed, i.e. one phase is continuous throughout 
the flow, or separated, i.e. the flow section can be divided into liquid-phase­
continuous regions and gas-phase-continuous regions. 

For liquid-phase-continuous flows the equation of Zuber et al. 1 

<j >/<a> 
g = C <j> + V 

0 
(3) 

is suggested in conjunction with a friction-regime dependent distribution para­
meter c lO 

0 

C 
0 

= 1 + 2.6012" m v'f(m,n,z) 

These equations can be adapted for gas-phase continuous flows11 • 

Evaluation of functional forms for the drift velocity Vis outside the scope of 
mixing-length theory. The applicability of the round tube bubble flow drift 
velocity expression of Zuber et al. 1 to rod clusters is considered below, 
together with the complex geometry slug flow distribution parameter and drift 
velocity recommendations of Griffith 7 • 

( 4) 

For separated flows with a liquid-phase-continuous film and a gas-phase-contin­
uous core, i.e. annular flow, it is necessary to introduce the core area 
fraction A= (af - <a>)/(af - a) and core volume flow fraction 
B = (Sf - 6)/(Sf - a) where egtrainment is accounted for by the core and film 
volume flow fractiqni a ,af and the core and film void fractions a ,af, all of 
which are assumed constfutt over the appropriate regions of the flo~. In the 
case of round tubes, entrainment is adequately accounted for12 by af = 0.55; 
Sf as obtained from the value of <j >/<j> in equation (3) for the friction 
regime (0,-2,a) with <a>= 0.55; ;;Jld, except for very high voidages, 
a = a = 1. 

C C 

The annular flow void fraction equation for a given friction regime can then be 
expressed as 

.+ ) dy+ J (m,n, z (5) 

where Q+, s+ are the non-dimensional film volume flow rate and film thickness 
respectively. These are defined in Table 3. (Previous definitions of Q+ and S+ 
differed slightly10 , being based on a thick film approximation for annular flow. 
The present definitions are based on one version of the thin film approximation 
for annular flow. An examination has shown this approximation to be valid well 
beyond the limitations normally applied to such approximations and, in view of 
its simplicity, it is recommended instead of the thick film approximation given 
previously.) 

11 
12 

D.R.H. Beattie, Proc. 2nd Austn. Conf. Heat and Mass Transfer (1977). 
D.R.H. Beattie, Ph.D. thesis in preparation. 



3 DATA ANALYSIS 

Many voidage and pressure loss data from rod cluster and annular sections were 
examined to determine whether generalized theoretical expressions for round 
tubes, as sununarised in Section 2, could be extended to complex geometries via 
the equivalent diameter concept and, if so, whether the friction regimes for 
simple and complex geometries were the same. The results, with the emphasis on 
high pressure steam-water flows, are now discussed. 

As is the case with round tube data for low qualities, friction factors for low 
qualities tend to be compatible with the (0,-2,a) friction regime. However, 
there are more exceptions in the case of complex geometries. These exceptions 
tend to remain consistent with the generalized equation; tend to have sub-layer 
type a; and have friction factors which deviate significantly from those 
expected for the (0,-2,a) regime in the event of strong flow-disturbing effects 
associated with the entrance to the complex duct and/or the spacer arrangement 
separating the individual surfaces of the complex duct. Some examples are given 
in Figure 1. 

Pressure loss data for higher quality flows in ducts of complex shape are 
generally consistent with the generalized surface tension dependent equation of 
Table 2. Some exanples are given in Figure 2. Where data apply to both adia­
batic and diabatic conditions, it is found that, unlike the case for round tube 
flows10, the friction regime is not altered by heat transfer. Values form and 
n required for calculating f(m,n,e) appear to depend on the entrance region, the 
distance between spacers, the type of spacers, the number of rods in the geo­
metry, and the equivalent diameter of the system, in an as yet unresolved fash­
ion. Despite this , most data examined are reasonably described by equation ( 2) . 

The above general picture for higher quality flows is not always correct; some 
data do not conform to the generalized equations of Tables 1 and 2 at all. These 
data tend to be for geometries with very narrow gaps between individual surfaces. 
Possibly, there are different sublayer structures on different surfaces. It is 
interesting that the low and very high quality ranges of such data are respect­
ively compatible with f(0,-2,a) and f(0,-2,d), as was expected. In a few cases, 
data have characteristics expected for round tubes. The (4,4,e) data of Figure 1 
give one such example, being the regime expected for under-developed adiabatic 
flow in round tubes10• A special case that is only partly an exception to the 
rule is that of incomplete dryout. The shear on dry surfaces is small compared 
with that on wet surfaces, and the system behaves as one with an equivalent 
shear diameter 4 area/(non-dried perimeter). The V data of Figure 1 are for an 
annulus with the central rod heated beyond dryout and the shroud unheated. For 
round tube flows, f(4,2,a) is expected10;the data are consistent with this ex­
cept at low Re values where sublayer bubbles behave as type b instead of type a. 

In line with the trend observed for pressure losses, void characteristics for 
bubble flow in ducts of complex shape agree with those expected for round tubes 
only if spacer and/or entrance effects are small. Some data13 suggest that the 
round tube drift velocity value is unaltered for flows only moderately disturbed 
by spacers, with the distribution parameter values for these flows being given 
by equation 4 if the appropriate friction regime can be determined from pressure 
gradient data. For strongly disturbed flows, the distribution parameter may 
become very large indeed (-3) and drift velocity values approximate -<j 1>3 
suggesting a bubble retarding action by spacers and/or entrance regions 1 

Slug flow data, and indeed, many bubble flow data, tend to be very consistent 
with the recommendations of Griffith for slug flow in ducts of complex shape7. 

13 D.R.H. Beattie and K.R. Lawther, paper accepted for ICHMT International 
Seminar on Interphase Phenomena in Two-phase Flow, Dubrovnik, 1978. 



Given the experimental basis of his drift velocity correlations, the agreement 
here is not surprising, at least for slug flow data. In view of the speculative 
basis for his distribution parameter recommendations, the agreement here is 
rather surprising. However, a close examination of data indicates that, although 
the agreement with the Griffith 7 correlation is good, the data reveal a mass­
flow dependent fine structure which is consistent with equation 4. An example 
is given in Figure 3. 

In the case of voidage for annular flows in ducts of complex shape, most data 
are, as in the case for round tube data, for the (0,-2,a) friction regime. As 
can be seen from the representative data shown in Figure 4, the void fraction 
equations for flows in round tubes are in approximate agreement with these data 
also. In some cases, associated friction data indicate that the (0,-2,a) fric­
tion regime is inappropriate. The apparent contradiction is possibly because at 
least one pressure tapping in the pressure gradient measurements is likely to be 
in a region subject to entrance effects, whereas voidage measurements are gener­
ally made near the exit of test sections, where flows are more likely to be 
developed. 

As described above, flow disturbing influences affect bubble flow voidage in such 
a way that the homogeneous model, which is inappropriate for developed flow, be­
comes even more inappropriate. On the other hand, the data suggest that flow 
disturbing influences tend to homogenise annular flow, at least as far as void 
fraction behaviour is concerned. Thus, annular flow data (i.e. <a> >0.55) 
measured immediately downstream of a 36 rod cluster, marked• on Figure 4, are 
inconsistent with the theory given in Section 2 and instead are described by the 
homogeneous model. 

The few annular flow void fraction data for rod clusters that exist for regimes 
other than (0,-2,a) and for which there are associated friction data, are also 
compatible with equation 5 of Section 2. An example is given in Figure 5 with 
entrainment being neglected. 

4 CONCLUSIONS 

In mixing-length theory, expressions for pressure loss and void friction as 
developed for round tubes can be extended to complex geometries via the use of 
the equivalent diameter concept. With the exception of low quality 'developed' 
flows (i.e. small entrance effects etc.),friction regimes for complex geometries 
differ from those for round tubes with the result that, generally, coefficients 
appearing in expressions based on mixing-length theory differ for round tubes and 
complex geometries. Unlike the case for flow in round tubes, complex geometry 
friction and voidage characteristics generally are not influenced by heat trans­
fer. Hydrodynamic data from complex geometries are more likely to be for 'less 
developed' flows than is the case for round tubes~ this appears to be due to 
the entrance region of complex geometries and/or the spacers separating independ­
ent surfaces in complex geometries. 

14 
15 
16 
17 
18 
19 
20 
21 
22 
23 
24 

P.A. Edwards, AEEW-R-371 (1964). 
N. Adorni et al., CISE-R-30 (1961). 
N. Adorni et al., CISE-R-31 (1961). 
E. SchBneberg, EURAEC 2092 (1968). 
P. Grillo and P. Marinelli, Nuc. Technol • .!2_, 25 (1972). 
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G. Agostini et al., CISE-R-309 (1971). 
z.s. Rouhani, AE-238 (1966). 
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26 
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TABLE 1 DIMENSIONLESS-GROUP DEFINITIONS FOR 

VARIOUS TWO-PHASE FLOW SUB-LAYER TYPES 

Sub-layer 
Pressure Loss Characteristics Local Structure 

Tvoe 

Viscosity 
D(dP/dz)F dependent 

f = = f(Re p<j>Dl .+ i~- .+ + i_Re~ = J = J (y = - - ) flows 2p<j>2 li <j> f - R 2 2 
(a,b,c,d) 

Surface-
D(dP/dz)F tension f = f(We p<j>2D> + i~- t(y+ = i. We = = i = dependent 2p<j>2 0 <j> f - R 

flows (e) 

Sub-layer 
Type Density Definition Viscosity Definition 

Notation 

a. Rigid -surface = (1-BJ B (1+2.5 6) p P.e, + pq = r \l = 11.e, 
bubbles 

b. Non-rigid - 2.5 \l + 11.e, 
surface p = ~.e. (1-6) + pg B = p \l = 11.e, (1 + g 6) 
bubbles 

\l + 11.e, g 

c. Wavy-gas/ -
liquid p �~� P.e, (1-8) + p 6 = p µ = 11.e, (1-6) + µ 6 
interface 

g g 

d. Dry wall r = Pa µ=µa 

e. Attached -
wall (1-6) fl p = p .e. + p = p N.A. 
bubbles 

g 

TABLE 2 GENERALIZED PRESSURE LOSS AND VELOCITY PROFILE EQUATIONS 

Sublayer 
Tvoe 

Pressure Loss Characteristics Local Structure 

Viscosity 1/ff - ('2)m+4 {log Reff -
+ ('2)m+S {log y+ -

dependent 
j = 

flows ' - (O.llm + 0.5n + 1.1)} - (O.llm + o.sni} 
(a,b,c,d) I 

Surface 1/r'f = ('2)m+4 {log 
+ h. m+5 {log y 

+ 
tension 

Wef - j = ( 2) -
dependent - (0.2m + 0.3n - l . 1) ) - (0.2m + 0.3n - 2 .05)} 
flows (e) 

TABLE 3 DEFINITIOOS FOR NON-DIMENSIONAL FILM FLOW RATE 

Sublayer Type 

Viscosity dependent 
flows 

Surface tension 
dependent flows 

AND F'ILM THICKNESS 

+ 
Q 

1-B - 4- Re(z) 

1-B ~f(m,n,e) 
-- We 2 2 

G. Agostini et al., CISE-R-295 (1970) . 
0. Nylund et al., FRIG-G-2 (1968). 
P. Alia et al., CISE-R-108 (1968). 
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1-A ~fr<min,z) - 4- Re(z) l 

1-A + We f(m,n,e) 
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LETTER TO THE EDITORS 

. 
Void Fraction and Pressure Drop 

Two-Phase Upflow at 

Atmospheric Pressure 

1n 

V. M. Borishanskiy et al. ( 11 have presented some void fraction 
and pressure drop data for air-water upflow at atmospheric pressure in 
a 2-m long 11-mm diameter round tube, and have compared their data 
with various published equations recommended for both void fraction and 
pressure drop. Of the 23 void fraction equations considered, two com­
pared favorably with the void fraction data; and none of the 10 pressure 
loss equations agreed adequately with the pressure drop data. 

Three of the 10 pressure loss equations are from some AAEC work 
[21, which has since been generalized (3) and extended to include the 
prediction of void fraction. A comparison of the author's data [1) with 
the generalized equattonsiof (2J disagree with the authors' data, the impli­
cations concerning the validity of the AAEC equations must be reconsidered. 

The ~relevant equations of [ 3 I, using, where appropriate, the 
authors' notation, are summarized below: 

dP 
dl 

dP I 
dl fr 

., dP I + clP I 
dt fr dt gr 

2f 
- (w' p' + w" p") lw' + w") 
D o o o o 

(1) 

(2) 

D(w~ p' + w~ p") 
The friction factor f is a function of Reynolds number Re • -----­

ll 

where viscosity µ depends on sublayer structure: 

µ "' µ' (1+2.SB)(rigid-surface-bubblesublayer); (a) 
2. Sp" + \I' 

µ .. µ' ( 1 + .. + , ~) (non rigid-surface bubble sub-
µ µ layer); (b) 

µ • 11' (1-B) + 11"13 (wavy core/film interface). (c) 

Empirically, fas a function of Re can be obtained from a generalized 
equation 

11./i • (fi)m+4 {log Reli - (0.11 1n + O. SO n + 1.1)} (3) 
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*insert 'of [3] indicates that, although the AAEC equations' 



by suitable integer choices form and n. A friction regime ls characterized 
by appropriate m and n values and the appropriate sublayer. The notation 
(m, n, z) ls used, where m and n are the relevant integers from which the 
f:Re equation can be obtained from equation (3), and where z, for the pres­
ent purposes, indicates the appropriate viscosity definltlon (equation (a), 
(b) or (c)). The relationship (m,n) • (0,-2) generates the single-phase 
flow equation, also applicable to developed low-quality two-phase flows. 
The equations corresponding to (0, -2,a) (0, -2, b), and (0, -2, c) are, in 
effect, the three AAEC equations considered by Borismnskiy et al. [ 1]. 

With regard to gravitational head and void fraction prediction, 

dP I D 

di gr 
(p' (l-4,) + p" .Jg (4) 

where • is obtained from the Zuber and Findlay [41 equation 

w"/• = c (w" + w') + V 
0 0 0 0 

(5) 

where V is the drift velocity and c0 is a distribution parameter which de­
pends on the friction regime [ 31: 

C a 1 + 2 . 60 ( 12) m /f 
0 

(6) 

The drift velocity V depends on the flow structure. For rubble flows 

V = vbubblc C 
l.4 I a 9 (r, '-p") J o. 2 5 

(p I) 2 

g 0.22 m s- 1 for the data of (111 

for slug and bubble/slug flows 

V .. V D 

slug o. 35 t'gn 

.. 0.115 m s- 1 for the data of (1)1 and 

for flows with a froth core, 

v •·· vfl·oth • 0 • 

(7) 

(8) 

(9) 

s.tblayers (a) and (b) must have V given by equations (7) or (8), and 
sublayer (c) must have V given by equations (8) or (9). 

AAEC work indicates that developed bubble flow data are consistent 
with the (0, -2,a) friction regime. As noted, f(O, -2,a) was evaluated by 
Borishanskiy et al, [ 1) and found to be incompatible with their data. 
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However, extension of the AAEC prediction to the evaluation of void frac­
tion leads to the contradictory result that the AAEC friction factor calcu­
lations, as used in the estimate of void fractions, are correct, at least 
for the high mass flux data of [1]. This is demonstrated in Table 1, which 

dP compares experimental values of 4, and dt with those based on 4- ( O, - 2, a, 

VbubblJ and f(O, -2,a). The agreement between experimental and pre­

dicted 4' values is remarkable: the discrepancy is less than experimental 
round-off in more than half the cases, and the maximum discrepancy is less 
than 2%. Summarizing the predictions for the other data of [ 11: those 
based on 4,(0,-2,a,V81u9) and f(0,-2,a) reasonably describe the w~ "' 1.4 

m s-1 data for both void fraction and pressure drop; and neither the void 
nor pressure drop data for w' ,., o. 5 m s -1 a re compatible with the 
(0, -2,a) friction regime. 0 

The agreement between the experimental and predicted void fractions 
in Table 1 supports both the experimental data and the predictive method 
used. In particular, the agreement suggests that f(O, -2, a) is valid. C.on­
tradicting this, the pressure gradient data indicate that f(O, -2, a) is invalid. 
The apparent contradiction suggests that void fractions were measured 
near the exit of the test section, where flows might be expected to have 
been more developed, 1. e. , where the friction regime was that for (0, -2, a); 
and that pressure gradients were measured over a less-developed part of 
the test section where (0, -2,a) is invalid. The details of the experimental 
arrangement, which apparently are described in Ref. 4 of [ 11, would con­
firm, or disprove, this hypothesis. However, a copy of this work was not 
readily obtainable. 

The above hypothesis suggests that estimates of frictional pressure 
gradients, obtained by subtracting gravitational heads based on experi­
mental values of void fraction from measured values of total pressure 
drops, could be in error for data where the frictional head was not dominant. 
Thus, in considering the experimental data, comparison between experi­
mental data for the total pressure gradient and predictions for this quantity, 
where both grayitational and frictional gradients are calculated for the 
same friction regime, appeared more sensible than comparison between 
the "experimental" frictional gradient (this being the measured total minus 
the possibly inappropriate inferred "experimental" value of gravitational 
gradient) and calculated frictional gradients. 

For those data of [1] where the pressure gradient is predominantly 
frictional, the "experimental" frictional gradient is compatible with 
f(-1, -3, b) for low voidages, and f(O, 0, c) for high voidages. On the basis 
of low voidage friction factors for steam-water flows, given by f = 
== min [f(0,-2,a), f(4,4,c)] (i.e., thesmallerof thetwofrictionfactora) 
(3], it was supposed that f = min [f (-1,-3,b); f (0,0, c)] would describe 
all the frictional pressure gradient data of [11. For f(-1,-3,b) .-: f(0,0,c), 
the gravitational head was based on 4,E-1.,-3,b,Vbubble). For f (0,0,c) < 

< f~l,-3,bl, thegravitationheadwasbasedon t(0,0,c,v 1 ) except for s ug 
the low gas flow rate conditions with w' .. o. 5 m s - 1 , in which case 

0 

�~� (0,0,c,vf h) was used, simply because calculations based on the above rot 
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Table 1 

Comparison of Higher Mass Flux Void Fractions and Pressure 
Gradients with Those Calculated for the (0, -2, a) 

Friction Regime 

w' w" +, ' 
dP , kg m-3 

0 0 di 
m s-1 m s-1 EXPt • Pred. Expt. Pred. .. 
2. 91 0.11 2 .'86 2.86 2168 1936 

2. 91 0.094 2.46 2.46 2188 2034 

2.91 0.122 3.16 3.16 2198 1940 

2.88 0.22 5.6 5.57 2208 1947 

2.87 0.302 7.4 7 .48 2228 1%1 

2.87 0.407 9.8 9.76 2268 1987 

2.87 0.42 10 10.0 2268 1992 

2.87 0.69 15.2 15.3 2418 2063 

2.87 0.755 16.3 16.4 - -

2.78 1.16 23.1 23.2 - -
2.51 1. 25 26.1 26.l 2238 1933 

2.51 1.84 33.4 33.4 - -

2.51 0.950 21.6 21. 5 2148 1890 

2 .51 0.735 17.7 17.7 2078 1841 

2.51 0.54 13.8 13.8 2033 1799 

2.51 o. 394 10.7 10.6 1973 1769 

2.51 0.318 8.8 8. 75 1948 1754 

2.51 0.228 6.6 6.47 1923 1737 

2. !i 1 0.181 5.29 5.22 1921 1730 

2.51 0.122 3.64 3.60 1903 1721 
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Table 2 

Comparison of Measured Void Fractions and Pressure Gradients 
with Those Calculated for the (-1, -3, b) and (0, 0, c) Friction Regimes, 

the Regime Boundary Being Given by f(-1, -3, b) = f(0, 0, c) 

w' w" 4', \ dP -3 
0 0 

dt , kg m 

m s-1 m s-1 --. - - ---- -- -- --~- - ---...---- ----------
Exp. Cale. Exbt. Cale. 

0.517 5.12 71 71'.5 724 793 
0.517 6.83 73 73.5 16'36 925 
0.503 4.03 72 70.7 650 712 
0.49 3.12 68 68.4 591 657 
0.509 7.3 73 73.7 1973 907 
0.521 0.6 40 40.8 658 747 
0.521 0.92 49 49.5 608 691 
0.518 1.11 53 52.6 576 678 
0.518 o. 77 45'. 5 45.7 623 717 
0.518 1.62 59.5 59.0 556 657 
0.518 2.16 63 .5 63.2 592 660 
1. 41 3.68 57 57.8 1570 16°63 
1.42 4.68 60.5 60.8 1830 1812 
1.42 2.56 50.5 50.0 1518 1540 
1.42 1.98 46 46.1 1400 1463 
1.41 1.58 41. 5 

i 
41.8 1338 1387 

1.42 1.21 36 36.2 1308 1343 
1. 42 0.88 30 

' 
29.8 1210 1311 

1. 42 0.65 24.6 ' 24. 3 1273 1298 
' 1.40 0.48 20 19.6 1269 1285 

1.42 0.374 16 15.9 1281 1301 
1.42 o. 268 12:00 

I 
12.1 1288 1308 

l.43 0.115 5.76 5.61 1312 1331 
1.43 0.165 7.6 7.82 1306 1324 
1. 43 0,084 4.3 4.17 1319 1336 
2.91 0.11 2.86 2.94 2168 2270 
2.91 0.094 2.46 2.52 2188 2265 
2.91 0.1G2 3.16 3.25 2198 2273 
2.88 0.22 5.6 5.73 2208 ' 2276 
2.87 0.302 7.4 7.69 2228 

I 
2291 

2.87 0.407 9.8 10.l 2268 2321 
2.87 0.42 10 10.3 2268 2325 
2.87 0.69 15.2 15.7 2418 2409 
2.87 0.755 16.3 16.9 - -
2.78 1.16 23.l 24.0 - -
2.51 1.25 26.1 27.0 2238 2261 
2.51 1. 84 33.4 34.6 - I -
2.51 0.950 21.6 22.2 2148 2172 
2.51 0.735 17.7 18.3 2078 2113 
2.51 0.54 13.8 14.2 2033 2064 
2.51 0.394 10.7 10.9 1973 2030 
2.51 0.318 8.8 9.00 1948 2013 
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Table 2 (Continued) 

Cal' Cal" +, ' 
dP kg m- 3 

0 0 d.t, 
m 6-i m 6-i 

,___ ~- Cale • Exot. Cale. 
• 

2.51 0.228 6.6 6.65 1923 1995 
2.51 0.181 5.29 5.37 1921 1906 
2.51 0.122 3.64 3.70 1903 1975 
2.51 0.091 1.98 2.79 1893 1970 

gave slightly better agreement with the reported data.. Experimental 
observations, not reported in ( 11, would be relevant to the validity of the 
above approach. 

Calculations based on the above are compared with the data of (1) 
in Table 2. Considering pressure gradient data first, it is clear that, in 
all but two cases, the calculated values are close to, and almost cc:nsistaj­
slightly larger than, the experimental values, by about 60 kg m-3. It is 
possible that this systematic difference could have been caused by a zero 
error in the pressure drop measuring apparatus. If there was such a zero 
error, the "experimental" frictional pressure gradients (1. e., total minus 
gravitational gradient based on measured voidage) would be significantly 
in error for those data dominated by gravity. 

The agreement between the calculated and mmsured pressure 
gradients in Table 2 implies that the calculational procedure used, 
including that for the gravitatio~l component, is applicable to the flow 
system between the test section pressure taps. As noted, the experi­
mental void fraction values, presumed measured nmr the exit of the test. 
section, are not necessarily applicable between the pressure taps. Howi'· 
ever, the agreement between experimental and calculated void f:ractions 
Table 2 suggests that any friction regime change arising from' flow devel 
ment, such as appears to be the case for the high mass flux data, did not. 
significantly alter void fraction values. · 

In summary, the discrepancy observed by Borishanskiy et at. (1) 
between early AAEC friction factor equations (2) and their pressure 
gradient data appears to be because their data are for nondeveloped flow 
and the early AAEC equations are for developed flow. Void fraction data 
in conjunction with the pressure gradient data suggest a developing flow 
situation, the equations of ( 21 being applicable for developed regions. 
The pressure gradient data of (1) are consistent with nondeveloped flows 
described by equations given in ( 31. 

REFERENCES 

1. Borishanskiy, V. M., et al., Void Fraction and Pressure Drop in ~­
Two-Phase Upflow at Atmospheric Pressure. Fluid Mechanic. 
Soviet Research 6, 6, 51, 1977. Originally published in T 
TsKTl, 139, 72, 1.976. 

174 



2. Beattie, D.R. H., A Note on the Calculation of Two-phase Pressure 
Losses, Nuc. Eng, Des. , 25, 335, 1973. 

3. Beattie, D.R. H. Some Aspects oiTwo-phase Flow Drag Reduction. 
Paper Dl, 2nd Int. Conf. Drag Reduction, Cambridge, UK, 
Proceedings published by BHRA Fluid Engng. Cranfield, UK. 

4. Zuber, N. and Findlay, J.A. Average Volumetric Concentration in 
Two-phase Flow systems. J, Heat Transfer, 87, 453, 1965, 

175 

D.R. H. Beattie, 
AAEC Research Establishment, 
Private Mail Bag, 
&ltherland, 2232, Australia 



/nt. J. M•ltiphau flow Vol. 6, pp. 27:1-274 
Peqzamon/Elc;evier, 1980 Printed in Great Britain 

LETTER TO THE EDITOR 

Choked Foam Flows in a Convergent-divergent Nozzle 

APPENDIX Al9 

Sandhu & Jameson ( 1979) have presented interesting experimental data for choked foam flows 
in a convergent-divergent nozzle. and have compared these data with a theory which they 
hased partially on the assumption of a flat voidage profile in the flow. They conclude that their 
data are compatihle with isothermal gas hehaviour and no relative motion between the phases at 
low gas concentrations, and with relative motion between the phases (a velocity ratio up to 1.5) 
together with isentropic gas expansion at higher gas concentrations. 

A simpler interpretation of the data can be made if it is assumed that the gas concentration 
profile is not flat. "Slip" between the phases may then be due solely to the concentration of gas 

in higher velocity regions of the flow, not to relative motion between the phases. 
The theory of choked flows in such systems differs from that of Sandhu and Jameson. The 

key feature is the use of a distribution parameter, C0, developed by Zuber & Findlay (1965), 

which is a coefficient dependent on the shape of the concentration and velocity profiles. A flat 
concentration or velocity profile results in a distribution parameter value of unity; peaked 

profiles give values greater than unity. Typically, Co= 1.2 for low voidage flows. 
Critical flow expressions for flow where "slip" is due to concentration and velocity profile 

effects are given in Beattie (1976) and Beattie & Thompson (1976). For isothermal gas 
behaviour, 

( J)( 8, ) 112 
UmY(pi/Ptl= 1+8, l-(Co-0(1+28,) [I] 

where Um is the mixture velocity, and P, and 8, are the throat pressure and gas/liquid volume 

flow ratio, respectively. 
Figure I indicates that the data are consistent with a non-flat concentration profile such that 

C0 = 1.06 for all ga~ concentrations. This value, which is rather low, is consistent with the view 

3 0 

I OO tO 

C0 = 1-00 

20 

8, 
30 40 

Figure I. Experimental and theoretical dimensionless choking velocity as a function of throat volume ratio 
(adapted from Sandhu & Jameson 1979: figure 9): -. [I]. 
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of Sandhu and Jameson that their flows were comparatively homogeneous. This can be further 
seen by considering velocity ratio values. For flows in which Sandhu and Jameson require a 
velocity ratio k of 1.5 for agreement with their theory, the present model gives k = 
I + ( Co - I )(I + S,) = I. I. 

AAEC Research Establishment 
Lucas Heights, Australia, 2232 
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A POINT OF INFLECTION CRITERION FOR ANNULAR '!WO-PHASE FLOW 

D.R.H. BEATTIE 

Australian Atomic Energy Commission, on attachment to 
AERE, Harwell, from June 1980 

ABSTRACT 

The film and core regions of annular flow are considered here as regions 
in which turbulence is confined to the liquid phase and to the gas phase 
respectively. The film boundary of equilibrium annular flow coincides with 
an inflection in the voidage profile. This inflection is predicted by mixing­
length theory. Non-equilibrium entrainment levels are associated with non­
coincidence of the film boundary and the inflection point. 

INTRODUCTION 

Although there are two physically distinct regions in annular two-phase 
flows - a liquid-phase-continuous film region and a gas-phase-continuous core -
the statistical nature of the film/core interface, in addition to the entrain­
ment of both core and film, gives rise to a rather gradual transition between 
the two regions. Consequently, the concept of a characteristic film thickness 
for a given flow becomes, like the interface itself, somewhat ill-defined. 
Reflecting this, experimental 'film thickness' values are usually based on 
arbitrary criteria to enable conversion of fluctuating film thickness probe 
signals to unique values, and/or may be based on unrealistic assumptions (such 
as the absence of entrainment). Comparison of film thickness data usually 
becomes meaningless unless the same measurement technique has been used and 
the same interpretation process applied to all data. More importantly, 
incompatibility of measurement and analysis using a model of annular flow may 
make some film thickness data, inappropriate for development of the model. 

A model of two-phase flow, based on Prandtl's mixing-length theory, is 
being developed at the Australian Atomic Energy Commission's Research Establish­
ment. In line with the above discussion, the extent of the film region in 
annular flow is chosen to be compatible with this model. Application of the 
mixing-length theory has involved the assumption that turbulence is confined to 
one phase only [l], an assumption originally introduced to allow flow regime 
effects to be incorporated into the model. The film and core regions of annular 
flow are, quite simply, viewed as regions where turbulence is confined to the 
liquid and gas phases respectively. 

Although this model of annular flow was originally thought to represent 
the conventional view of a liquid-phase-continuous film and a gas-phase­
continuous core, extensive analysis of data has indicated that the two-region 
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turbulence model of two-phase flow may differ from the conventional view. In 
particular, the core region may be liquid-phase-continuous (such as a froth 
condition) but still compatible with the gas-phase-turbulence equations of 
the model. (See, for example, the data of Fohrman [2]. Fohrman's regimes, 
defined on a visual basis, cover bubble, plug, stratified, wavy, slug, and 
stratified-annular froth flow; and his average voidage data, when considered 
in terms of the AAEC mixing-length view of two-phase flow, are all compatible 
with liquid-phase continuous flows throughout the cross-section; but his 
voidage profile and pressure loss data are all compatible with a liquid-phase­
turbulent region near the wall and a gas-phase-turbulent core.) Also relevant 
to the alternative views of annular flows is the 'roll wave', which is con­
ventionally regarded as a component of the film region. Again, however, 
analysis of extensive data has shown that regions which contain roll waves are 
generally compatible with the gas-phase-turbulence equations developed from 
mixing-length theory. 

Film thickness values, based on voidage profile data [3) which have been 
examined in terms of the two-region turbulence view of annular flow, have been 
compared [1) with estimates of film thickness [3) obtained under the same flow 
conditions using wall conductivity probes. As expected, the two sets of film 
thickness values did not agree since the conductivity-based set does not account 
for entrained bubble contributions to the film thickness. In line with this, 
integrations of the voidage profiles over the film thicknesses corresponding to 
the mixing-length theory concept led to values of liquid contents in the film 
which, with one exception, are compatible with the conductivity-based values of 
film thickness. In the exception, the conductivity-based value of film thick­
ness is more than twice the calculated liquid thickness. This was possibly 
caused by the contribution of a froth region in the core to the conductivity­
based value of film thickness. 

Although the mixing-length approach to annular flow, as outlined above, is 
compatible with flow structure data [1) and also with some global character­
istics, such as pressure losses (see e.g. [4]), detailed examination of voidage 
profile data shows that the two-region turbulence model of annular flow is only 
an approximation; a narrow transition region exists between the film and the 
core where the voidage profile is incompatible with both the equations developed 
for gas-phase turbulence and for liquid-phase turbulence. Furthermore, the 
model is not at a stage where entrainment, film thickness and boundary conditions 
for annular flow can be predicted. 

In this paper, the film/core interface of annular flow is examined in 
terms of the flow structure equations for the film region which are considered 
in isolation from the core region equations. This examination provides some 
possible answers to questions as yet unanswered by mixing-length theory as 
applied to annular flow. 

VOIDAGE AND VELOCITY PROFILES 

Voidage (a) and velocity (j) profiles for the liquid-phase turbulent 
regions of round tube flows are described by 

(1-a)3/2 = 

and 

a 

( 1-a ) 3/2 
C 

a j + b 

R,n Y... 
R 

(1) 

(2) 
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For gas-phase turbulent regions, the corresponding equations are 

and 

3/2 
CL 

CL 

3/2 
CL 

C 

C j + d 

+ 
3 
2 

T /p 
w g 

k 
Y.. 
R 

(3) 

(4) 

The development of these equations and their compatibility with available 
data have been discussed elsewhere [1]. Note, however, that the analytic work 
is not yet at a stage where the coefficients a, b, c, d can be predicted. 

As implied in the introduction, equations (1) and (2) are considered 
appropriate for the film region of annular flow, and equations (3) and (4) for 
the core region; the intersect of equations (1) and (3) defines the boundary 
between the film and core regions, and detailed examination of voidage profiles 
indicates that this view of annular flow is reasonable, except for a small 
transition region where neither equation (1) nor (3) is valid. 

Although the form of the voidage profile differs in the film and core 
regions, the same is not true for the velocity profile, at least to a first 
approximation. This can be demonstrated by linearising the 3/2 power terms of 
equations (1) and (3) about a mean voidage value and substituting equations 
(2) and (4),which produces the familiar velocity defect equation for both 
regions. Velocity profile data (e.g. data from [3] analysed in [4]) indicate 
that coefficients in the velocity defect equation do not change across the 
film/core interface of annular flow. 

It has been noted elsewhere [3,5] that qualitative examinations of void­
age and/or velocity profiles do not suggest any criteria from which film/core 
interface positions may be determined. From the above, quantitative examina­
tion of voidage profiles in terms of equations (1) and (3) allows the inter­
face positions to be estimated, but velocity profiles do not appear to indicate 
the position of the film/core interface. Note, however, that equations (1)-(4) 
imply that the velocity profile equations are not identical for the film and 
core regions. Even though differences may be second order, the following 
analysis suggests that they are crucial in determining the position of the 
core-film interface. 

A POINT OF INFLECTION CRITERION 

Examination of equations (1) and (3) indicates that the curves for CL(y) 
generated by these equations contain inflection points at 

e 
-1/3 

(5) 

where y 1 represents an extreme position on the curve of equations (1) or (3) 
defined by 

and 

l 

0 

(liquid-phase turbulence) 

(gas-phase turbulence). 

(6a) 

(6b) 

The points of inflection will occur outside the physically meaningful 
range O <CL< l for the core region of a two-region flow, but will occur within 
this range for the turbulent region near the wall. Furthermore, the co-
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efficients in equations (1)-(4) may be such that the point of inflection occurs 
in the physically meaningful range y. f < R. 

in 

DATA ANALYSIS 

Annular flow voidage profile data in the literature were analysed in terms 
of equations (1)-(4) to ascertain whether the point of inflection represented 
by equation (5) is physically significant. Only data where the voidage profiles 
extended to within the film region, as defined by the applicability of equation 
(1), were considered. The data were obtained using isokinetic sampling tech­
niques, needle conductivity probes, or wall-mounted conductivity probes. The 
conductivity probe data were usually presented as 'relative film contact time' 
curves or, equivalently, as 'film thickness probability distribution' curves. 
Since these curves indicate the probability that a given point is in the liquid 
phase, and local voidage a(y) can be regarded as the probability that gas exists 
at position y, they may be interpreted as curves of (1-a(y)). 

RESULTS 

The annulnr flow voidage profiles found were consistent with a previous 
analysis [1]: the near-wall region is compatible with equation (1) and the 
core region with equation (3). The intersect of the two equations provides a 
suitable basis for defining a film/core interface and, as discussed, a narrow 
region of the profile - a film/core transition region - is incompatible with 
both equations (1) and (3) near the intersect position. 

The point of inflection defined by equation (5) generally coincides with 
the upper validity limit of equation ~1), i.e. the film region equation remains 
valid up to the inflection point. Examples are given in figures 1 and 2. 
Although the coincidence of the inflection point and the start of the transition 
region was not observed in all data examined, the frequency of the coincidence 
(-75% of all voidage profiles examined) indicates that the point of inflection 
is of significance. On the other hand, a statistically significant minority of 
voidage profile data (-25%) did not display this coincidence, indicating that 
although the film boundary can be regarded in terms of the inflection point for 
some flows, this does not have general validity. 

DISCUSSION 

In view of equations (2) and (4), an inflection point in the voidage 
profile implies that an inflection point also exists in the velocity profile. 
Because velocity profile inflection points have a destabilising influence, at 
least for single phase laminar flows [6], an inflection point in the film region 
of annular flow also could have a destabilising influence. 

If this is so, it would explain the comparative scarcity of voidage profile 
data in cases where the film (defined by the applicability of equation (1)) 
extends beyond the inflection pointy. f (defined by equation (5)), since stable 
annular flows should be limited to fl6~s in which the film does not extend 
beyond the inflection point. 

This suggests that the film region (defined by the applicability of 
equation (1)) of stable annular flow must be limited to a distance less than 
y. f. However, a comparative scarcity of voidage profile data in which the film 
d6~s not extend toy. f suggests that a mechanism exists whereby flow develop­
ment produces film b6Gndary and inflection point coincidence. In this regard, 
limited evidence, based on conductivity probe data, suggests that at least some 
flows in which the film thickness is less than y. f have a froth in the region 

in 
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of the core near the film. It is conceivable that such flows are in hydro­
mechanical dis-equilibrium, with the froth becoming integrated into the film 
region. 

Similarly, a point of inflection which occurs within a film can be viewed 
as indicating hydro-mechanical dis-equilibrium. In view of the postulated 
instability inherent in such a situation, the instability could produce inter­
face activity which removes excess film liquid to the core. It is known that 
roll waves on the film are the major source of core entrainment [7]. Presum­
ably this process should continue until the film boundary coincides with the 
inflection point. 

A picture thus emerges in which equilibrium between core entrainment and 
deposition occurs when the inflection point coincides with the film boundary. 
An imbalance between entrainment and deposition occurs when the inflection 
point falls outside the film (a deficiency of liquid in the film) or within 
the film (a deficiency of entrained core liquid). 

As a secondary consideration, it may be that the position of an inflection 
point at a duct centre represents an upper voidage limit of stable bubble flow. 
As part of the present work, a number of developed bubble flow voidage profiles 
were examined and were all such that the inflection pointy. f occurred in the 
physically meaningless range y, f > R. A change of bubble in flow conditions 
so as to bring the inflection tgint to a position y. f < R should, in view of 
stability considerations, represent the onset of slij~ging or semi-annular 
flows. A number of voidage profiles from such flows were also examined: these 
were similar to the annular flow voidage profiles except that the validity 
limit of equation (1) extended over a much larger section of the flow, rather 
than being confined to only a narrow region near the wall. 

As a final comment, one can reasonably suppose that the inflection point 
criterion is as relevant to inverse annular flows, i.e. film boiling flows, as 
it is to annular flows, but lack of relevant voidage profile data for inverse 
annular flows precludes confirmation of this supposition. 

CONCLUSIONS 

A mixing-length theory approach to two-phase flow analysis has resulted in 
voidage and velocity profile equations which provide inflection points. Such 
points may occur within physically meaningful regions of the flow, and data 
analysis indicates that there is a strong connection between the position of 
such an inflection and the film boundary for annular flow. The location of 
this inflection is a determining factor in relation to the onset of annular 
flow and in producing a balance between entrainment and deposition processes in 
annular flow. 
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APPENDIX A21 

I Pressure Pulse Propagation in Two­
Component Slug Flow• 

D.R. H. BEATTIE. 2 The work of Professors Martin and 
Padmanabhan should help dispel the widely held but 
erroneous belief, stemming from the work of Henry, et al., (2, 
3), that pressure pulse behavior in two-phase ·dug tlow is 
fundamentally different from that in bubble !low. The theory 
of Henry, et al., assumes no mechanical coupling between rhe 
phases, a condition which was simulated in their somewhat 
artificial "slug flow" experiments performed to confirm their 
theory. The theory of Martin and Padmanabhan takes ac­
count of this mechanical coupling between the phases, whim 
in reality is almost complete, as is the case for bubble tlow. 
fhus slug flow pressure pulse characteristics should be similar 
to those expected from bubble !low. This is verified by the 
experimental data of Martin and Padmanabhan. 

If thermal coupling between the phases is considered. a 
minor !low regime effect might be expected. The low the1 mal 
coupling expected for slug !low is such that the isentropic 
temperature change occurring during the pulse passage might 
reasonably be expected to be confined to the gas phase, with 
the result that, as supposed by Martin and Padmanabhan, the 
specific heat ratio-yin the theory is that for the gas, C,P!Cg,. 
On the other hand, the more uniform dispersion of the phases 
in bubble !low is such that an assumption of thermal 
equilibrium is more reasonable. In this case, as shown by 
Miyazahi et al., (7), the value of)' then becomes 

X C,P +(1-X) 5-_ 
X C~v +(1-X) C1 

where x is the mass fraction of gas, and C1 the liquid ,pecific 
heat. For the small gas mass fractions occurring in the 
described air-water slug !low experiments, )' might be ex­
pected to be closer to unity if bubble tlow had occurred. 
However, this dependence of pressure pulse velocity on !low 
regime, which is not taken into account in the theory of 
~1artin and Padmanabhan, is small and of the order of 
normal data scatter. As expected, then, the experiments of 
Miyazahi, et al., [6], which covered both bubble and slug 
!low, did not indicate any discernible influence of flow regime 
on pressure pulse velocity characteristics. 

~lartin and Padmanabhan's treatment of the drift tlux 
model is such that the distribution parameter, C0 , is assumed 
to be unity. Their conclusion that the pressure pulse velocity is 
that given by the homogeneous model with respect to the 
mixture center of mass velocity applies only if the "slip" 
between the phases is caused only by a drift velocity vv and is 
not general. Distribution parameter effects are considered in 
[ 19) and its supplement (22) which give the result 

a::::. j er(! - ~cr)p1 

(which reduces to equation (15) for C0 = 1) with respect not 
to the center of mass velocity but, if j > > vgJ, toj( C0 + (1 -

C0 p1 Ip) where p is the homogeneous mixture density, and C0 

is as calculated in ( 19). 
The theory of (19) applies for developed flows and, as such, 

is not strictly applicable to the experiments of Martin and 
Padmanabhan where the experimental distribution 
parameters, which are less than unity because of the skewed 

1 By C. Samuel Martin and M. Padmanabhan, published in the March, 1979, 
issue of the ASME JOURNAL OF FLUIDS ENGINEERING, Vol. IOI, No. I, pp, 
44-52. 
2Senior Research Scien1ist, Australian Atomic Energy Commission, N.S.W. 
Australia 

Journal of Fluids Engineering 

Table I Error statistics for pressure pulse velocity data of 
Martin and Padmanabhan. Errors are (calculated velocity -

measurement velocity)/(measured ,elocity) 

Homogeneous model 
Method of[l9) 

:'>,,lean 
error 

-17.4070 

- 3.2070 

R.M.S. 
error 

l8.l07o 
6.707o 

voidage profiles, indicate non-developed conditions_ 
Nevertheless, the theory of ( 19), as indicated in the ac­
companying table, predicts the pressure pulse velocity data of 
Martin and Padmanabhan better than the homogeneous 
model does, even though the developed flow void fractions 
predicted by the method of ( 19] are clearly inappropriate. 
This suggests that, for pressure pulse velocity prediction, the 
theory of ( 19) can be extended to nondeveloped conditions, at 
least when the nondevelopment is characterized by skewed 
voidage profiles. 

Additional Reference 

22 Beattie, D.R. H., and Thompson, J J., "The Effect of Flow Veloci1yon 
T"o-Phase Propagation Phen,,mena, ·· Proceedings, Second International 
Conference un Pressure Surges, London, Sep!. r '>76, supplement to paper D3. 

JUNE 1980, Vol. 102 / 249 
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Experiments on Air-Water Flows In an Eccentric 
Annular Channel 

D.R.H. BEATTIE 
Senior Research Scientist. Australian Atomic Energy Commission. Sydney 

and 

K.R. LAWTHER 
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:uMMARY The structure of two-phase flow has been investigated for air-water flows in a vertical eccentric 

,nnular channel. The results, which include axial pressure gradients and velocity profiles near the wall, 

1ere obtained for a wide range of flow conditions. The region near the wall was investigated by means of 

l variable height scoop assembly, which was used both as an isokinetic flow sampling device and as a 

>reston probe. Azimuthal variations were also investigated for each flow condition. Experimental results 

tre, on the whole, consistent with a mixing length approach to two-phase flow characteristics. The 

:esults indicate that the flow is much less developed than that in a corresponding concentric annular 

:hannel, and that intrusions into the flow, such as spacer elements or probes, have much more significant 

iffects on the local flow structure in the eccentric annular channel. 
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1 INTRODUCTION 

A program of research into the fluid mechanics of 
two-phase flows in rod cluster geometries has been 
conducted at the AAEC Research Establishment over 
the last seven years. The program was initiated 
to improve understanding of two-phase fluid mech­
anics in water-cooled nuclear reactor systems in 
relation to predicting coolant flow behaviour for 
dbnormal operating conditions as in a -loss-of­
coolant accident. It has incorporated the use of 
analytic and experimental methods and included 

experiments with air-water flows in round tube and 
concentric annular flow channels. 

This paper describes air-water flow experiments 
with an eccentric annular channel. This was con­
sidered a suitable next phase of the program since 
it would result in a simple three-dimensional flow, 
not unlike that expected for a rod-centred sub­
channel of a multi-rod reactor fuel element 
assembly. 

2 TEST SECTION 

The annular channel consisted of a 90 cm long, 2J.4 
mm i.d. shroud, with a 12.7 mm dia. rod offset by 
3.1 mm from the centre. This geometry was chosen 
to be similar to the channel used by Schraub et al. 
(1969). The present results, covering the gas 
volume flow ratio range 0.16 < 8 < 0.87, were 
obtained with the idea of complementing the high 
gas content (8 > 0.94) air-water data of Schraub 
et al. (1969). 

The rod was positioned by spacers at points up­
stream and downstream of the main test section, and, 
in the earlier part of the experiment, also in the 
middle of the test section. The central spacer was 
simply 6 small screws inserted through the shroud 
at equal azimuthal spacings, and was removed in an 
attempt to encourage developed flow at the test 
section exit after preliminary tests indicated that 
flow development was considerably less than for the 
earlier concentric annular channel and round tube 
experiments on the sa!'le rig. 

3 INSTRUMENTATION 

3.1 Needle Conductivity Probes 

Traversing needle conductivity probes (see Herringe 
and Davis, 1974) were used to detect the presence 
or absence of air at any point in the flow. The 
local voidage, a, is the probability that gas 
exists at the point considered. Ideally, for a 
flow with stationary characteristics, the needle 
signal will be a simple on-off response, the time 
average of which can be interpreted as the local 
voidage. However, real systems are not ideal, and, 
for a number of reasons, the 'on' signal may not 
reach the level anticipated, ancl 'Tlav ,, ... ,,., i-,., ,..,f 1 



comparable aize to noise encountered in the 'off' 
1,vel. Often, arbitrary discriminator levels are 
applied to decide whether the signal is 'on' or 
•off' (Herringe and Davis, 1974). Each signal in 
t11e present experiments was analysed in terms of 
probability distribution curves. The shapes of 
t11ese curves were used to determine a non­
arbitrary discriminator level for each signal, 
from which the void fraction was obtained. 

AS discussed by Herringe and Davis (1974), cross­
correlation of the signals from two such probes, 
separated axially by a small distance, can be used 
to determine the interface velocity. For low 
voidage flows, this velocity can be interpreted 
as the gas velocity. 

A traversing double needle probe of 4 mm separat­
ion was used at distances 22.5 cm (18 diameters) 
and 67.5 cm (53 dia.) from the test section inlet 
for local voidage and interface velocity 
measurements. The probe could be positioned with­
in 0.5 mm of the shroud and 1.5 mm of the rod. 
It was intended to use this probe at different 
azimuthal positions to obtain void fraction and 
velocity maps for different flow conditions. 

3. 2 Manometers 

The test section contained four pressure tappings, 
positioned t~ measure pressure gradients in up­
stream and downstream parts of the test section, 
and the pressure drop across the middle spacer. 
Lines from the tappings were filled with water 
and connected to dye-coloured Freon-113 mano­
meters. Line purging was not necessary with this 
a~rangement; furthermore, liquid in the lines 
damped pressure fluctuations, resulting in steady 
manometer readings. An additional benefit is the 
low effective density of the manometer fluid 
(570 kg m- 3) which results in high sensitivity. 

3.3 Wall-region Isokinetic Sampling Scoop 

In the present experiments, the region near the 
shroud was examined with a variable gap isokinetic 
sampling scoop. The design was adapted from that 
of Adorni et al. (1963) and the device is 
shown schematically in fig.l. In principle, the 
flow is extracted through the scoop at a rate 
such that pressures· at points A and B (fig.l) are 
equal. Under these conditions, it is assumed 
that the probe does not disturb the flow and that 
the measured rate of extracted flow is the same 
as that which would have passed through the 
scoop flow area in the absence of the scoop. 

To obtain a high sensitivity, pressure tappings 
A and B were connected by a horizontal water­
filled glass tube and a device for injecting 
single air bubbles was provided at the centre 
of this tube. The extracted flow was adjusted 
by means of needle valve C (fig.l) till an 
injected bubble remained stationary. Then the 
sampled flow rate was measured. 

Measurement consisted of determining (a) the 
Volume of water extracted during a given time, 
and (b> the air content by using quicx-closing 
valv~s to collect a given volume of extracted 
flow in a glass tube. 

The scoop-shroud gap was adjusted between 0.25 -
(the minimum) and approximately 0.9 11111 (the 
lllaximum at which isokinetic extraction could be 
achieved), with a traverse consisting of extract­
ions at 5 or 6 positions, including the two 
extreme locations. It was found necessary to 

connect a vacuum pump to the extraction circuit 
for gaps greater than - 0.5 -· 

To determine azimuthal variation due to rod 
1£~entricity, trav~rses were made for 8 equal to 
~, 45°, 90°, 1~5°, and 180° (fig..l). 

Before the present experi-nts, the device was 
tested with single phase (air) flow in a round 
tube, using a differential pressure gauge bet-n 
pressure tappings A and B. Extracted flows were 
consistent with those expected on the basis of the 
universal velocity profile. 

3.4 Preston Probe 

A Preston tube is a pitot tube placed in contact 
with a sheared surface. When calibrated, the 
tube impact pressure is a direct measure of the 
local wall shear stress (Preston, 1954). 

Under zero extraction conditions, the scoop on the 
isokinetic sampling probe can serve as a Preston 
probe. In the present experiments, the velocity 
head was determined from the velocity of the water 
in the sight-tube between pressure tappings A and 
B (fig.l), hereafter called 'Preston velocity', as 
determined by timing the transport of a bubble 
injected into this tub~. 

The theory behind the application of the Preston 
tube to two-phase flow is uncertain. Nevertheless, 
Preston velocity values were readily measured and 
were obtained following each isokinetic extraction. 

4 BACKGROUND THEORY 

Aspects of the two-phase mixing-length theory 
(Beattie, 1972) which are relevant to the present 
experiments are as follows: 

(i) A linear relation is expected between (l-aJ312 
and log y and also between local voidage and local 
liquid velocity. 

(ii) Friction factors and pressure loss coeffic­
ients depend on Reynolds number D G/µ where: 

(a) µ = µ1 (1+2.5 B) for bubbly flows with 
no movement on the individual bubble 
surfaces, 

(b) 

(c) 

{ 
2.5µ + µ1 } 

µ = "11 1 l + g B for bubbly 
µg + µ1 

flows where there is movement onl bubble 
surfaces, 

µ = µ1 (1-6)+µ B for wavy gas/liquid 
interface in tffe sublayer. 

(iii) Obstruction pressure loss coefficient depend­
ence on Reynolds number should be the same as for 
single-phase flow with the appropriate villCOsity in 
the Reynolds number. 

(iv) Coefficients appearing in the two-phase 
friction factor Reynolds number (with appropriate 
viscosity) relation, and the corresponding non­
dimensional velocity profile, may differ froa 
those in the single-phase relations. aowver, 
there are distinct constraints on these values. 
The coefficients in the friction factor nlation, 
together with the appropriate viscosity definition, 
identify a particular two-phase flow regia. 

l"urther aspects of the above concepts haWI bllen 
given by Beattie (1972, 1973, 1977). 



5 RESULTS 

5.1 conductivity Probe Data 

voidage and velocity profile data were found (a) 
to be incompatible with theoretical expectation, 
(b) to have shapes suggesting a strong degree of 
non-development, and (c) to exhibit non-reproduc­ibility. Since meaningful voidage and velocity 
maps could not be obtained, these measurements 
were abandoned early in the experiments. 

Typical results, from measurements in the narrow 
part of the annulus, are shown in fig.2. Results 
from similar experiments with a concentric 
annular channel indicated a higher degree of flow 
development than was found with the present 
experiments. 

5.2 Spacer Pressure Loss Coefficient 

Spacer pressure loss coefficient data correlated with Reynolds number using viscosity (c) (see 
section 4) for all flow conditions. This 
viscosity suggests that the flow had become 
separated when passing over the central spacer. 
Because of this, and the high degree of non­
development exhibited by the conductivity probe 
data, the spacer was removed early in the 
experiments. 

Data are shown in fig.3. The correlating curve 
was obtained from earlier tests with single-phase 
flow over the spacer used in the concentric 
annular channel. The agreement between the 
single-phase curve and the two-phase data is 
consistent with the theoretical expectations 
outlined in section 4. 

5.3 Friction Factors 

Friction factors were obtained from pressure drop data with the gravitational head being accounted 
for by using the Zuber and Findlay (1965) 
correlation for void fraction; This correlation is unlikely to be valid for the non-developed flows 
described here, but as the gravitational component of ·the total head was generally small, the effects 
of such errors on the friction factor data are 
expected to be small. 

Flow data at low voidage values were correlated 
using viscosity (b), compatible with bubbly flow; 
and flow data at high voidage values, with 
viscosity (c), compatible with annular flow. The 
data are shown in figs.4 and 5. The coefficients in the correlating curves are consistent with con­
straints described by Beattie (1977). The data 
scatter is consistent with the non-reproducible 
voidage profile data (section 5.1), which implies 
a non-reproducible gravitational component of the 
total head. 

These results differ from those found earlier with 
the concentric annular channel. In that case, friction factor data for both high and low voidage 
flow conditions were correlated using the 
Ni~uradse equation with bubble viscosity 'a) in the Reynolds number. 

5.4 Isokinetic Sampling Data 

Data for extracted volumetric flow Q and scoop gap 
d were plotted in non-dimensional form as Q+ 
against d+ z (d/D) Re lt;i. Data did not correlate 
when plotted using viscosity (c) in Re, but did, when plotted using viscosity (a) or (b). This 

applied to both high and low voidage conditions. 
When compared with the results described in 
section 5.3, the implication is that the probe 
induced a regime change, a situation that appears to have occurred with other isokinetic sampling 
data (Beattie 1977). 

When plotted in terll\5 of viscosity (a), and frict­ion factor, f, calculated according to the 
Nikuradse equation incorporating this viscosity, 
the correlating curve is the integral of the 
'universal' velocity profile (fig.6). This is the 
result expected for developed flows. The scatter in fig.6 is largely due to difficulty found in 
determining isokinetic sampling flow conditions 
for low momentum flows. As can be seen from fig.6, no azimuthal variation was found in the results. 

5.5 Preston Probe Data 

Preston velocity data - this term is described in 
section 3.4 - were plotted as a function of scoop gap for each flow condition. Typical data are 
shown in fig.7. Again, there is no apparent 
azimuthal variation. 

An attempt was made to convert such data to local shear stress data by calibrating the Preston probe using single-phase flow in a round tube. However, 
the dependence on the scoop gap was considerably less in the single-phase calibration runs, indicat­ing that the single-phase results did not apply to 
the two-phase case. This may be due to the 
Preston tube concept being inappropriate to two­
phase flows, or, more likely, in line with the 
non-development suggested by earlier results, be 
due to the two-phase non-dimensional velocity pro­file being steeper in the wall region than would 
be the case for more developed flows. 

6 CONCLUSIONS 

A wide range of experiments has been performed for air-water two-phase flow through an eccentric 
annular channel. With the exception of core 
region voidage and velocity profile data, the 
results are consistent with expressions obtained 
previously using a two-phase mixing length concept. The results indicate that the flow is less develop­ed than indicated by corresponding res~lts 
obtained with the rod positioned concentrically. 
Intrusions into the flow, such as spacers or 
probes, affect the flow locally so that results obtained with these intrusions are not necessarily 
representative of behaviour in their absence. 
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APPENDIX A23 

The utilisation of fluid resources relies heavily on the measurement of flow during processing, transport and custody transfer. To improve and maintain accuracy in industry, periodic calibration against a standard is required. The AAEC's adaptation of the radio­isotope dilution method of measuring mass flow in gas systems offers a calibration tech­nique with potentially low cost, accuracy and precision which equal or approach the best available with established techniques. The method is absolute, independent of pipe dia­meter and surface condition, and can be applied either in situ or to meters mounted in a calibration facility. The AAEC fs constructing a test facility for thorough inveS'tigation of the technique over the mass flow range 0.16 - 1.5 kg s-1 using compressed air. A des­cription of the facility is given. 

The technique could also be applied to two-phase systems such as steam circuits and natural and petroleum gas pipelines. The application to wet steam flows is discussed. The existence of two phases presents problems with respect to inter-phase mixing of the radio-tracer but these are expected to be small compared with those encountered with con­ventional flow metering methods. A steam-water loop, involving special monitoring tech­niques, has been constructed in order to evaluate the method's potential for wet-steam flow measurements. Flow rates of 0.2 to 0.8 kg s-1 (at 1.4 MPa and 300°C) are being studied. 

1. INTRODUCTION 
In the use of a fluid resource or commod'ity, great reliance is placed on the measurement of flow during processing, transport and custody transfer. Industrial flow meters are manufactured either to conform to an engineering code, which guarantees a certain level of accuracy, or to be calibrated against a primary or transfer standard. Where codes are followed accuracies for gases are generally about 1 to 1.5 per cent. Where meters are calibrated, accuracies are better (0.25 to 0.5 per cent) but costs of calibration comparable to the costs of the meters themselves are a recurring expense if the level of accuracy is to.be maintained. 

Improvement of metering accuracy from say, 1.5 to 0.5 per cent could represent a significant improvement in process control which could lead ultimately to substantial savings in the commodity being processed and/or in fuel required for the processing. If such an improvement could be made via a calibration process that is cheap and involves little or no downtime of plant, the idea of regular calibration might be more attractive to industry than it is at present. 

Radioisotopes have been used to measure flow rates for many years, probably more frequently for liquids than for gases, but the advantages of this application to industry have not been fully exploited, particularly in Australia. Radio-tracer techniques can involve measurement of one of the following: the time of flight of the tracer pulse along a pipe of known cross-section; of the total count as the pulse passes a radiation counter operating under calibrated detection geo­metry; the dilution of the pulse in the process fluid as it flows down the pipe [1]. The dilution technique is inherently suitable for calibration purposes because it is independent of both the pipeline characteristics and the properties of the fluid, and generally can be used on-stream without interference to plant operation. 
Beattie and Hanna, Australian Atomic Energy Commission, Research Establishment, Private Mail Bag, Sutherland, 2232, NSW, Australia. 



In 1975, a significant advance in the application of the tracer dilution method to the 
measurement of gas flow was made by the Australian Atomic Energy Commission (2). In Section 2 a 
major experimental program is described which includes a large test facility now being constructed 
by the AAEC for fully proving this method. 

As well as gas and liquid flows, flows of gas-liquid mixtures are cqmmonly encountered in 
industrial processes. Because of the complex nature of such flows, conventional single-phase flow 
monitoring techniques cannot be used; a meter response, which can be expressed unambiguously in 
terms of mass flow rate for single phase flow, becomes a function of mass flow rate, gas content, 
and also of the nature of the flow structure (bubble, stratified, etc.) for a two-phase system. 

With this background, the AAEC considered that industry might benefit if the basically 
straight forward radio-tracer pulse dilution method outlined above could bi'! adapted t·o gas-liquid 
flow systems. A research and development program, designed to test the feasibility of monitoring 
the mass flow rate of wet steam flows via the dilution of an injected pulse of water labelled with 
tritium (a radioactive isotope of hydrogen), is described in Section 3. 

2. GAS FLOW MEASUREMENT 
The AAEC's adaptation of the gas flow measurement technique is described in detail by Spragg 

and Seatonberry (2). An aliquot of radioactive tracer gas (usually 85icr) of activity A is injected 
into the pipeline and, at a point downstream where the tracer and the flowing gas have mixed uni­
formly across the pipe, a sample is withdrawn over a time intervalt (which includes the time of 
transit of the tracer pulse past the sampling point). The activity of the sampled gas is measured 
in a radiation counter (giving a count rate C) which is calibrated by injecting a second aliquot 
A0 into a large air-filled vessel whose volume V and in which the air density p0 are accurately 
known. After mixing, the radioactivity in this air is measured in the same radiation counter 
(giving count rate C0 ) and the mass flow is calculated from the expression 

Mass Flow w 
V C A 

0 

t"cA Po 
a. 

(1) 

This procedure has the advantages that it does not require the absolute activity of the injected 
tracer aliquot A to be determined, and it measures the activity of the sampledgas by comparing it 
to that of another sample diluted to a comparable level. Earlier methods compared the activity of 
the sampled gas with that of the injected aliquot and the ratio of the activities was large (e.g. 
3 x 105 (3)). In the AAEC method, the ratio is much lower (close to unity) and the error in 
measuring the activity ratio (here it is C0 /C) is much lower. The ratio A/Ao is determined 
accurately (0.2 per cent), not in terms of the activity but of the temperature and pressure at 
which each aliquot is loaded into the injection cartridge. · In addition the volume of the dilution 
vessel has been calibrated to 0.02 per cent by the National Measurement Laboratory of CSIRO. 

An error analysis [2] suggested that the method is capable of an overall error in flow 
measurement of about 0.3 per cent r.m.s.; that is, comparable with the best calibration methods 
currently available. 

Field trials in Victoria and South Australia (21 supported the error estimate given above and 
the AAEC is now constructing a gas flow test facility in which a thorough and systematic evalua­
tion of the method will be made. The project is being developed under the guidance of a steering 
committee comprising senior representatives from the AAEC Research Establishment and the National 
Measurement Laboratory. Construction of the facility should be completed during 1981. 

An artist's sketch of the fasility is shown in Fig.l. The test fluid will be compressed air 
from the Research Establishment's air supply system which has been upgraded to meet the rig 
requirements. Design parameters for the test facility are: 

Maximum flow rate: 
Operating pressure: 
Maximum design pressure: 
Operating temperature: 
Test section diameters: 
Test section length: 

1.45 kg s-1 (0.83 m3 s-1 at s.t.p.) 
250-650 kPa absolute 
1 MPa 
Ambient 
50, 100 and 150 mm 
42 metre, maximum 

The air supply system comprises five compressors with a total capacity of 1 m3 s-1, three 
receivers of 3.4 m3 total capacity, filters and a cooling tower. However, not all of this capacity 
will be available to the rig, and the supply will have to be boosted with hired diesel compressors 
to achieve the maximum design flow rate. The air will be partially dried to keep it above satura­
tion point. The oil content is expected to be less than 15 ppm. 

The facility will consist of three horizontal test sections (arranged parallel in the 



vertical plane) incorporating mechanical flow meters of three different types to provide bases 
against which the radiotracer measurements can be assessed. Financial constraints require that 
the number of flow meters required to cover the range of flow and pipe diameters be minimised. 
Thus, cross-over pieces will be installed, as required, so that flow meters designed for a~d 
installed in one leg can be used when tracer measurements are required in another leg. Where 
cross-over pieces are used, the straight length of test sections available for tracer injection 
and sampling will be reduced, but will exceed the calculated minimum mixing distance (ea. 100 dia­
meters) in all legs [4]. 

Each test section will be made up from flanged sections to facilitate the exchange or re­
arrangement of flow meters, insertion of cross-overs, and, if required, the insertion of special 
sections or flow meters for calibration. Tapping points will be provided at pre-determined inter­
vals for tracer injection, sample withdrawal, and pressure and temperature measurement. The number 
and disposition of tapping points should permit a thorough study of the mixing behaviour as the 
tracer pulse flows down a test section. 

Conventional flow monitoring will be done using a turbine meter, critical flow meters, and 
orifice plate meters. 

A calibrated turbine meter, which will be at the downstream end of the facility, has been 
chosen as the basic reference flow meter because of its wide flow range (10:1 volume flow ratio 
and 27:1 mass flow ratio ovei the linear range, and wider still if calibrated into the non-linear 
range) and excellent short-term repeatability (±0.1 per cent). 

Critical nozzles, which are insensitive to downstream pressures and can be machined to give a 
design flow rate at given upstream pressures to high tolerance [5] will be used at the upstream 
end of the test section as flow generators/meters. A set of interchangeable nozzles will permit 
coverage of the design flow range in about three steps for each test leg. 

Flange tap orifice plate meters will be installed just upstream of the turbine meter to pro­
vide a comparison with a meter typ~ which is widely used and accepted in industry. Jhe orifice 
meters will be designed primarily to British Standard BS-1042 and will incorporate the requirement 
of International Standard IS0-5167 as far as possible. The overall uncertainty should be ±1 per 
cent. 

Pressure and temperature will be measured to an accuracy and precision consistent with the 
expected performance of the mechanical flow meters. The radio-tracer method measures mass flow 
independent of the pipeline pressure and temperature but it does require an accurate measurement 
(0.25 per cent or better) of pressures and temperature during tracer dispensing and calibration 
operations. 

Initial operation of the facility-will be devoted to an intercomparison of the mechanical 
flow meters over as much of the design flow range as can be achieved with the on-site compressors. 
Repeat intercomparisons, and ultimately comparison against the radioisotope method, will allow the 
long-term repeatability of the meters to ha monitored, 

The gas flow facility will be used to meet two broad objectives: (a) a thorough statistical 
evaluation of the precision of the tracer dilution technique; and (b) a study of the mixing 
behaviour of the tracer in the flowing gas. These will be pursued simultaneously but additional 
runs might be needed to complete the understanding of mixing behaviour, particularly if the effects 
of bends, constrictions, etc. are to be included. 

The initial series of experiments will be designed to give at least four replicate measure­
ments at each set of conditions: pipe diameters of 50, 100 and 150 mm; high, medium and low flow 
rates; high and low pipeline pressures; central and side tracer injection; high and low injec­
tion pressures, and sampling at various radial and six axial positions. This will require 
nearly 3500 samples to be taken and measured in some 600 to 1800 runs, depending on the number of 
samples that can be taken simultaneously. 

The only estimate of accuracy obtainable up to this stage will be from comparison with the 
mechanical flow meters, particularly the turbine meter which should perform as a suitable transfer 
standard, A less ambiguous determination of accuracy could require a series of experiments in 
another facility which incorporates a primary (e.g. gravimetric) standard of flow. 

3. MEASUREMENT OF WET STEAM FLOWS 
The measured dilution of an injected pulse of tritiated water into a steam-water flow system 

can provide a measurement of the total steam-water flow rate, provided two conditions are satis­
fied: (a) the isotope mixes appropriately ove= the flow section; and (b) the isotope mixes 
appropriately between the steam and water phases of the flow. 



Al with 1ingl1 pha1e flow, the validity of condition (a) can be te1ted by repeated te1ting in 
which the flow i1 1ampled at different radial po1ition1. If the mea1urement i1 independent of 
1ampling po1ition, thi1 condition i1 1ati1fied, Although thi1 re1ult i1 not likely to be obtained 
for two-pha1e 1y1tem1, unle11 condition (b) i1 al10 aati1fied, the pre1ent R & 0 program incorpor­
ates a technique by which condition (b) can be evaluated independently, Thi1 technique involve, a 
~pecial sampling probe de1cribed below which was designed for a thorough examination of the feasi­
bility of the method, Once demonstrated, the wet steam flow measurement method is expected to be 
valid with any sampling tube. 

The steam content of a sampled flow of wet steam is unlikely to represent the local steam 
content at the sampling position unless special precautions are taken, This is because the tip of 
the sampling tube interacts differently with the flow of droplets comp&red with that.of the steam. 
The flow of droplets is barely influenced by the tube, while the steam fl~w may be greatly influ­
enced by it. If pressures at points. A and B (Fig.2) are equal, the sampling tube can be assumed 
to have no effect on the flow at the tube inlet, and the extracted flow should represent the flow 
at the sampling position. Using valve C to vary the pressure at point B alters the extracted 
steam flow more than it does the droplet flow, As a result, the steam content of the extracted 
flow is altered. 

In view of the above, interphase mixing of the injected radioisotope pulse can be examined by 
repeated tests in which the steam cont~nt of the extracted flow is varied at each sampling position. 
Adequate interphase mixing exlsts if the calculated value of mass flow rate is independent of the 
rate of extraction. 

To examine the feasibility of measuring wet steam flow rates by means of the dilution of a 
pulse of tritiated water, a 50 mm bore, 20 m long, horizontal steel test section, with a 300 mm 
radius u bend at the miudle, has been connected to an existing steam-raising facility. 

The tracer, a measured volume of about 0,01 mL, is injected into the test section from between 
two ball valves on a side arm near the steam inlet. Rapid injection can be effected by opening the 
two valves simultaneously thus allowing a jet of steam from a pressure vessel (3,1 ~. 450°C) to 
flush the tracer into the test section. 

A special traversing sampling probe, of the type shown in Fig,2, has been constructed. This 
has been positioned at 7.4 m from the tracer injection point. The test section has been construc­
ted so that the sampling assembly can alternatively be placed at a further 8 m from the injection 
point. Although -not necessary for field tests, where simple condensation of the sampled flow is 
sufficient, a calorimetric condenser is to be connected to the sampling line to enable measurement 
of the actual steam content of each sample. 

Preliminary commissioning tests have been performed with wet steam at 1.5 MPa for a 65\ steam 
content, 0.19 kg s-1 flow, representing·90 kg m-2 s-1, and for a 26\ steam content, 0,61 kg s-1 

flow, representing 280 kg m-2 s-1• These tests indicate that the traversing sampling probe per­
forms as expected. Tests with tritiated w~ter will commence in the near future. 

4. CONCLUDING DISCUSSION 
We are confident that the outcome of the gas flow development project will be a well proven 

measurement technique suitable for calibrating industrial flow meters in situ, and a versatile 
facility capable of providing a wide range of closely characterised flow conditions suitable for 
calibrating meters off-line or for development purposes where characterised flows are needed. In 
this respect, the National Measurement La~oratory hei expro11ed interqst in usin9 the facility for 
extending itij work on critigel flow noxil@@ t@ @i&@i larg@r then een b@ QeG@mffl@det@d on equipment 
QUf+ently 4Vsil~l@, 

Aft ultimetc @bjegtiv@ i@ f@r b@th the teehniquo and the gal fl@w faeility to boeomo aeecptod 
for flew ~alibration by the Nati@nel A110eiation @f T@1tin9 Auth0ritic1 @f Au1tralia (NATM), thu1 
providing a ga1 flow calibration 1orvieo not pro1ontly availablo to Au1tralian indu1try, 

W@ al10 oxpoet that, al di1~u11od in soetien 3, tho i10topo dilution tochniquo oan bo oxtonded 
to th@ mea1uromont of wot 1to&m ma11 flow rato11 for whieh thoro ia eurrontly no convenient reli­
&hlo method, Thi• dovolopmont 1hould prove u1etul for indu1trial proce1101 which u1e wet 1team 
now1. 
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AN EVALUATION OF TWO BUBBLE-DETACHMENT MODELS FOR 

TWO-PHASE FLOW 

D.R.H. Beattie 

ABSTRACT 

Two-phase flows with attached wall bubbles are considered as flows in 
roughened ducts with roughness elements equal in magnitude to the bubble 
detachment diameters determined by a force balance analysis. Two methods for 
determining the drag component of the forces acting on a bubble give distinctly 
different mixing-length theory expressions for velocity profile, friction 
factor, and void fraction. Available data are shown to be compatible with that 
set of expressions.in which drag is due primarily to skin friction rather than 
form drag. 

1. INTRODUCTION 

As is the case with single-phase flows, the thermohydraulic character­
istics of turbulent two-phase flows are largely determined by the flow boundary 
conditions. Since much research is concerned with characteristics of heated or 
flashing two-phase flows, a boundary condition of special interest is that 
associated with the ebullition process. Despite this interest, comparatively 
little effort has been spent examining the influence of attached wall bubbles 
on two-phase flow characteristics. 

Representative studies of the influence of boiling on flow characteristics 
include experiments in which boiling is simulated by injecting gas through 
porous walls [1); analyses of critical heat flux by considering the effect of 
the gas flux from the wall [2] and the bubble mechanics at dryout [3]; sub­
cooled boiling analyses in which bubble detachment defines the onset of a 
particular subcooled boiling regime [4,5); and a mixing-length treatment of 
net quality flows in which attached wall bubbles are treated as roughness 
elements of duct walls [6). 

The critical bubble size at which detachment from the wall occurs is 
estimated from a balance of the forces acting on the bubble [3,4,5,6). Of 
special interest to this work is the shear stress component of this force 
balance, FF. 

Staub [5) considers a bubble layer and regards the shear acting on this 
to be the same as that on the duct wall, Tw' so the corresponding force on a 
bubble can be considered as 

AAEC Research Establishment, 
Private Mail Bag, 
Sutherland, NSW, 2232, 
Australia. 
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Staub observes that the same functional form also applies if isolated 
bubbles are considered, although the magnitude of FF will depend on the degree 
of interaction of bubbles. Most other bubble force balances, such as those of 
Chang [3] and Beattie [6], evaluate the shear stress component in a way which 
is either identical to, or which can be considered as a variation of, the 
method of Staub. 

An alternative approach is given by Levy [4]. His frictional force 
component of the bubble force balance is in fact the pressure gradient compon­
ent of the form drag on an isolated wall bubble where the pressure gradient is 
dominated by the frictional component. This leads to an expression 

(2) 

It is reasonable to suppose that allowance for bubble interaction leads to the 
same functional form. It is relevant that Levy [4] also considered relation 
(1) but found that the subcooled boiling data analysed by him are more compat­
ible with relation (2). 

In reality, relation (2) is not an alternative to (1); the form drag and 
the shear stress components can both be included in a bubble force balance, 
although estimates of the coefficients required to complete relations (1) and 
(2) suggest that the shear stress acting on a wall bubble is likely to be 
considerably larger than the form drag. 

However, the right-hand expressions of relations (1) and (2) are usually 
treated not as different components of a force balance but as alternative 
models of the one component [4,5,9]. In view of this practice, the present 
work presupposes this to be valid, and analyses data in a manner which 
assesses the relative merits of relations (1) and (2). This is achieved by 
considering net quality flows in which attached wall bubbles protrude beyond 
the laminar sublayer. These bubbles act as effective surface roughness 
elements, and relations (1) and (2) are used to calculate the effective 
surface roughness height for flows where surface tension and drag forces 
dominate the wall bubble force balance. The two surface roughness expressions 
are then .applied as boundary conditions to two-phase mixing length theory to 
derive expressions for velocity profile, friction factor, and void fraction 
for 'completely rough wall' flows, i.e. for flows where attached wall bubbles 
protrude into the turbulent core, rendering the flow characteristics independ­
ent of Reynolds number. The theoretical expressions arising from each drag 
model are then compared with available data to assess the validity of each 
model. 

Assessment of the two bubble drag models could also be achieved, in 
principle, by considering roughness effects on flow characteristics other than 
those mentioned above (e.g. on critical heat flux), or on 'partially roughened 
wall' data, i.e. data with flow characteristics dependent on both Reynolds 
number and bubble detachment size. Although data exist for both possibili­
ties, the current level of theory is such that useful comparisons with data 
cannot yet be made on these bases. 
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2. ANALYTICAL DEVELOPMENT 

The two models for drag on wall bubbles mentioned in the introduction 
will be referred to as model 1 and model 2. The hydrodynamic relations 
corresponding to these models are summarised in Table 1 in terms of para­
meters defined in the nomenclature. The steps involved in developing the 
expressions of Table 1 are space-consuming but straightforward. Hence, 
rather than present a full analysis, the principles involved in the develop­
ment of the expressions are summarised below. 

For the present purposes, the drag force FF is opposed by a surface 
tension force F - do. The critical departure diameter, dd, at which the 
drag force is s~fficient to overcome the surface tension force, is given when 
F = F, yielding the Table 1 expressions for the effective surface rough-

s F 
ness. 

The other expressions in Table 1 are based on the non-dimensional 
velocity profile expression. In two-phase rough wall flows, this expression 
is of the same form as that for single-phase flow [7]. 

Following single-phase practice, the non-dimensional wall distance, y+, 
should be based on wall distance y normalised by roughness height - in this 
case, dd. This is not practical because the complete functional form of dd 
is not known for either model. Instead, y is normalised with respect to 
the right-hand expressions for dd in Table 1. This is reasonable if the 
right-hand expressions are assumed proportional to d. The single-phase 
practice is then effectively followed, except that tge proportionality con­
stant can be regarded as being incorporated in the velocity profile 
coefficient 'b' instead of in y+. 

The non-dimensional velocity profiles, when integrated over the flow 
cross-section, can be used to yield the friction factor expressions, and when 
integrated over the film region of annular flow, to yield the annular flow 
void fraction relations. 

With regard to the annular flow void fraction relations, a particular 
version of the 'thin film' approximation has been utilised. Analysis has 
shown that, despite the assumptions involved, this version of the approxima­
tion is surprisingly good, even for very thick films. Also, the annular flow 
voidage relations are expressed in terms of the core volume fraction and core 
volume flow fraction, A and B respectively, which are related to the gas 
volume fraction <a> and volume flow fraction <S> by the core region and film 
region void fractions and volume flow fractions, a , S , af, S , these being 
assumed constant over each region. It can be seenctha€ annulat flow average 
voidages depend on these values~ Analysis of Reynolds number-dependent data 
suggests that the assumption a = S = 1 is reasonable except at very high 
voidages, and that, for a givencmasscflux, values of <a> and <S> at the onset 
of annular flow (i.e. at the validity limit of the distributed flow voidage 
equations of Table 1) can reasonably be used as estimates of af and sf. 

The distributed flow voidage equation is 
[8] equation, with the distribution parameter 
from the relation C = j /<j> [7]. 

o max 

*A= (<a>-a )/(a -a), B = (<S>-S )/(S -S) 
f C f f C f 

in fact the Zuber and Findlay 
(C) equation being derived 

0 
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Table 1 

Theoretical Characteristics of Flows with Attached Wall Bubbles 

Parameter 

Wall bubble drag force 

Effective surface roughness 

Non-dimensional wall 
distance 

Non-dimensional velocity 
profile 

Friction factor 

Distributed flow voidage 

Distribution parameter 

Film flow rate for annular 
flow 

Model 1 

F - , d3/D 
F w 

dd - (a D/, ) ¼ 
·W 

+ I. (We !_) �~� y = R 2 

.+ a R.n + + b J = y 

1 
-= �~� R.n (We f) ¼ + 
It .fi 

+ b - 3a/2 - (a R.n 2)/2 

Ii 

<u a>/<a> = C <j> + v 
g 0 

C = 1 + l a -fI. 
0 2 12 

+ s = 

.+ + 
J dy , 

1-B �~� 
- 2- vWe , 

l-A ./we f/2 
2 

Model 2 

F -F 

d -d 

+ y = 

.+ 
J = 

1 
-= 
It 

'[ d2 
w 

a/, 
w 

I. We !_ 
R 2 

a R.n y + 
+ b 

�~� R.n (We f) + 
fi 

b - 3a/2 - a R.n 2 
+ -----------

fi 

<u a>/<a> = C <j> + v 
g 0 

.+ + 
J dy, 

= 1-B We JI_ 
2 12 

The validity of the two models considered in this paper can be assessed 
by comparing relevant data with the expressions summarised in Table 1. Prelim­
inary work [6) has indicated that, unlike the case for single-phase flows, the 
coefficients a, bin Table 1 are not unique, but remain constant for a given 
'friction regime' and change values at the boundaries of such regimes. Thus, 
Weber number-dependent friction data are not in themselves sufficient to 
assess the relative validity of the two models, since data conforming to the 
friction factor expression for one model will also conform to that of the 
other by changing the coefficients a, b. Other characteristics summarised in 
Table 1 depend on the friction factor:Weber number relation, and the depend­
ence of a flow on the Weber number instead of the Reynolds number cannot 
readily be ascertained from data other than friction factor data. 
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Table 2 

Generalised Characteristics for Flows with Attached Wall Bubble. Correct 

integer choices of m, n, yield characteristics for any particular regime. 

Parameter 

Friction factor 

Non-dimensional 
velocity profile 

Distribution 
parameter 

1 
-= 
It 

.+ 
J = 

C = 
0 

Model 1 

(v'2) m+6 {log ./we f 

- 0.225 m - 0.075 n 

+ 0.48} 

(l2)m+7 {log y 
+ 

- 0.225 m - 0.075 n 

+ 1.21} 

1 + 5.22 (/2)m /f 

Model 2 

1 (v'2)m+4 {log (We f) -= 
/f 

- 0.45 m - 0.15 n 

+ 0.96} 

.+ (v'2)m+5 {log y 
+ 

J = 

- 0.45 m - 0.15 n 

+ 1. 91} 

C = 
0 

1 + 2.61 (./2)m /f 

Hence, an assessment of the relative validity of the two models can best 

be achieved by an analysis of Weber number dependent friction factor data in 

conjunction with associated data for velocity profiles and/or void fraction. 

The friction factor data can be used to evaluate appropriate 'a' and 'b' 

values for each roodel. The values can then be used to generate void fraction 

and/or velocity profile expressions which can be compared with data for these 

characteristics. 

3. DATA ANALYSIS 

A search was made for available pressure gradient data with Weber number­

dependent friction factors. Approximately 100 such sets of data were found, 

covering approximately 40 friction regimes; i.e. 40 different sets of a, bin 

the f:We relation of Table 1 were required to describe all the Weber number­

dependent friction factor data. Empirically obtained values of a and b proved 

to be subsets of simple series, and it was observed that the various friction 

factor curves could usually be generated from a single generalised equation 

1//f = 12 m+4 {log (We f) - 0.45 m - 0.15 n + 0.96} 

by integer number choices form and n. Table 2 restates relations from Table 

1 in terms of m and n. The different Weber number-dependent friction regimes 

can thus be characterised by the values of m and n required to convert the 

generalised friction factor equation to one appropriate to the relevant 

regime. The notation (m,n) will be used here to specify a given friction 

regime. Figure 1 shows some typical (4,n) data. 
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Symbol Friction Test Section 
Regime Name (s) 

A (5 ,-4) 

• (5,-2) 54 

+ (5,-1) 648, 640, 
632 ,.624 I 616 

A (5 I 0) 914 
0 (5 I 1) 

* Critical Heat Flux 

10·2 

'+-

D p 
Heat Flux 

mm MPa 

8 14.7 zero 
5 7 Near or at CHF 

6 7 At CHF 

9 5 At CHF 
.a 5 zero 

* 

Ref. 

10 
13 

12 

11 
10 

n 
Values 

• 1 
0 
-1 
-2 
-3 

10-3 -4 ____________ __.___._ _____ ___. _______ ...__..._ ____ ...._...._~ 

3x 103 105 
We 

FIG.I. TYPICAL (5,n) WEBER NUMBER-DEPENDENT FRICTION FACTORS 

As stated in the previous section, assessment of the validity of models 1 
and 2 requires analysis of voidage and/or velocity profile data in conjunction 
with friction factor data. Of the various Weber number-dependent friction 
factor data sets, ten had associated average voidage and/or velocity profile 
data; these covered 8 friction regimes. The data are compared with the 
expressions based on models 1 and 2 in Figs. 2-9. 

With regard to the annular flow average voidage plots in these figures, 
knowledge of film and core entrainment is required. In the present work, core 
entrainment has been neglected and the film voidage and gas volume flow 
fraction, af and Sf, have been identified with <a> and <S> at the onset of 
annular flow. Three methods were used for estimating this regime boundary. 
Firstly, voidage data were plotted on the <uga>/<a>:<j> plane. Usually, an 
abrupt change of slope occurs at the distributed flow:annular flow boundary, 
with the slope being near unity for the annular flow data. Secondly, voidage 
data were plotted on the log (1-<a>) :log (1-<S>) plane. Again, an abrupt 
change of slope usually occurs at the distributed flow:annular flow boundary, 
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Void fraction data 

10 

S+:::: �~� Wet 
4 

COMPARISON OF (0,-1) ANNULAR FLOW DATA WITH THEORY: FREON 113 ADIA­
BATIC UPFLOW IN A 10 mm TUBE; p£/pg = 21,58, DATA FROM REF. (14] 

with the slope being near unity for the annular flow data. Thirdly, friction 
factors were plotted as a function of quality. A change of flow regime from 
distributed to annular may coincide with a change of friction regime, as is 
evident from the friction factor plots. The influence of entrainment on 
annular flow voidage will be considered further in the next section. 

The velocity data in Figs. 3, 5, 8 and 9 are based on a no-slip treatment 
of isokinetic sampling data (15,21]. The no-slip assumption is questionable 
in the vicinity of the gas/liquid interface. In order to eliminate suspect 
data obtained near the wall, the figures include only those data where corres­
ponding experimental voidage values are compatible with the voidage defect 
equation [24] based on mixing-length theory for the core region of annular 
flow. 

10' 
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4. DISCUSSION 

With the exception of a few velocity data, the data in Figs. 2 to 9 agree 
with 100del 2 and not model 1. In view of the general agreement with model 2, 
the exceptions, which are in Figs. 3 and 5, are not sufficient to validate 
model 1. The behaviour of the velocity data is consistent with an earlier 
observation [6] that isokinetic sampling probes may induce a change of 
friction regime. The anomalous velocity data of Figs. 3 and 5 agree with 
model 2 if the friction regimes are assumed to be characterised by (m,n) = 
(2,-2) and (4,1) respectively, instead of by (1,-3) and (l,0). Thus, allowing 
for possible probe-induced flow regime changes, all relevant data agree with 
model 2. 

The analysis of the friction factor data indicated that Reynolds number­
dependent, and also Weber number-dependent, flows covered both adiabatic and 
diabatic flow conditions. This was somewhat surprising in view of the fact 
that the two Weber number-based models considered here were conceived specifi­
cally for heated flow situations. With regard to one-component flows the 
following observations can be made: 

(a) Low quality flows generally depend on Reynolds number. Friction 
factors are slightly higher with heat transfer, suggesting that attached wall 
bubbles act as surface roughness elements of a magnitude that confines them to 
the laminar sublayer. 

(b) High quality flows in round tubes generally behave as expected, i.e. 
adiabatic and low heat flux data are Reynolds number-dependent, and high heat 
flux data are Weber number-dependent. 

(c) Some low pressure adiabatic data are Weber number-dependent, 
suggesting that situations in which the pressure drop is comparable to the 
system pressure allow flashing, thus simulating diabatic conditions. This is 
exemplified by the Freon data of Figs. 2 and 5. 

(d) Adiabatic flows within about 100 diameters of an abrupt pressure 
loss, even if this loss is small, are Weber number-dependent, suggesting a 
delayed· flashing mechanism. Flows from systems with abrupt contractions at 
the inlet of the test section; or where high pressure fluid is flashed down 
to the system pressure (many Eastern European test rigs operate on this 
principle; such data are given in Figs. 1, 3 and 8); or in rod cluster 
geometries where the rods are separated by local spacers (e.g. the data in 
Fig. 4) are flows of this type. 

(e) Swirl flow data from tests with swirlers, wire-wrapped spacers in 
rod clusters, etc., usually depend on Reynolds number, even under diabatic 
conditions, suggesting that swirl suppresses the nucleation process. 

Available two-component data were not usually dependent on Weber number, 
even for those data relating to the passage of gas through a porous wall to 
simulate boiling. Two exceptions are shown in Figs. 6 and 9; both data sets 
are from comparatively high pressure rigs. The data in Fig. 9 were obtained 
in a system in which a floating sleeve device was used to measure wall shear. 
The shear force on the sleeve was balanced by a differential gas pressure. 
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some of this gas leaking into the test section could have caused bubbles to 

attach to the perimeter of the floating sleeve. 

As noted earlier, three methods were used to estimate film entrainment 

for the analysis of the annular flow voidage data in Figs. 2-8. This was 

because Reynolds number-dependent flow data had indicated that film entrainment 

significantly influenced annular flow voidage. The present analysis indicates 

that this is generally not the case for Weber number-dependent flows. An 

exception occurs for the data of Fig. 2. There was, however, very little 

evidence of the onset of annular flow for most of the other data, and in Figs. 

3, 5, 6, 7 and 8, it was assumed to occur whenever gas was present, i.e. gas 

entrainment was neglected for these figures. Inclusion of entrainment by 

having non-zero af and Sf in these figures adjusts both abscissa and ordinate 

values for the annular flow voidage data such that they are shifted parallel 

to the predicted curves, indicating little dependence of average voidage on 

entrainment. Some small dependence occurs with the data of Fig. 4. On the 

basis of Reynolds number-dependent data from the same experimental rig, 55% 

voidage was chosen as the onset of annular flow (i.e. af = 0.55) for the data 

of Fig. 4. 

The Fig. 4 data for one flow condition, this condition being chosen 

because the data show some dependence on both film and core entrainment, are 

plotted directly as voidage values in Fig. 10. Also shown are predictions 

based on no entrainment, no core entrainment but film entrainment, and 

entrainment in both core and film. It is seen that film entrainment produces 

an effect only at high voidages. 

Finally, in view of the earlier comment that models 1 and 2 are not 

alternative shear stress treatments, as is often supposed, but are models for 

wall bubble shear stress (model 2) and form drag (model 1), the present work 

can be viewed as indicating not that model 1 is invalid for the data analysed, 

but rather that, as expected for the data analysed, the dominant wall bubble 

force opposing surface tension is due to shear and not to form drag. 

5. CONCLUSIONS 

Heat transfer rates of sufficient magnitude, and flashing caused by com­

paratively large pressure gradients or by localised obstructions, give rise 

to attached wall bubbles in two-phase one-component flows. If these protrude 

beyond the laminar sublayer, the flows are characterised by a Weber number, 

effectively reflecting a completely roughened wall system with roughness 

height (bubble size) given by a balance of shear and surface tension forces. 

Two theoretical models in the literature relevant to this situation were 

applied to the prediction of non-dimensional velocity profiles, friction 

factors, average void fraction for annular flow, and average void fraction for 

distributed flow. Available data were found to be consistent with one of 

these models. Various apparently different Weber number-dependent flow 

characteristics are found to be special cases, corresponding to different 

friction regimes, of a generalised flow equation. 

6. ACKNOWLEDGEMENT 

Helpful discussions with Professor J.J. Thompson, UNSW, are gratefully 

acknowledged. 



NOMENCLATURE 

A 

B 

Co 
d 
D 
f 
F 
G 
j 
j+ 

m,n 
Q+ 
R 
s+ 
u 
V 

We 
y 
y+ 
et 

8 
(1 

T 

Subscripts 

C 

d 
f 
F 
s 
w 

Other 

<---> 

REFERENCES 

18 

area fraction of core in annular flow, (<a>-af)/(ac-af) 

volume flow fraction of core in annular flow 

distribution parameter (Table 1) 
wall bubble diameter 
diameter 
friction factor, 2 T~(G <j>) 
force on wall-bubble 
mass flux 
mixture velocity 
,/2/f j/<j> 
integers characterising friction regime 

C <8>-8 f)/CB c -8 f) 

non-dimensional film flow rate of annular flow (Table 1) 
equivalent radius - 2 x flow area/sheared perimeter 
non-dimensional film thickness of annular flow (Table 1) 
local phase velocity 
drift velocity 
Weber number, 2 G <j> R/O 
wall distance 
non-dimensional wall distance (Table 1) 
void fraction 
gas volume flow fraction 
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shear stress 
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Abstract-Hydrodyn,1m1c experiments have been carried out with upflow of air-water mixtures through 
vertical ,even-rod clu,ter, at Jtmospheric pressure. Results obtained from mea,uremenh of fl,iw charac­
teristics. including pre"ure drops. local velocity and voidage distribution. are discuS1ed in terms of 
relations developed for tw ,1-phase flow in round tubes. Effects on the flow characteristics of spacer elements 
and bowing of a clu,ter .,re also discussed. 

INTRODUCTION 
An understanding of two-phase fluid mechanics in complex channel geometries is required 
because of the importance of flow boiling in water-cooled nuclear reactor systems. particularly 
in relation to predicting the consequences of accident or other abnormal conditions. At the 
Australian Atomic Energy Commission Research Establishment, single phase turbulent flow 
theory is being adapted to two-phase flows (Beattie 1972). Turbulence theory is not readily 
adaptable to flow in channels of complex geometry, even for single phase flow (Hooper 1975). 
However. it is known (e.g. Tong & Weisman 1970) that with single phase flow, pressure loss 
equations for flow in round tubes can be extended, with little loss in accuracy. to complex 
geometries by replacing the diameter term in relevant dimensionless groups with the equivalent 
hydraulic diameter, D, = 4 A/ p, where A is the flow area and p is the sheared surface 
perimeter. 

Although the use of D, is based on empiricism rather than theory. it has led to reasonably 
accurate predictive methods for single phase flows in complex geometries. As a result. the 
AAEC program examined the validity of applying expressions obtained from mixing-length 
theory (as developed for two-phase flow through round tubes) to rod bundle geometries. by 
using the equivalent diameter concept (Beattie 1979). In that work. a large number of data 
from various sources were considered. with emphasis on high pressure steam-water sy<,tems. 
and the equivalent diameter concept was concluded to be valid for pressure loss and void 
fraction expressions. However, it was noted that the flow disturbance effects of the entrance 
region and of spacers in complex geometries may cause coefficients in the equations to be 
different from those for round tubes. 

An investigation into the validity of the mixing-length concept for two-phase flows require\ 
experimental data on such local flow structure as voidage and velocity profiles, as well as more 
global characteristics such as friction factors and average void fractions. Although in the 
literature there are several sources of data on such global and local characteristics of two-phase 
flow in round tubes, this is not the case for two-phase flow in complex geometries. Therefore. 
experiments have been conducted on seven-rod clusters for air-water flows in which local 
voidage and velocity data were obtained. as well as data on friction factors. average void 
fractions and rod-spacer pressure loss coefficients. The results of this investigation are reported 
here. 

Air-water at atmospheric pressure is a convenient fluid system for two-phase flow experi­
ments. Although the liquid/gas density ratio is much higher than the water/steam density ratio 
in a water-cooled nuclear power reactor under normal operating conditions. information 
obtained on flow characteristics from such experiments at low quality conditions would 
probably have general relevance to vapour/liquid systems and be particularly relevant to a 
water-cooled reactor system under the depressurisation conditions of a loss-of-coolant ac­
cident. 

423 
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BACKGROUND THEORY 

Relevant equations developed from the Prandtl mixing-length concept, as applied to 
two-phase flows in round tubes. are presented below Detailed discussion of these equations has 
been presented elsewhere (Beattie 1972, 1976, 1977). 

Pressure drop components 
The acceleration component of the axial gradient in static pressure is negligible in air-water 

upflow experiments of the type described here. Effectively the pressure gradient, dP/dz, is 
made up of two components, i.e. 

dP/dz = [dP/dz]1 + [dP/dz]8 [1] 

where [dP/dz ]1 is the frictional component given by 

[dP/dz]1 = 2/ G(j)/D,, [2] 

and [dP/dz]8 is the gravitational component, given by 

[dP/dz]8 = {pdl -(a))+ Po(a)}g. [3] 

In the above, / is the friction factor, G is mass flux of fluid mixture, (---) denotes a 
cross-section average value, j is mixture velocity, a is void fraction, PL and p0 are the densities 
of the liquid and gas phases, and g is the acceleration due to gravity. 

The calculation of dP/dz for a given flow thus depends on the values of friction factor, /, 
and void fraction, (a). The methods adopted for evaluating these are described below. 

Friction factor 
The friction factor f, is dependent on the "friction regime" of the sublayer. Regimes are 

characterised by a triad {m, n, z) where m and n are integers which depend on the turbulent 
core flow structure and z is a letter (a, b or c here) indicating the nature of the sublayer (table 
I). Relations between the friction factor and Reynolds number, Re= D,G/ µ, where the definition 
of the viscosity,µ, is sublayer-dependent (see table 1), are established through values of m and 
n by the equation (Beattie 1977): 

1/\!f = (\/2r+4 {log Re V/-(0.l Im+ 0.50n + I.I)}. [4] 

An extensive analysis of data, some of which have been reported by Beattie (1977), indicated 
that, in the absence of strong flow-disturbing influences, the two lowest quality regimes are 
usually characterised by (m, n, z) = (0, -2, a) (low-voidage bubble-sublayer flows) and {m, n, c) 

(semi-annular flows), where m and n for the semi-annular regime appear to depend on pressure 
and characteristic channel dimension. The boundary between these two regimes is given by: 

/(0, -2, a)= f(m, n, c), [5] 

Table I. Two-phase flow sublayer viscosity relations 

Sublayer type Viscosity relation 

(a) Rigid surface bubbles µ. = /J-L (I + 2.5 /3) 

(b) Non-rigid surface bubbles µ. = /J-L {I+(µ.~: :·::0 ) {3} 
(c) Wavy gas-liquid interface µ. = /J-L (I - /3) + P.o/3 
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and the relation 

f = min {J(O, -2, a), f (m, n, c )} (6) 

selects the appropriate friction factor value. 
In the case of obstructions, the relation between the two-phase pressure loss coefficient and 

Reynolds number coincides with the single phase relation if the Reynolds number, based on the 
relevant viscosity as given in table 1, is defined according to the nature of the flow over the 
obstruction (Beattie 1973). 

Average voidage 
Local voidage, a, and local velocity, j, vary with distance from the wall, y, such that 

(1 - a )312 = a + b In y (7) 

and 

j =a'+ b' In y (8) 

where a, b, a', b' are coefficients which are independent of radial position (Beattie 1972). 
For low-voidage distributed flows, the void fraction averaged over the cross-section, (a), is 

given by the Zuber & Findlay (1965) equation: 

(fo) = C (1) + V 
(a) o (9) 

where (fo) is the superficial gas velocity; (j) is the average mixture velocity; V is a 
regime-dependent drift velocity, values of which can be obtained from semi-empirical equations 
given by Zuber & Findlay (1965) and by Griffith (1964); and C0 is a "distribution parameter" 
which accounts for the fact that the gas phase concentrates in the faster moving regions of the 
flow. The distribution parameter is regime-dependent and its value is given by Beattie (1977) as 

C0 = t + 2.60 (V2r y(f(m, n, z)). [ 10) 

For annular flow within no entrainment the liquid volume fraction, 1 - (a), is related to the 
liquid volume flow fraction, 1:-13, by 

[ 11) 

where 

1- a Q+ = - 4-fJ Re (z), [ 12) 

[ 13) 

Re(z) is the Reynolds number for the relevant sublayer as given in table I, and r is the 
non-dimensional local velocity appropriate to the relevant (m, n, z) regime (Beattie 1977), 
expressed as a function of non-dimensional distance from the wall, y+. 
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Interpretation of pressure drop data 
Pressure gradients in experiments of the type described here may be dominated by the 

frictional component or by the gravitational component, or may have contributions of a similar 
magnitude from both these components. In the first two cases the pressure drop data may be 
used directly to estimate values of the friction factor or voidage respectively. 

In cases where neither the frictional component nor the gravitational component dominates, 
conventional wisdom dictates that some additional measurement be made before the axial 
gradient of static pressure can be resolved into its two components. This is really unnecessary 
since the interrelation between void fraction and friction factor, as described above, provides a 
relation equivalent to that which would be obtained by the additional measurement. 

Therefore, in principle, pressure gradient data covering a wide range of flow conditions for a 
particular flow regime can be used to determine the appropriate values of the triad (m, n, z) for 
that regime, and hence the values of both the frictional and gravitational components for a 
given flow condition, irrespective of the relative contribution of each to the total pressure 
gradient. In practice, however, the relatively weak dependence of distribution parameter on 
friction factor in [10] means that, for distributed flows, voidage data (or equivalently, gravity­
dominated pressure gradient data) analysed in terms of [9] cannot provide accurate estimates of 
friction factors; so evaluation of (m, n, z) for the regime becomes uncertain. Examination of 
[11]-[13] reveals that the same problem arises with gravity-dominated pressure gradient data for 
annular flows. The uncertainty should disappear for pressure gradient data where the friction 
contribution becomes substantial. 

EXPERIMENTAL PROGRAM 

Experimental assemblies 
Three different rod-cluster arrangements were used with upflow of air-water mixtures 

through vertical seven-rod clusters in a transparent shroud, 95 mm dia., 3.66 m length. Pressure 
tappings were located 1.97 and 2.69 m from the inlet end of the shroud. 

The first cluster arrangement (42 mm equivalent dia. x 3.66 m) comprised a central rod, 
15.9 mm dia., surrounded by six equidistant rods, 12.7 mm dia. on a pitch circle, 50.8 mm dia. 
The rods were held in position relative to each other by seven sets of spacers, made from 
13 x 0.9 mm metal strip, which were placed at equal intervals along the cluster as shown in 
Figure 1. The cluster was held centrally in the shroud by connections screwed axially into the 
central rod at each end. A probe housing 2.07 m from the inlet end enabled local voidage and 
gas bubble velocity to be measured by a double-needle conductivity probe of the type 

· commonly used in two-phase flow experiments (e.g. Herringe & Davis 1974). The probe could 
be moved in both radial and circumferential directions relative to the cluster. 

The second cluster arrangement was the same as the first except that the rod bundle was 
bowed into near contact with the shroud, 2.44 m from the inlet end, by means of screwed rods 
through the shroud. The rod cluster was thus in an extremely eccentric position in the region of 
the pressure tappings and the double-needle probe. 

The third cluster arrangement (17 mm equivalent dia. x 3.66 m) comprised seven 25.4 mm 
dia. rods in the same shroud, six rods being equispaced on a 60 mm pitch circle diameter around 
the seventh. Sets of spacers, each consisting of eighteen 4.7 mm lengths of 4.7 mm dia. threaded 
rod, separated the rods from each other and from the shroud, as shown in figure 1; one of 
these was located 1 m below the upstream pressure tapping and another 77 mm above the 
downstream tapping. Results from the first and second cluster arrangements indicated that 
spacers significantly influenced the flow, so for this assembly, in order to examine pressure 
recovery after the spacer, four additional pressure tappings were located downstream of the 
second spacer set as shown in figure 1. Voidage and velocity contour maps were not obtained 
with this cluster because of practical limitations associated with the small flow section. 
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Experimental data were obtained for flows of air-water mixtures with atmospheric pressure 
at the test section exit. The flowrates for experiments with the first two cluster arrangements 
correspond to gas and liquid superficial velocities ranging from O to 3.0 m s-1 for (io), and 
0 to 2.0 m s-1 for (iL)- Flowrates in the third cluster arrangement correspond to gas and liquid 
superficial velocities ranging from Oto 16 m s-1 for (io), and 0.08 to 2.0 m s-1 for (jL)-

Gas and liquid flowrates were measured separately upstream of the mixer section. For the 
first two cluster arrangements, local phase content and gas bubble velocity data were obtained 
from radial traverses at the probe housing for a number of azimuthal positions of the probe 
housing, relative to the cluster. 

RESULTS 

(a) 42 mm equivalent diameter, cluster a"angements 
(i) Pressure gradient data. Single phase pressure drop measurements resulted in friction 

factors for the first and second cluster arrangements which are respectively - 30 and - 20 per 
cent above those corresponding to the Nikuradse equation: 

1/y/ = 4 log Reyf -0.4. [14] 

These are somewhat higher than expected, and apparently reflect an influence of the spacers 
and the probe assembly. Further evidence of this influence comes from an analysis of the 
two-phase voidage data discussed below. The reduction of friction factors on bowing was 
expected and can be explained by a decrease in effective shear surface under bowed conditions. 

The two-phase flows were observed to be bubble flows, either with or without slugs. Axial 
pressure gradients in these flows had significant contributions from both gravity and friction for 
the bubble-slug flows, whereas those in the bubble flows were due predominantly to gravity. 

MF Vol. 7, No. ~E 
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Pressure gradient data were analysed by subtracting estimates of the frictional component 
and, from the resulting gravitational components, average voidage values were obtained by 
means of [3], which were then plotted on the ((ia)/(a)):(j) plane. 

The friction regime which, on the basis of round tube data for similar flow conditions, was 
expected to apply here, is that characterised by (0, -2, a) (Beattie 1977). However, (m, n) = 
(0, -2) in [4] corresponds to t_he Nikuradse equation which, although valid for flow through 
round tubes, underpredicts the single phase friction losses for these assemblies; so values of 
two-phase friction factor used for estimating the frictional components were obtained for 
sublayer a (table I) but based on the friction factor/Reynolds number relation corresponding to 
the experimental single phase values instead of the Nikuradse equation. 

The resulting void fraction data are shown in figure 2. This figure shows that two distinct 
characteristics occurred, and that bowing did not have any detectable influence on the voidage 
characteristics. This latter finding is as expected since, as already noted, bowing has a small 
effect on the friction factor, and [9] and [10] indicate that, for a given regime, a change in 
friction factor has only a second-order effect on void fraction. 

The boundary between the two characteristics on figure 2 occurs at a voidage of - 23 per 
cent. At lower voidage values the flow was visually observed to be bubble flow, and at higher 
voidages, bubble-slug flow. 

The bubble flow data have drift velocity values which are negative and approximated by 
V = -(ii), and distribution parameters C0 which are large ( - 2.0) and, in view of [10], are 
incompatible with the a type sublayer regime, for which C0 - 1.2. This indicates that the 
estimated frictional components for these data are incorrect. However, as noted, the frictional 
components for these data are negligible; hence the void fraction values for these data would 
not be invalidated. 

The negative drift velocities and the incompatibility of the distribution parameter values 
with the a type sublayer regime, indicate that the flow was strongly underdeveloped. As air 
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Figure 2. Average voidage data for bowed and non-bowed 42 mm equivalent dia .. rod cluster. 
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"wakes" were observed at the spacers, the flows could have been disturbed by a bubble­
retarding action of the spacers which would have produced a drift velocity of - (jL) and also 
prevented establishment of the (0, -2, a) regime. 

The slug flow data of figure 2 are very close to a slug flow version of [9], in which values of 
C0 = 1.17 and V = 0.45 ms-' were obtained from curves given by Griffith (1964). 

The agreement with the Griffith equation appears encouraging but, given his computational 
procedure (zero net flow experiments to obtain V, and speculative arguments to derive Co 
values), it seems rather surprising. Close examination of the slug flow data, however. reveals a 
small but significant mass flux effect. Figure 3 indicates that although the Griffith equation is in 
fair agreement with the data, the actual drift velocity, V, is somewhat lower than that 
proposed by Griffith. and C0 values are really mass-flux dependent and larger than that 
recommended hy Griffith. 

Figure 3 also indicates that distribution parameter values are compatible with [ 10) 
for the (0, - 2. a) friction regime, thus confirming the method of obtaining the frictional 
component of the pressure drop, which was not negligible for the bubble-slug flow. 

(ii) Flow structure. The double-needle conductivity probe was used to obtain local voidage 
and bubble velocity contour maps for selected flow conditions in both cluster arrangements. 
The conductivity probe measurements were confined to bubble flows because preliminary tests 
indicated that meaningful velocities could not be obtained if slugs were present. 

Figures 4 and 5 show typical flow structure results in which the velocity and voidage 
contours follow the broadly expected trends, but two points are noteworthy. The first is that the 
rods are not necessarily at the centre of the subchannel boundaries obtained from the contours: 
this is relevant for rod-centred subchannel analysis studies. The second point is that secondary 
flows. as evidenced by irregularities in the velocity contours in the rod-free region of the bowed 
cluster data. play a stronger role than is the case in single phase flows. A similar situation 
occurs in two-phase flows around bends (Hoang & Davis 1977). 

The two-phase mixing-length theory expressions for bubble flow, [7] and (8), appear to be 
locally valid (figures 6 and 7), although, as is the case in single phase flow through rod-cluster 
assemblies (Hooper 1975), for any given flow, values of the coefficients vary with azimuthal 
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Figure 3. The effect of mass flux on slug flow void fraction (42 mm equivalent dia .. non-bowed rod cluster). 
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Figure 4. Voidage contour map for non-bowed 42 mm equivalent dia., rod cluster with (iL) = 0.390 ms· 1 and 
(j0 ) = 0. 175 ms·1. Probe traverse positions are arrowed. 

180° - --oo 

Figure 5. Bubble velocity contour map in ms· 1 for bowed 42 mm equivalent dia., rod cluster with 
(h)=0.320ms·' and (io)=0.175ms·'. Probe traverse positions are arrowed. 

position. The steep velocity profiles are consistent with the large distribution parameter values 
found in the average voidage analysis, although no quantifiable crosscheck between the two 
quantities can be made at present. 

(b) 17 mm equivalent diameter, cluster arrangement 
(i) Pressure losses. Pressure gradients were examined upstream and downstream of one of 

the spacers. For superficial liquid velocities greater than l m s·1, the pressure gradient was 
predominantly frictional, and the gravitational component was allowed for, using (9) with the 
bubble flow expression for drift velocity (Zuber & Findlay 1965) 

V = 1.4 ( ag/ pi)°·25 [ 15) 

where a is the surface tension; and distribution parameter, C0, equal to 1.2, this being an 



0 

oei-

07 

0 

Im s-•: 

6. 0 306 
• 0' '') 

0 ,, '83 

+ 0 304 
A O 306 

AXIAL FLOW THROUGH SEVEN-ROD CLUSTERS 

< jl > C luste~ 
Im 5-1 I type 

1 92 Non bowed 

0 320 Bowed 

2 00 Bowl"'d 

1 21 Bowed 
1 91 Bow'<'d 160° 

os~------~ - __ __L _l_ _ L_j_ - j _l__ 

10 1 

y I mml 

Figure 6. Voidage distribution data near shroud of 42 mm equivalent dia., rod cluster. 

/\ 

�~� 
:, 

1·6 

1-4 

1.2 

\-0 

08 
1 

0 

d 

-----,------T-- ··r 
Pos1t1on cA Transverse 
170°( y measured from shroud) .,/ 
,,o0 (y measured from shroud) �~� 
11 0° ( y measured from rod) 

76° ( y measured from shroud l + ~1/ _.«/0 
�~�~�~� ~v~o?" 

,.,,,0....--------::<f 
_,,d • 

10 

y Imm) 

30 

30 

Figure 7. Velocity distribution data near the wall for 42 mm equivalent dia., rod cluster with (jL) = 2.00 ms-1 

and (ia) = 0.18 ms -1• 

431 

approximation to values calculated from [ 10] for the (0, - 2, a) friction regime anticipated for 
these flow conditions (Beattie 1977). Errors in this voidage calculation procedure have a 
negligible effect on the estimate of the frictional component for superficial liquid velocities 
greater than l ms-1• 

The pressure gradients downstream of the spacer, determined from measurements at the 
four downstream pressure tappings, indicated that the effect of the spacer had largely disap­
peared after five hydraulic diameters and rarely extended to 15 diameters. Friction factors 
beyond 15 diameters downstream of the spacer were the same as those upstream of the spacer. 
The upstream and the recovered downstream axial static pressure profiles were extrapolated to 
determine the pressure losses a~sociated with the spacer, and hence the spacer loss coefficients. 

Low voidage, pressure loss data were consistent with sublayer type a (table l), and pressure 
losses at higher voidages, with sublayer type c. The lower voidage friction factors are shown in 
figure 8 and generally correspond to f(O, -2, a) as obtained from [4) (which gives the 
Nikuradse equation). As shown in figure 8, single phase data also are consistent with the same 
curve. The applicability of f(O, -2, a) verifies the method used to estimate the gravitational 
components in the pressure gradient data, and indicates that spacer effects are smaller for this 
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Figure 8. Bubble flow friction factors upstream of spacer of 17 mm equivalent dia., rod cluster. 

cluster than the previous one. This is consistent with the rapid pressure recovery following the 
spacer as noted above. A few of the data in figure 8 deviate from /(0, -2, a) and instead, were 
correlated by /(1, 0, a). 

The friction data for higher voidages could not be correlated with [4] if m and n are 
integers. However, the data do agree with the equation if a half-integer value of m is used. It 
has been noted elsewhere (Beattie 1977) that, although [4] is compatible with most data sets by 
appropriate integer choice form and n, some data require half-integer values. As shown in figure 9, 
the higher voidage friction data for cluster arrangement No. 3 are consistent with/( - 2, -6.5, c). 

Jn line with the general case described by [6], all friction factor values for (jL) above Im s-1 

in this cluster agree with 

f = min {/(0, -2, a); /(-2, -6.5, c)}. [16] 

It has been suggested (Beattie 1973) that single phase pressure loss coefficient/Reynolds 
number curves should apply to the two-phase case, provided that the two-phase Reynolds 
number is appropriately defined. This is the case _with the present spacer loss coefficient data 
(figure 10). The applicability of Reynolds number, based on sublayer c for all the data, indicates 
that flow over the spacers was separated flow for both low and high voidage conditions. The 
scatter in the data is caused by the relatively small pressure drop across the spacer, combined with the 
extrapolation procedure necessary to estimate this pressure drop. 

For superficial liquid velocities less than I m s-1, the pressure drop was predominantly 
gravitational. However, the frictional component was not negligible, particularly at high 
voidages. Being predominantly gravitational, these data more appropriately belong in the next 
section. The analysis discussed there indicates that the friction factors at low voidage do not 
agree with /(0, - 2, a) and instead agree with /(4, -1, a) which indicates an undeveloped flow 
condition at low superficial velocities. 

(ii) Void fraction. As already stated, the pressure gradient data were gravity-dominated at 
superficial velocities less than Im s-1• For larger liquid velocities, friction factors were cal­
culated by a11Numini that voidaie could be evaluated from [9] using the estimate based on 
/(0, -2, a), for distribution parameter in [10] and the drift velocity for bubble flow in [15]. 
This led to friction factor values compatible with /(0, -2, a), at least for low voldages, 
sugiestini that, for these data, the procedure for calculatini voidage was correct. On the other 
hand, friction factors for flow• with hlaher voida1e, /(-2, -6,5, c), indicate that the procedure 
uaed for calculatlna voldaae 11 not correct at hlaher voidaae1, Since, for these conditions, the 
aravity component in the pre11ure aradlent waa ne1llalble, voidaie data cannot be extracted 
from these data. However, volda1e values calculated for the (-2. -6.5, c) reaime, usina 
relationships aiven In the section on back1round theory, should apply to these data. 

Althouah pressure aradient data were aravity-dominatcd at low superficial liquid velocities 
( < 1 m 1·1), the frictional components were not nealiaible and needed fairly accurate estimation. 
Lower voidaae values for these liquid ftowrates were initially assessed by assumina that 
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f(O. -2. a) applies for the frictional component. However. this assumption led to estimated 
values of voidage which were incompatible with the (0. -2, a) regime. Trial and error indicated 
that, if friction was calculated according to f(4, - I, a), the resulting estimates of 
voidage, when plotted on the (jc)/(a): (j) plane, produced distribution parameters from (10) 
consistent with f(4, -1, a). indicating that (4, -1, a) is the appropriate regime for these con­
ditions. The void fraction data so estimated are shown in figure I I. Note that the two empirical 
drift velocity values from figure 11 agree with the bubble flow drift velocity, 23 cms-1 given by 
[15), and the drift velocity for developed slugflow in rod clusters. calculated from the graphs of 
Griffith (1964). 

It would appear from the above that, for the 17 mm rod cluster, spacers did not influence the 
flow at high mass-flux bubble flows, but at low mass-flux bubble flows the regime was altered 
from (0, -2, a) to (4, -1, a). However, unlike the case with the 42 mm cluster, drift velocity 
values were not noticeably affected. 

In the case of annular flows at low mass flux (i.e. (jL) < I ms· 1), various frictional relations 
were tried for the frictional component of the pressure drop, but none corresponded to voidage 
values compatible with the original friction factor assumptions. However. an assumed friction 
factor of 0.006, which is reasonable in view of the annular flow friction factor data of figure 9, 
resulted in voidage values which, when analysed in the annular flow plane 

were well correlated. provided that Re was defined using viscosity a (figure 12). No spacer 
effect is discernible. Furthermore, the correlating equation is the integral of the "universal" 
velocity profile. Thus. although the flow cannot be specified completely, the conclusion can be 
drawn that the data of figure 12 are for annular flow with entrained bubbles in the film, with the 



434 D.R. H. BEAmE and K. R. LAWTHER 

Sr--------,------------
+ <;.>• 0·339 lm1'1 
e <JL>• 0•169 lm$"11 
• <J, > • 0•085 Im 1"1 I 
' Coto 0btc11ncd down1tr10m 

of ll)OCtr 

. , 

Figure 11. Bubble flow voidage data for 17 mm equivalent dia., rod cluster. 

100 

�~� f a: 

=I~ r 
+ 

'9~ 

a 

!'=-

• <J,> '0•508lm,·11 

+ <;,> '0•339 Im s"'I 
o <JL> '0•169lms·1) 

• <J,> ,o,oes1m,·11 

' Doto obt.01ncd downstream 
of spocu 

-

J* " y• I y•.:; I 
J*"~tay'-1,05 

I 1 • 1>§1 

,o 
\·E~ "'fF 

�~� 
7 

7 
I 

I 

50 

Pisure 12. Annular flow void11e data for 17 mm equivalent dla,, rod clu1ter, with , .. 0,006 and Re 11 

D,G/µ.,.O + 2.$ ~). 



.~XIAL FLOW THROUGH SEVEN-ROD CLUSTERS 435 

"universal" velocity profile being valid within the film, but that deviations from the "universal" 
profile occur in the core region, such that f - 0.006 for the flow conditions of figure 12. 

COMPARISONS WITH OTHER TWO-PHASE FLOW ROD CLUSTER DATA 

Data on average void fraction from relatively low pressure systems (Condon & Sher 1962, 
Muchiyoshi & Serizawa 1970, Moussez et al. 1965) have characteristics similar to those 
obtained here. with strong mass-flux effects and negative drift-velocities at low voidages. and at 
high voidages have constant drift-velocities and distribution parameters consistent with [ I 0] 
(m = 0). The results from Moussez et al. (1965) are particularly interesting: as in the case here, a 
test section modification (the introduction of swirlers rather than the bowing used in this work) 
produced changes in friction characteristics but no discernible changes in average voidage 
characteristics. However, with at least one exception (Sher et al. 1965), which behaves as above. 
high pressure steam-water distributed flow data for average void fraction (Agostini et al. 1971, 
Schoneberg 1968, Nylund et al. 1967-70) behave differently, corresponding to developed 
bubble-flow behaviour. with C0 given by [10] (m = 0) and drift velocity by [15]. High pressure. 
low voidage, two-component flows (Alia et al. 1968a, b, Colombo et al. 1967) have values of the 
distribution parameter which also are consistent with [JO] (m = 0). 

Only limited data are available in the literature on two-phase flow structure in rod bundles. 
Low voidage, local void fraction and velocity data for diabatic steam-water flow in a seven-rod 
cluster (Bosio & Imset 1973) have similar trends to the data presented here. Detailed data have 
been reported by Schraub et al. (1969) for annular air-water flow in a nine-rod cluster. As with 
the present experiments, the shroud surface appears to influence the flow more strongly than 
the rod surfaces. Rod-cluster voidage profiles obtained from radiation attenuation methods 
(Condon & Sher 1962. Sher et al. 1965, Nylund et al. 1967-70) are necessarily only semi-local, 
and cannot be readily compared with the present data. Nevertheless, it is of interest that such 
local voidage data (Sher et al. 1965), both near rods and near the shroud, are consistent with [7]. 

Friction factor data for low voidage flows through rod clusters generally correspond to the 
(0, -2. a) friction regime (Beattie 1979) as found here. However, several exceptions have been 
noted (Beattie 1979). and it is interesting that some data from the 17 mm equivalent dia., cluster 
arrangement are consistent with /(I, 0, a) since low quality steam-water data which deviate 
from /(0, - 2, a) often agree with /(I. 0, a): for example, data from the 3.64 mm annulus used by 
Tarasova et al. (1966) and Klyushnev & Tarasova (1966) appear to have a substantial amount of 
scatter, but this is because some are consistent with /(I, 0, a) and the rest with /(0, - 2, a): also. 
all the data for annulus 140 A of Adorni et al. (1965) provide another example. With regard to 
the /(I, 0, a) data of figure 8, there were no obvious differences in operating conditions for 
these data. In fact. some points represent non-repeatability for nominally identical conditions. 

In general, friction data for high voidage flows through rod clusters have been found to 
depend on surface tension rather than viscosity, in a friction factor/Weber number relation 
which depends on a number of duct geometry factors, including details of the rod spacers 
(Beattie 1979). However, this is not the case here where /(0, -2, a) applies for the 42 mm 
cluster and /(-2, -6.5, c) for the 17 mm cluster. 

CONCLUSIONS 

Experiments with air-water flows through seven-rod clusters have provided data on local 
velocity and voidage distribution, friction factors and average voidage. These data are con­
sistent with a mixing-length concept developed for two-phase flow in round tubes and applied to 
rod cluster assemblies by using the equivalent diameter concept. 

Bowing of a rod cluster resulted in a decrease of - 10 per cent in two-phase friction loss. 
even though secondary flows appear to play a stronger role in two-phase flows than in single 
phase flow. There was no discernible effect on average voidage. 
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The presence of rod spacer grids can result in flow characteristics consistent with non­
developed flow conditions. Single phase pressure loss coefficients of rod spacer elements are 
applicable to two-phase flow conditions for the appropriate Reynolds numbers. 
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1. INTRODUCTION 

The view that thermohydraulic characteristics of two-phase flow are 

flow-regime dependent is becoming more prevalent [l]. With regard to 

critical heat flux, this viewpoint is implicit in current calculation 

methods and models of the phenomenon. Low quality crises are considered as 

examples of departure from nucleate boiling caused by bubble coalescence 

inducing vapour blanketing of the heated surface, and tend to be regarded as 

being limited to bubbly and similar flows. Higher quality crises are 

associated with the drying out of the liquid film of annular flow. 

Applicability limits of different calculation methods can be loosely 

associated with regime boundaries. 

Examination of any regime-dependent aspects of critical heat flux 

characteristics requires detailed consideration of the nature of two-phase 

flow regimes. Since regime boundaries are studied because of the supposed 

regime-dependency of flow characteristics, the most appropriate approach to 

regime boundary determination is to associate boundaries with changes in the 

nature of flow characteristics of practical interest. 

Although this approach differs from the current main stream of two­

phase flow regime boundary research, it has been followed for some years at 

the Australian Atomic Energy Commission [2,3], where shear stress characte­

ristics have been used as a basis for regime definition. Regime boundaries 

so determined do not necessarily coincide with conventionally defined 

boundaries. They are, however, more appropriate to shear stress evaluation. 

Moreover, detailed study [ 4] has indicated that they are also appropriate 

for the evaluation of void fraction and other two-phase characteristics. 

The above concept of flow regime has also been applied to the inter­

pretation of critical heat flux characteristics [5]. In that work, it was 

demonstrated that different regions of critical heat flux: quality curves 

could be associated with different friction regimes, with a crisis occurring 

at the boundary between a particular friction regime and the dry wall flow 

friction regime. 

Further analysis of critical heat flux data has since indicated that, 

although separate regions of critical heat flux curves can often be 

associated with a transition between a particular friction regime and dry 
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wall flows, this is not always so. In this paper, the exceptions are 

considered not in terms of a transition between a particular pre-crisis 

friction regime and the dry wall regime, but, instead, in terms of a 

transition between two pre-crisis regimes. 

As with the earlier work [5], the present analysis associates each 

pre-crisis regime with particular heat transfer crisis characteristics, 

effectively defining the boundary between the pre-crisis regime and the dry 

wall regime. 

The present work also considers effects of pre-crisis hydrodynamically 

induced regime changes on critical heat flux characteristics. As with the 

concepts described in [5], such a regime change requires a change in the 

form of critical heat flux characteristic, and the underlying concept of the 

present work is that any regime-change induced transition from one type of 

critical heat flux curve to another may be discontinuous. It is proposed 

here that discontinuities of this type give rise to three types of crisis 

characteristic described below. The exact mechanism giving rise to the 

characteristics is discussed following this description of crisis 

characteristics examined in this work. 

1.1 The Limiting Quality Phenomenon 

There are several sets of critical heat flux data which conform to the 

general trend shown in Figure 1, which shows critical heat flux et, CHF 

plotted against exit, or crisis, quality xcr· The critical quality 

xcr is, within data scatter, independent of critical heat flux (or 

approximately so) in the region BC, and crises occurring at this quality are 

referred to as 'crises of the second kind' in Eastern European literature 

[6-13], where the phenomenon was first investigated in the mid-1960's, in 

order to differentiate between higher heat flux, more frequently encountered 

'crises of the first kind' represented by the line AB in Figure 1. The more 

descriptive 'limiting quality phenomenon' tends to be preferred in Western 

work [14-16]. In the present work, the limiting quality will be denoted by 

More detailed descriptions of the phenomenon, postulated mechanisms, 

etc., are given in the review of [14]. The discussion of that work need not 

be repeated here. It is, however, pertinent to note that the phenomenon is 
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disputed by some researchers, e.g. [16], and that, even if accepted, there 

appears to be some controversy concerning its role [17]. Also, it is often 

claimed, e.g. [16], that data consistent with the phenomenon tend to be 

primarily associated with two-phase inlet conditions to heated sections. 

Data examination perfonned as part of the present study indicated that this 

is not the case for data from either Western, e.g. [18], or East European, 

e.g. [19], sources. The phenomenon is, in fact, unaltered by a transition 

from positive to negative inlet quality conditions, e.g. Table 1/37 of 

[ 20] • 

1.2 Minima in Exit Crisis Characteristics 

Although critical heat flux generally decreases monotonically with 

increasing enthalpy, it may increase under conditions of high mass flux, 

e.g. (21-25], or swirl, e.g. [25-28], giving rise to minima in the exit 

crisis characteristics. An idealised representation of such behaviour is 

presented in Figure 2. The quality at the minimum position, point B, will 

be denoted here as x .• 
m1. n 

The minima considered here are not those which may occur near zero 

inlet quality when data are presented in terms of inlet, not exit, enthalpy. 

Such minima occur at low mass fluxes and are widely recognised as being 

associated with pulsations in the flow, e.g. [29]. The minima considered 

here are for steady conditions, and, as stated, tend to occur at high, not 

low, mass fluxes. 

1.3 Upstream Dryout 

Regions of exit crisis characteristics where exit critical heat flux 

increases with exit crisis quality, as described above, allow the 

possibility of a crisis first occurring at some position upstream of the 

exit, even for uniform heat flux being applied to the test section under 

consideration. Such upstream crises, associated with minima in exit 

characteristics, have been observed (21-26]. The local crisis quality at 

the upstream crisis position will be referred to here as xud· 

Related to upstream crises are distributed crises, where a crisis does 

not occur at a particular position in a heat section but instead occurs 

simultaneously over a region. High mass flux distributed crises are 
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reported in [21,22]. 

2. PRE-CRISIS REGIME CHANGE EFFECTS ON CRITICAL HEAT FLUX 

We consider here a regime change which, for a given test section, 

pressure, and mass flux, occurs at a quality denoted by xTr" This 

regime-change quality is considered at this stage as being independent of 

heat-flux. The validity of this assumption, and the exact mechanism by 

which the regime change is induced, is discussed later. 

The relation between the supposed regime change and the three types of 

crisis characteristic outlined in the previous section is discussed below. 

2.1 The Limiting Quality Phenomenon 

Reconsidering Figure 1, it can be seen that, in terms of the present 

concepts, region AB of the crisis curve is that component of the curve 

corresponding to the lower quality regime and, on regime change, the 

characteristics change to those represented by CD. 

The relation between the regime _change quality xTr and the limiting 

quality x1 . is, quite simply, that they are the same. That this is so 
im 

and that the region BC appears as part of the crisis curve can be seen as 

follows: consider an operating characteristic 

X out x. 
in 

+ �~� 
G DX 

(1) 

which intersects BC. At a quality xTr - 6 near xTr on the charac-

teristic, conditions are pre-crises since the regime is such that the crisis 

is determined by region AB of the curve. A slight increase in power raising 

the exit quality beyond xTr' i.e. inducing a regime change, will place 

the exit at a condition which, under equilibrium conditions, is post-crisis, 

since the crisis limit for the new regime has been changed to section CD of 

the curve. A crisis will thus be induced. The assumed independence of 

xTr on heat flux thus gives rise to heat flux-independent crises at 

XTr• i.e. xlim= xTr· 
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2.2 Minima in Exit Crisis Characteristics 

The previous section considered a regime transition such that the 

higher quality regime had lower heat flux crisis characteristics. Flow 

conditions where the high quality regime has higher heat flux crisis 

characteristics give rise to minima in the exit characteristics:-exit 

qualities near but less than xTr will be limited by lower critical heat 

fluxes than qualities near but greater than xTr" The transition from 

one critical heat flux curve to the other does not occur at a heat flux 

independent curve at xTr• as was the case with the limiting crisis, 

since the form of operating characteristic prevents this. 

Reconsidering Figure 2, AB represents the lower quality regime crisis 

limit, and CD represents the higher qualities regime limit. Operating 

characteristics 

xTr will be 

with 

limited 

exit 

by 

quality less than 

the curve AB, and 

the regime change quality 

those with higher exit 

qualities will be limited by CD. The transition thus occurs at an exit 

quality equal to xTr but with heat flux slightly less than the limit at 

Bon curve AB, 

The curve of Figure 2 is thus made up as follows: AB represents the 

lower quality regime critical heat flux limit, the minimum at Bis such that 

x . coincides with the regime transition xTr' BC is a section of m1.n 
that operating characteristic which meets AB at B, and CD is part of the 

higher quality regime heat transfer crisis curve. 

In terms of the idealised model presented here, critical heat flux data 

plotted as inlet enthalpy will have a step increase when the exit conditions 

coincide with the minimum in the heat flux: exit quality curve, Additional 

variables, such as heated length, are thus necessary to specify the enthalpy 

at the step change in the critical heat flux:. inlet enthalpy curve. 

2.3 Upstream Crises 

Concepts described above for minimum exit crisis characteristics were 

confined to the exit only. Applying the same concepts to any point in a 

heated test section, it can be seen that, for exit qualities greater than 

xTr, the local position in a heated section at qualities near to but 

less than xTr are more likely to reach critical conditions than 
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positions near this but with local qualities slightly greater than xTr 

if the lower quality regime has a lower heat flux limit. 

Thus, conditions where minima in exit characteristics may occur also 

allow the possibility of crises first being initiated at an upstream 

position. Local upstream crises qualities xud should be identical to 

the quality at which exit characteristics are minimum, 

can be identified with the regime change quality xTr" 

3. PRE-CRISIS REGIME CHANGE MECHANISM 

X , 
min since both 

The regime transition criterion considered here is that postulated in 

[3]: a transition occurs such that there is no discontinuity in entropy 

production rate. Entropy production is due primarily to flow redistribution 

on regime change; shear stress and viscous dissipation; and heat transfer 

effects. In the special case of a direct change from pre-crisis to dry wall 

conditions, entropy production considerations suggest that there is some 

trade-off between the reduced shear stress on reaching dry wall conditions 

and the increased wall temperature. Higher wall temperatures obtained by 

increasing heat flux thus cause a transition at lower qualities to induce 

larger step-decrease in wall shear, thus explaining the negative critical 

heat flux: critical quality slope usually encountered [S]. 

The present work, however, considers an indirect transition to crisis 

conditions via a pre-crisis transition for the limiting quality phenomenon, 

and also considers pre-crisis transitions in relation to upstream crises and 

minima in exit characteristics. 

Since wall temperature changes and flow redistribution occurring at 

pre-crisis regime transitions can be expected to be small, it follows that 

changes in shear stress at these transitions will also be small. Knowledge 

of shear characteristics for regimes on both sides of the transition can 

thus be used to predict the transition, since, for reasons given, the 

transition will occur when the shear stress for both regimes is the same. 

The quality at transition, xTr' which has been identified above 

with the limiting quality xlim for the limiting quality phenomenon; 

with the quality where minima may occur in exit characteristics x · min' 
and with local upstream dryout qualities xud, can thus be predicted from 
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knowledge of shear characteristics for relevant pre-crisis regimes. 

stress characteristics related to this are discussed below. 

4. SHEAR STRESS CHARACTERISTICS 

4.1 General 

Shear 

In this section, shear stress characteristics for two pre-crisis 

regimes are discussed. The transition between these regimes is that 

transition which gives rise to the particular crisis characteristics 

discussed above. For simplicity, discussion, and later data analysis, is 

confined to round tube geometries. 

As with single phase flow, friction characteristics are largely 

determined by the nature of the flow in the boundary region near the tube 

wall. The regimes of interest are associated with a boiling (i.e. wall 

nucleation) sublayer and adiabatic non-boiling flow. 

The non-boiling flow is necessarily of annular structure, with phase 

change occurring by evaporation at the film/core interface. Heat transfer 

crises are due to film dryout. As with single phase flow, the friction 

factor f = 2 Tw/(ph v2) is determined by the viscous sublayer, and a 

dependence on Reynolds number results [4]: 

f = f (Re) 

with Re = D G/µ 

(2) 

(3) 

The viscosity definition depends on the structure of the sublayer. For 

annular flow with no entrained bubbles, 

(4) 

for a bubbly film with no bubble surface movement, 

µ = µl (1 + 2.5 p) ; (5) 

and for a bubbly film where bubble surface movement can occur 
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(6) 

Equation (5) is based on the work of Einstein [30), who considered the 

viscosity of a liquid containing solid spheres. Equation ( 6) is based on 

the work of Taylor [ 31), who adapted Einstein's model to allow for viscous 

dissipation within bubbles. Ideally, equation (6) should apply to a bubbly 

system, but, as has been pointed out elsewhere [4), the polar molecules of 

liquids usually encountered in two-phase systems encourages impurities to 

concentrate on bubble interfaces, thus preventing surface movement, with the 

consequence that the viscosity is usually best described by equation (5). 

Whereas the above considerations generally apply to adiabatic systems, 

an additional factor comes into play with diabatic flow. This factor arises 

because bubbles formed in the lower quality boiling region of a heated 

section require some time before liquid contaminants migrate to the bubble 

interfaces. If this time is long compared with the transport time through 

the heated section, the viscosity of a bubbly film in any non-boiling region 

may be consistent with equation (6) instead of equation (5). Thus, 

non-boiling diabatic annular flows with bubbly films may have friction 

characteristics of the same form as for adiabatic flows but in which the 

viscosity is given by equation (6) instead of equation (5), particularly at 

higher velocity conditions. 

In the case of boiling flows, the flows may be either of annular, 

semi-annular, or bubbly structure, although the transition to non-boiling 

diabatic annular flows is envisaged to occur at conditions when the boiling 

sublayer is within the film region of an annular flow. Heat transfer crises 

are due to departure from nucleate boiling, and the friction factor is 

related to the Weber number 

We = G2 D/ ( ph a ) (7) 

f f (We) • (8) 

This is because boiling bubbles act as wall roughness elements which 

detach when they are sufficiently large for shearing forces to overcome 

surface tension holding them to the wall [ 32]. The effective roughness 

height - and this determines the friction factor for rough wall flows - is 

thus determined by a Weber number criterion. 
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Applying the above to previous concepts, regions AB of Figures 1 and 2 

correspond to departure from nucleate boiling, and have friction factors of 

the form f = f (We); regions CD of the figures correspond to dryout and have 

friction factors of the form f = f (Re); the transition between the boiling 

and non-boiling regions is given by 

f = f (We) f (Re) (9) 

and the quality at which this occurs, xTr' 
heat 

can be identified with the 

x1 . , X • 1.m m1.n 
and components of transfer crisis charac-

teristics. 

It follows from the above that local conditions corresponding to limit 

quality crises; minima in crisis characteristics; and upstream crises should 

correlate on the Re We plane with the correlating curve being obtained 

from friction factor characteristics as per equation (9). 

4.2 CISE Diabatic Friction Factor Data 

The preceding discussion indicates that adequate testing of the present 

model of limiting quality crises, minima in crises characteristics, and 

upstream dryout can best be achieved by considering critical heat flux data 

showing these characteristics and which also have pressure drop data from 

which friction factor characteristics can be also obtained. The only 

critical heat flux data found showing trends relevant to this present work 

and which have associated pressure gradient data were obtained at CISE 

laboratories [20,28,32-38]. 

Much of the pressure gradient data have already been analysed in terms 

of the present friction factor: Weber number or friction factor: Reynolds 

number concepts [4,32]. In the case of diabatic flows, which are of special 

interest here, it has been shown elsewhere [2] that for symmetric heat flux 

profiles, the average pressure gradient between pressure taps is 

approximately identical to the mid-point gradient if the flow regime does 

not change between pressure taps and the friction factor does not increase 

strongly with quality (the assumption is less severe for friction factors 

which decrease with increasing quality) and/or the quality increment between 

pressure taps is small. Diabatic data can thus often be used to obtain 

mid-point gradients at mid-point qualities, i.e. local instead of integrated 
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friction factors. 

With regard to Weber number dependent friction factors, 

correlation of CISE data has been presented previously (4]. 

is not consistent with constraints suggested later (32]. 

a tentative 

This equation 

Adjusting 

coefficients to produce consistency with the constraints results in 

1/ Jf 16 log We f - 13.4 , (10) 

which is close to the form originally proposed [4] over the range of Weber 

numbers encountered in the data analysed. 

Equation (10) is compared with some CISE diabatic friction factor data 

in Figure 3. 

Friction factor data analysed as part of the present work indicated 

that much of the higher quality diabatic data depended not on Weber number 

but, instead, on Reynolds number. Non-recognition of this fact produced 

scatter on the earlier friction factor: Weber number correlation [4], and 

was in fact the prime cause of coefficients in the earlier correlation 

differing from those in equation (10). 

Earlier work [4] indicated that higher quality adiabatic friction 

factor data were consistent with 

1/ Jf = 16 log Re [i - 40.1 (11) 

with Re involving viscosity as given by equation (S). It might be expected 

that this equation would also apply to non-boiling diabatic flows at similar 

conditions. This was found to be so, except that the viscosity generally 

needed to be replaced by the definition given by equation (6), a situation 

not unexpected in view of the discussion following equation (6). The 

applicability of this viscosity, instead of that given by equation (5), is 

equivalent to a reduction of pressure gradient by about 25%. Some typical 

diabatic Reynolds number dependent data are compared with equation ( 11) in 

Figure 4. 

A very small fraction of diabatic Reynolds number dependent data were 

found to agree with the adiabatic correlation, i.e. equation ( 11), with 
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viscosity defined by equation (5). Some such data are shown in Figure 5. 

From previous discussion, the regime change between the boiling and 

non-boiling diabatic flow regimes should occur when 

1/ .ft = 16 log We f - 13.4 = 16 log Re /£ - 40. 1 • (12) 

This can be considered as a relation between We and Re at the regime 

boundary. 

5. DATA ANALYSIS 

5.1 Limiting Quality Data 

5.1.1 CISE limiting quality data 

As stated, CISE data were considered in depth because of the 

availability of pressure gradient data associated with heat transfer crisis 

data, the two being necessary for a full test of the present model. 

Critical heat flux data connected with low 

conditions, i.e. with minima in heat flux: inlet 

mass flux, pulsating 

enthalpy plots, were 

removed. Of the remaining data, those consistent with the limiting quality 

phenomenon were analysed and conditions where limiting quality crises 

occurred were tabulated. Some examples could very clearly be regarded as 

limiting crises; other examples were less clear because of the combination 

of data scatter and the comparatively narrow heat flux range of the 

(possible) limiting quality region. Nevertheless, all such data were 

tabulated, and then were plotted in the Re (viscosity given by equation 

(6)): We plane. 

Most of the data correlated on two separate curves. One of these 

correlations was close to equation (12), which is the correlation predicted 

by the model. These data are shown in Figure 6. Although a better 

correlating curve can be postulated, equation (12) is not in serious 

disagreement with the data. Limiting quality conditions for the data shown 

in Figure 6 are listed in Table 1. 
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The second set of data which correlated on the Re : We plane were 

replotted but with Reynolds number based on viscosity as defined by equation 

(5). With this definition, these data also agreed with equation (12). 

These data are compared with equation ( 12) in Figure 7. Limiting quality 

conditions for the data of Figure 7 are listed in Table 2. 

The separation of CISE limiting quality data into two groups, each 

consistent with the model prediction (equation (12)) but requiring different 

viscosity definitions is consistent with the previous observation that CISE 

non-boiling diabatic pressure gradient data could be separated into two 

groups, each consistent with equation (11) but requiring the same two 

different viscosity definitions. 

The above analysis indicates that the suggested relation between 

pressure loss data and the limiting crisis phenomenon is supported by CISE 

data. The confirmation is, however, incomplete: although the CISE data as a 

whole contains a considerable number of limiting quality crises; consider­

able Weber number dependent friction factor data; and considerable Reynolds 

number dependent friction factor data, all of which are necessary to 

adequately confirm the model, very few individual sets of data contain 

sufficiently extensive examples of all three types of data. According to 

the present model, this is because the nature of the limiting crisis 

phenomenon is such that its onset prevents the region of Reynolds number 

dependent shear coming into existence. 

Some data sets do, however, contain such shear data in the low heat 

flux range; and also higher heat flux Weber number dependent shear data and 

limiting crises data. These data sets allow direct confirmation of the 

model. CISE data obtained with test section 58C (34,36] are shown in Figure 

7. The data are consistent with all aspects of the model. 

5.1.2 East European limiting quality data 

As noted, the limiting quality phenomenon was first examined during 

East European research. Several sets of tables of limiting quality 

conditions for 8 mm tubes have been produced (7-13] and these have been used 

in the present analysis instead of the actual data. As the tables involve 

some interpolation, some spot checks were performed on typical East European 

limiting quality data to confirm that the tables do in fact reflect the 
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data. Some disagreement exists between some tables. This presumably 

reflects both data scatter and disagreement between data from different 

sources. The most recent table [ 13] in fact presents limiting quality 

ranges rather than values for different conditions, thus acknowledging the 

inability of specific values to accurately represent all data. (The ranges 

given are consistent with the data scatter in Figures 6 and 7.) 

In order to minimise data scatter, emphasis in this work was placed on 

tables presented by Doroschuk and his co-workers (7-10]. These cover a wide 

range of conditions and presumably are weighted towards data from one source 

(the All-Union Heat Energy Institute, VTI, of Doroschuk and his co-workers) 

and hence presumably contain a large degree of internal consistency. 

These data were plotted in the Re : We plane. At low pressures, data 

correlated if the Reynolds number was based on viscosity as defined by 

equation (4). These data are shown in Figure 9. 

Higher pressure data correlated using viscosity defined by equation (5) 

or equation (6). Ispra data, discussed later, suggest that equation (6) is 

probably more appropriate to the data. The correlation based on this 

definition is shown in Figure 10. 

Although internally self consistent, and also generally compatible with 

the present model, neither the low or high pressure correlation agrees with 

the trends shown in the CISE data (Figures 6, 7 and 8). In the absence of 

pressure loss data associated with the data of Figures 10 and 11, which 

could be used to predict a correlating equation (as was done with the CISE 

data), the correlating equations of Figures 9 and 10 are simply lines of 

best fit. 

5.2 Minima in Exit Crisis Characteristics 

As stated in the introduction, various data of this type have appeared 

in the open literature (21-28]. Data from different sources appear to be 

incompatible when examined in terms of the present model, a fact which may 

reflect different shear characteristics (these usually not being available) 

for data from different sources. Furthermore, only one set of data, 

discussed below, was sufficiently extensive for meaningful data analysis in 

terms of presentation of data in the Re : We plane. 
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CISE data with minima in exit crisis characteristics were collected as 

part of the exercise in which limiting quality crisis data were collected. 

Most of the CISE showing minima were obtained from swirl flow tests. Data 

correlated with equation ( 12) when plotted on the Re (viscosity given by 

equation (5)): We plane (Figure 11). The swirl involved with the tests 

meant that pressure gradient data presented with the crises data could not 

be readily reduced. However, non-swirl diabatic pressure drop data from the 

same test section indicate that equation ( U), which gives rise to equation 

(12), describes the data if viscosity is given by equation (5), thus 

indirectly confirming the viscosity form of Figure 11. These pressure 

gradient data have already been presented as Figure 5. 

Conditions for the data shown in Figure 11 are listed in Table 3. 

5.3 Upstream Dryout 

As with data containing minima in exit crisis characteristics, 

insufficient data were found for meaningful data analysis in terms of 

concepts of the present model. 

Upstream crisis data [20-26) were, however, consistent with one aspect 

of the model: there is a tendency for upstream crises to occur at a quality 

close to that where exit characteristics reach a minimum. 

from [23), are shown in Figure 12. 

6. DISCUSSION 

Some examples, 

A hydrodynamically based pre-crisis regime change mechanism has been 

postulated as being responsible for three types of crisis characteristics. 

Relevant data are qualitatively, and, when data are such that a full test of 

the model can be made, quantitatively consistent with the model. There are, 

however, several features of the model and the data analysis that deserve 

detailed discussion. 

The present work suggests that the limiting quality phenomenon, and the 

phenomenon of minima in exit crisis characteristics together with possible 

upstream dryout, although different in nature, can be regarded as different 

manifestations of the one phenomenon - a simple pre-crisis regime change. 

The two different ways which the regime change can influence crisis 
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characteristics depend on the relative magnitude of departure from nucleate 

boiling and dryout heat fluxes at the regime transition: a lower (higher) 

dryout heat flux results in limiting quality crises (a minimum in the exit 

characteristics) at the regime boundary. 

Even without a full understanding of departure from nucleate boiling 

and dryout, the fact that the first can be assumed to be dominated by the 

local heat flux and the latter by the total section power required to remove 

the liquid film allows a simple qualitative picture to be developed for 

conditions when limiting crises or exit crises minima may or may not occur. 

For a given flow and inlet quality, the power to reach the regime 

boundary quality remains constant, so a long (and hence low heat flux) 

section will be less likely to reach the departure from nucleate boiling 

limit than a short tube. Thus, long tubes are more likely to have limiting 

quality crises, and short tubes minima in exit crisis characteristics. In a 

similar manner it can be seen that limiting quality crises will occur at 

lower mass fluxes and minima in exit crisis characteristics at higher mass 

fluxes. Swirl flow is not likely to have a strong effect on departure from 

nucleate boiling heat flux, but, because of droplet deposition induced by 

swirl, will cause a higher power to be required for film dryout. Minima in 

exit characteristics are therefore more likely under swirl conditions. 

These qualitative considerations are consistent with empirical observations. 

Support for this type of reasoning comes from the fact that similar 

arguments provide a picture which is consistent with experimental data from 

sections with heat flux spikes. 

With regard to limiting quality crises, 

considered that limiting qualities will 

it is sometimes (e.g. [16]) 

have a length-to-diameter 

dependence, and that it is primarily a positive inlet quality phenomenon. 

The present model and data analysis indicates that this is not so. (A 

possible indirect length-to-diameter effect may arise through the dependence 

on viscosity. This will be discussed in more detail below.) Also, the 

present model contradicts the widely held view [16] that annular flow crises 

occur only as a consequence of a smooth local reduction of the film flow 

rate to zero. This is probably so for crises denoted by the term 'dryout' 

in the present work, but, according to the present model, should not be true 

for annular flow departure from nucleate boiling or limiting quality crises. 

It is relevant that several researchers have measured residual film flows or 
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film thicknesses at annular flow crises conditions [ 39-41], and these are 

often of a magnitude that cannot be explained as being caused by residual 

rivulets in the crisis region. 

The phenomena examined here are viewed as a consequence of a pre-crisis 

friction regime change. Analysis of friction factor data indicates that a 

second, lower quality friction regime change, also exists. This suggests 

that a complete heat transfer crisis curve may contain not only one region 

with one of the phenomena discussed, but also a second similar region. 

Additional support for the present model is obtained from qualitative 

analysis of observed heat transfer characteristics in the vicinity of the 

heat transfer crisis. Several laboratories have reported local wall 

temperature decreases in the vicinity of some heat transfer crises. CISE 

tabulated data indicate if such a decrease did or did not occur with each 

heat transfer crises, and it has been noted elsewhere [S] that the absence 

(presence) of a pre-crisis wall temperature decrease appears to be 

associated with Reynolds number dependent (Weber number dependent) friction 

factors. It was suggested that the temperature drop could thus be associa­

ted with the boiling process. The absence of wall nucleation would thus 

prevent the phenomenon being observed with Reynolds number dependent flows. 

An at least partial explanation of the pre-crisis wall temperature drop 

phenomenon in the case of limiting quality crises is readily provided by the 

present model:- the pre-crisis regime transition which precipitates limiting 

quality crises will cause a change in pre-crisis heat transfer coefficient 

because of an expected dependence of heat transfer on flow regime. Because 

of the nature of the model of the crises, such a change in heat transfer 

coefficient will necessarily occur in the vicinity of the crisis. Thus, 

observed heat transfer behaviour as well as pressure gradient data supports 

the present model of limiting quality crises. 

Similar arguments applied to crisis data for which minima exit in exit 

characteristics suggest that any wall temperature drop will be larger and 

will occur somewhat before the crisis, because the regime change resulting 

in a changed heat transfer coefficient does not induce a crisis and, 

further, occurs at a lower quality ( corresponding to the minima in the 

crisis characteristics) than dryout. CISE wall temperature decrease data, 

as reported for swirl flow experiments (28] (for which minima in crisis 
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characteristics exist 

expectation. 

see Section 5 .2) are consistent with this 

Whereas, as described above, heat transfer characteristics 

qualitatively support the present model for some types of crisis, it should 

be emphasised that the CISE pressure gradient data provide not only 

qualitative but quantitative support for the model, as indicated in Figures 

6 , 7 , 8 and 11 • It is particularly relevant that the friction factor 

equations (10) and (11), from which the predictions in Figures 6, 7, 8 and 

11 have been derived, have been obtained from previous publications (4,32]. 

No empirical adjustments of coefficients in the friction factor equations 

was introduced in order to produce the compatibility of the equations with 

heat transfer crisis characteristics as suggested by the present model. 

It may be noted, however, that the model does not provide the best 

possible prediction of those heat transfer crises relevant to the model. It 

can be seen from Figure 6, for example, that although limiting quality 

crises correlate within data scatter on the Re : We plane, as anticipated by 

the model, a better correlating curve than that provided by the model can be 

fitted to the data. A contributing factor to the error may be that the 

idealised nature of the model could lead to a too approximate quantitative 

description of phenomena, even if basic concepts behind the model are 

plausible. The regime 

identified here with some 

transition quality, 

crisis characteristics, 

xTr' which has 

has been assumed 

been 

to be 

given by the intersect of two friction factor equations on the basis that 

flow redistribution and wall temperature changes can be neglected for 

pre-crisis friction regime changes in the annular flow pattern, yet, as 

discussed above, wall temperature changes do occur, even if small. 

Similarly, flow redistribution can be expected if for no other reason than 

the regime change postulated implies a cessation of wall boiling. Thus, 

from the above, a slight heat flux dependence of critical quality for 

limiting quality crises, for example, can be expected, and a fit of higher 

heat flux limiting quality data by a constant quality may well coincide with 

the regime change quality but this will differ slightly from that based on 

the intersection of the relevant friction factor equations. This could 

explain the discrepancy between data and prediction in Figure 6. 

Discrepancies in Figures 7 and 11, which are postulated to be associated 

with a different form of viscosity for non-boiling diabatic conditions, are 

smaller. The changed form of viscosity suggests a different level of change 
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in flow redistribution and wall temperature on regimt.. change (as compared 

with Figure 6) so a different degree of prediction error can be expected for 

the idealised regime change model suggested here. 

In a similar manner, actual characteristics relating to minima in exit 

crisis curves and upstream dryout can be expected to differ (but not 

significantly) from the model outlined in Section 3 if idealised regime 

change mechanisms are supposed. Relevant data, e.g. Figure 12, support 

this. 

Some comment on the two forms of viscosity required to correlate the 

CISE data (Figures 6, 7 and 11) is necessary. In Section 4.2 it was 

indicated that the polar nature of water molecules together with impurities, 

which are difficult to eliminate, usually lead to a viscosity compatible 

with equation (5) due to the tendency of impurities to then concentrate on 

vapour/liquid interfaces. It was also suggested that viscosity as given by 

equation (6), where viscous dissipation within bubbles can occur, may be 

appropriate for recently generated bubbles if the time since generation is 

less than that required for impurities to migrate to the bubble surfaces and 

so prevent surface movement. If this is correct, equation (5) would be more 

likely to apply to longer test sectiqns under otherwise nominally similar 

conditions since bubbles generated in the heated section would then exist 

for a longer time prior to any exit heat transfer crisis. Examination of 

flow conditions for CISE data discussed in this work (Tables 1, 2 and 3) 

indicate that this is correct: equation (6) does tend to apply more for 

shorter sections and also higher velocity flows. There also appears to be a 

diameter effect:- viscosity as given by equation (5} appears to apply more 

for larger diameter sections for similar mass flow, length and pressure 

conditions. This is possibly because higher turbulent mixing for higher 

Weber number (i.e. larger diameter) conditions reduces the time required for 

impurities to migrate to bubble surfaces. 

The East European limiting quality crisis data (Figures 9 and 10) 

differs from that obtained at CISE laboratories (Figures 7 and 8). It has 

been noted elsewhere [ 17] that East European limiting quality crisis data 

does not always agree with critical heat flux data obtained elsewhere. The 

present model indicates that the East European data were obtained under 

conditions where friction factor characteristics differ from those obtained 

in the CISE tests. Although no pressure gradient data were available for 
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the crises data examined in Figures 9 and 10, previous work [4,32] indicates 

that at least some East European pressure loss characteristics, both for 

Reynolds number dependent and Weber number dependent flows, differ from 

those obtained at CISE. The preferred East European method of providing 

fluid for test sections (flashing down from super-critical pressure boilers) 

(17] differs from methods generally used elsewhere. This may be a 

contributing factor to differences in East European characteristics, 

although some West European limiting quality crisis data, discussed later, 

agrees with the East European data trend, perhaps because the West European 

data applies to very high pressure conditions. 

The data in Figures 9 and 10 indicate a change in the nature of non­

boiling flows at a pressure of around 10 MPa. The correlation forms suggest 

entrained bubbles in the annular film at higher pressures, but no entrained 

film bubbles at lower pressure. (The differently behaved CISE data imply 

entrained film bubbles at pressures lower than 10 MPa.) The above result is 

physically reasonable: entrainment is partly a result of gas~liquid inter­

actions at the film interface, and the lower gas density at lower pressures 

implies lower gas momentum fluxes for similar mass fluxes and quality 

conditions. The entraining process may thus be smaller at lower pressures. 

It has been noted elsewhere [42] that crisis characteristics often 

change at about 10 MPa. This may be related to the above mentioned change 

from a non-bubbly viscosity to a bubbly viscosity at higher pressures. 

It is worth noting that mechanisms postulated in East European 

literature (e.g. [6]) for the limiting quality phenomenon bears a 

superficial similarity to the model presented here, particularly since both 

involve a regime change precipitating the crisis and both involve a 

corresponding change in pressure loss characteristics. However, the two 

concepts of flow regime differ and hence so does the concept of a regime 

change, and the pressure loss characteristic referred to in Eastern European 

models of the heat transfer crisis phenomenon emphasise a 'pressure loss 

crisis' which is not the same as the friction regime change discussed here. 

It may, however, be synonymous with the lower quality friction regime change 

metnioned earlier, and hence may be related to a lower quality limiting 

quality condition. 
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The correlating curve for the 8 mm diameter data in Figure 10, 
2/3 Re= 113 We , can be rearranged to yield, as an approximation, 

(13) 

This approximation is -possible because viscosity as given by equation (6) 

does not vary significantly with quality except at low qualities. (This is 

also true of equation (5).) The mass flow and pressure dependence in this 

equation is close to those suggested in Eastern European correlations 

(9,10], but the diameter dependence, here a power of 0.5, differs from 

values suggested by East European researchers. An early recommendation of a 

- 0.15 power [9] has recently (10] been altered to a power of - 0.25, 

reflecting some uncertainty in the value. However, neither of these values 

is close to the power suggested here, 0.5. Since this raises doubts on the 

present modelling, the dependence on diameter needs examination. 

A clue comes from the analysis of the CISE data of Figures 6 and 7. As 

discussed, equation ( 12) applies to both figures, but different forms of 

viscosity (equations (5) or (6)) are required. Moreover, it was found that 

the higher valued viscosity was found to be more appropriate with larger 

diameters. Thus, while equation (13) may be valid, a possible additional 

diameter effect may appear through the viscosity term. Although the 

viscosity does not change smoothly with diameter, a higher value encountered 

with larger diameters will distort (and reduce) the 0.5 power dependence on 

diameter if not included in the vicosity term. The non-smooth dependence of 

viscosity on diameter arising from the limitation of two unique possible 

values for given conditions (equations (5) or (6)), could explain the 

apparent confusion in resolving the diameter dependence (an apparent power 

of - 0.25 or - 0.15). 

In order to test the hypothesis of a diameter dependence appearing via 

the viscosity term, limiting quality crisis data from Ispra [43-45], which 

covered 10 mm and 20 mm tubes, was examined. The data were obtained from 

graphs presenting wall temperature as a function of quality produced as part 

of an examination of post-crisis heat transfer. A non-dependence of 

critical quality on heat transfer appeared with some crises and these were 

tabulated (Table 4) and also plotted in the Re: We plane. The 10 mm data 

agreed with the correlation of Figure 10, equation (13), if the same form of 

viscosity as used in Figure 10, equation (6), was used in the Reynolds 
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number. Conversely, the 20 mm data agreed with equation (13) if the larger 

valued viscosity, given by equation (5), was used, except at the highest 

pressure (20.S MPa) considered, when equation (6) appears more appropriate. 

The data are shown in Figure 13. 

This indicates that the correlation of the East European limiting 

crisis data, equation (13), extends to other diameters provided the 

influence of diameter on viscosity is allowed for. The apparent 

contradition between equation ( 13) and East European recommendations on 

diameter dependence is a consequence of an indirect diameter dependence 

appearing in equation (13) via the viscosity term. 

A final point worth mentioning in view of the current interest in 

scaling high pressure steam-water systems with low pressure refrigerants is 

that the present work indicates that both Reynolds number and Weber number 

scaling is necessary for a full scaling of heat transfer and hydrodynamic 

aspects of the flow. 

7. CONCLUSIONS 

Bniling diabatic two-phase flows have Weber number dependent flow 

characteristics, and heat transfer crises for boiling flows are induced by 

heat flux controlled departure from nucleate boiling. Non-boiling diabatic 

two-phase flows have Reynolds number dependent flow characteristics, and 

heat transfer crises for non-boiling flows are due to a system power 

controlled dryout of the liquid film of annular flow. Pre-crisis transition 

from boiling to non-boiling evaporative flow is hydrodynamically controlled 

rather than heat flux controlled. The discontinuity that appears in the 

heat transfer crisis characteristics on transition appear as a limiting 

quality crisis region of the characteristics if the dryout characteristics 

are lower than departure from nucleate boiling characteristics at the 

transition quality, and cause minima in crisis characteristics together with 

possible upstream crises if the dryout characteristics are above those for 

departure from nucleate boiling at the transition. The regime transition 

quality occurs so that there is little change in wall shear on transition. 

This allows the transition quality to be obtained from a knowledge of shear 

characteristics for boiling and non-boiling flows. Because these 

respectively depend on Weber number and Reynolds number, the transition can 

be represented by a curve on the Reynolds number : Weber number plane. The 
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definition of viscosity appearing in the Reynolds number is determined by 

the nature of the sublayer flow. The transition quality coincides with the 

limiting quality for limiting quality crisis data; and with the quality at 

the minimum in crisis characteristics and the quality at upstream crisis if 

these occur. The transition characteristics are not universal, and, because 

of upstream and other effects, may even differ for nominally identical 

conditions. 
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TABLE 1 

CISE Limiting Quality Crisis Data, Viscosity According to Equation (6) 

p Test D L G 
Reference MPa Section kg m-2 -1 xlim cm cm s 

36 5 58C o.499 80 1108 0.61 

36 5 86A 0.807 64.5 1095 0.56 

36 5 86A 0.807 64.5 2210 0.32 

38 5 0.790 183 800 0.81 

38 5 0.790 183 2000 0.40 

38 5 0.790 400 800 0.82 

38 5 o. 790 400 1500 0.57 

38 5 0.790 600 1500 0.62 

28 5 Gll 1.51 32* 1100 0.69 

28 5 Gl 1 1. 51 33* 2200 0.39 

28 5 Gll 1.51 36* 2200 0.40 

28 5 Gl 1 1.51 37* 2200 0.40 

28 5 Gll 1.51 38* 2200 0.43 

28 5 Gll 1.51 39* 2200 o.so 

28 5 Gll 1. 51 40* 2200 0.39 

28 5 Gll 1.51 42* 2200 0.43 

28 5 Gll 1.51 44* 2200 0.43 

28 5 Gl3 1.51 45* 2200 0.53 

28 5 Gl3 1.51 45* 3800 0.41 

28 5 Gl3 1.51 46* 1100 0.64 

20 5 GS 1. 51 411 1500 0.50 

20 5 GS 1.51 411 2200 0.38 

20 5 GS 1.51 411 3020 0.32 

20 5 GS l".51 329 2240 0.37 

35 5 G2 1. 51 246 1120 0.60 

35 5 G2 1. 51 246 2200 a.so 
35 5 G2 1.51 246 3800 0.38 

33 7 38 0.317 80 3450 0.31 

36 7 54B ( I) 0.500 40 1100 0.62 

36 7 54C 0.490 39 llOO 0.60 

36 7 54C 0.490 39 3920 0.20 

36 7 570 o.soo 70 1300 0.62 

36 7 570 0.500 70 2200 0.37 

34 7 570 o.soo 70 3000 0.33 

36 7 570 0.500 70 3920 0.25 

36 7 5 75 0.500 75 2250 0.39 

34 7 5 75 0.500 75 3000 0.33 

36 7 5 75 0.500 75 3920 0.24 

33 7 58 0.52 80 1110 o. 72 

33 7 58 0.52 80 1490 0.60 

33 7 58 0.52 80 2300 0.40 

33 7 58 0.52 80 3930 0.31 

36 7 58C 0.499 80 1100 o. 71 

36 7 58C 0.499 80 1300 0.63 

36 7 58C 0.499 80 1520 0.56 

36 7 58C 0.499 80 2280 0.41 

36 7 58C 0.499 80 2700 o. 35 

36 7 58C 0.499 80 3800 0.27 
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Table 1 (continued) 

Reference 
p Test D L G 

MPa Section cm cm kg m-2 s-1 Xlim 

36 7 58B 0.500 80 1100 0.67 
36 7 58B 0.500 80 1360 0.59 
36 7 58B 0.500 80 1490 0.53 
36 7 58B 0.500 80 1520 0.51 
36 7 58B 0.500 80 2280 o. 36 
36 7 58B 0.500 80 2880 0.30 
36 7 58B 0.500 80 3900 0.26 
36 7 58B (F) 0.500 80 1100 0.69 
36 7 58B (F) 0.500 80 1300 0.64 
36 7 58B (F) 0.500 80 1530 0.56 
36 7 510 0.509 110 1100 0.71 
36 7 510 0.509 110 2170 0.41 
36 7 510 0.509 110 3800 o. 25 
36 7 511 0.506 110 1040 0.72 
36 7 511 0.506 110 1073 0.74 
36 7 511 0.506 110 1260 0.65 
36 7 511 0.506 110 1450 0.58 
36 7 511 0.506 110 2150 0.42 
36 7 511 0.506 110 2950 0.35 
36 7 511 0.506 110 3800 o. 30 
33 7 68 0.626 80 1050 0.67 
33 7 68 0.626 80 1470 0.57 
33 7 68 0.626 80 2190 0.43 
33 7 68 0.626 80 2990 0. 36 
33 7 68 0.626 80 3460 0.32 
28 7 Gl3 1. 51 64 2200 0.57 
36 8.9 511 0.506 110 2960 0.30 
36 8.9 511 0.506 110 3830 0.26 
36 8.9 527 0.490 267 1100 0.66 
36 8.9 527 0.490 26 7 1500 0.52 
36 8.9 527 0.490 267 2200 0.38 
36 8.9 527 0.490 267 2950 0.33 
36 8.9 527 0.490 267 3800 o. 30 

* With special inlet arrangements for refs. [20,28] data, Lis replaced 
by test series [28] or table number [20] so that inlet arrangement can 
be identified. 
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TABLE 2 

CISE Limiting Quality Crisis Data, Viscosity According to Equation (5) 

Reference 
p Test D L G 

MPa Section kg m-2 -1 Xlim cm cm s 

28 5 Gll 1.51 8* 1100 a.so 
28 5 Gll 1.51 8* 2200 0.31 
28 5 Gl3 1.51 9* 1100 0.54 
28 5 Gl3 1.51 9* 2200 0.33 
28 5 Gl3 1.51 10* 1100 0.53 
28 5 Gl3 1. 51 10* 2200 0.33 
28 5 GU 1.51 11* 1100 0.53 
28 5 GU 1. 51 11* 2200 0.32 
28 5 Gll 1. 51 40* 1100 0.53 
20 5 G4 1.51 329 1100 0.56 
20 5 G4 1.51 1/27* ll00 0.56 
20 5 G4 1. 51 1/37* 1100 0.58 
20 5 G4 1.51 1/ 37* 2200 0.56 
20 5 G4 1.51 1/37* 3800 0.24 
28 6.5 GS 1.51 412 1100 0.50 
28 6.5 GS 1.51 412 1490 0.40 
28 6.5 GS 1.51 412 2200 o. 34 
28 6.5 G2 1.51 245 1100 0.48 
28 6.5 G4 1.51 1/26* 1100 a.so 
28 6.5 G4 1.51 1/38* 1100 0.53 
28 6.5 G4 1. 51 1/38* 2200 0.32 
36 7 914 0.918 140 1080 0.59 
36 7 914 0.918 140 1300 0.52 
36 7 914 0.918 140 1500 o. 46 
36 7 914 0.918 140 1800 0.41 
36 7 914 0.918 140 2190 o. 34 
37 7 914 0.918 140 ll00 0.61 
37 7 914 0.918 140 2200 0.35 
28 7 Gl3 1. 51 397 1100 0.52 
28 7 Gl3 1.51 397 2200 0.33 
28 7 GU 1.51 237 1100 a.so 
28 7 Gl3 1.51 15 7 2200 0.40 
28 7 GU 1.51 13* 1100 0.50 
28 7 Gl3 1. 51 13* 2200 0.31 
28 7 Gl3 1. 51 14* 1100 a.so 
28 7 Gl3 1. 51 51* 1100 0.61 
28 7 Gl3 1.51 55* 1100 0.62 
28 7 Gl3 1.51 63* 1100 0.62 
28 7 Gl3 1.51 63* 3800 0.31 
36 9 58C 0.499 80 1100 0.40 
36 9 58C 0.499 80 1500 o. 36 
36 9 58C 0.499 80 2280 0.29 
36 9 511 0.506 110 2180 0.30 
36 9 914 0.918 140 1080 a.so 
36 9 914 0.918 140 2200 0.31 

* With special inlet arrangements for refs. [20,28] data, Lis replaced 
by test series [28] or table number [20] so that inlet arrangement can 
be identified. 
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TABLE 3 

CISE Steady Flow Heat Transfer Crisis Data with Minima 

Reference 
p Test D L G 

MPa Section cm cm kg m-2 s-1 

36 5 86A 0.807 65 3905 
28 5 Gll 1.51 32* 2160 
28 5 Gll 1.51 33* 2200 
28 5 Gll 1.51 34* 2200 
28 5 Gll 1.51 34* 3800 
28 5 Gll 1.51 35* 1100 
28 5 Gll 1.51 35* 2200 
28 5 Gll 1. 51 35* 3800 
28 5 Gll 1.51 36* 3800 
28 5 Gll 1.51 37* 2200 
28 5 Gll 1.51 37* 3800 
28 5 Gll 1.51 38* 2200 
28 5 Gll 1.51 38* 3800 
28 5 Gll 1.51 39* 3800 
28 5 Gll 1.51 41* 3800 
28 5 Gll 1.51 42* 3800 
28 5 Gl3 1.51 50* 3800 
28 5 Gl3 1.51 53* 3800 

-

¾iin 

0 .13 
0.26 
0.28 
0.29 
0.23 
0.60 
0. 31 
0.18 
0.18 
0.30 
o. 20 
0.33 
0.17 
0. 17 
0.19 
0.20 
0.19 
0.21 

* With special inlet arrangements for refs. [20,28] data, Lis replaced 
by test series [28] or table number [20] so that inlet arrangement can 
be identified. 
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TABLE 4 

Ispra [43-45] Limiting Quality Crisis Data 

p D Q2 -1 Viscosity 
MPa cm kg m s xlim Equation 

14 10 1000 0.45 6 
14 20 700 0.44 5 
14 20 1000 0.38 5 
14 20 1500 0.30 5 
14 20 2250 0.26 5 
14 20 3500 0.27 5 
17 10 700 0.48 6 
17 10 2250 0.31 6 
17 20 1000 0.38 5 
18.5 20 1000 0.32 5 
20.5 20 700 0.29 6 
20.5 20 1000 0.31 6 
20.5 20 1500 0.28 6 
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APPENDIX A27 

Comparison of the contributions. 

The approaches of the participants are described on the following 

pages by the authors theirselves: 

The pages marked Al to All are from mr. Azzopardi and mr. Beattie, 

CHl to CH3 are from mr. B. Chojnowski and mr. B. Scruton, and the 

other pages are from mr. Kohler. Their predictions are compared in the 

figures la) to le) and 2a) to 2e). The experimental results from 

Nijhawan e.a. concern a test-section with an inner diameter of 

14,1 mm, a mass flux of 18 to 80 kg/m2 sec, a heat flux of 11 kW/m2 

and pressures up to 3 bars. 

Mr. Chojnowski and mr. Scruton merely evaluated the Groeneveld­

Delorme and the Chen correlations for the special test-conditions 

proposed in the exercise. Mr. Kohler and mr. Arropardi give a 

careful account of the way their codes handle the problem of 

superheating. Mr. Beattie is the first one who investigates the 

effect of radial distribution of several physically relevant 

quantities. He uses a distribution parameter to bring a two-dimensional 

character into a one ·dimensional model. A totally different approach 

is offered by mr. van Koppen, who introduces the concept of a 

developping thermal boundary layer and assumes logarithmic profiles 

for all relevant parameters in order to be able to calculate as 

much as possible without the help of the computer. 



1. General 

The calculations presented here are based on concepts presented by 

Bennett et al (Heat transfer to steam-water mixtures flowing in uniformly 

heated tubes in which the critical heat flux has been exceeded, AERE R5373, 

1967), and by Beattie (Two-phase fluid mechanics and heat transfer in the 

dry wall region, Pree 2nd Australian Conf Heat and Mass Transfer, University 

of Sydney, 1977). These two works examine different aspects of post dry­

out heat transfer mechanisms and together cover most of the items considered 

important in the calculation exercise notes. 

The notes suggest using the Groeveveld-Delorme and Chen correlations. Both 

these methods in effect present a correlation of 'experimental' flow 

quality in terms of thermodynamic equilibrium quality. The 'experimental' 

qualities are chosen so as to produce consistency of data with an assumed 

heat transfer equation. Because of assumptions involved, these 

'experimental' qualities may differ significantly from actual flow qualities. 

In keeping with the exercise philosophy of examining mechanisms involved 

in post-crisis heat transfer, we have discarded the empirically based 

correlations of Groeneveld and Delorme and of Chen in fvour of a more 

fundamentally based attempt to evaluate thermal non-equilibrium. 

The exercise notes also suggest the use of physical property data as 

supplied with the notes. Our calculations require more physical properties 

than those supplied, and, for consistency, we have used the 1967 lFC 

equations for all properties. The supplied table for specific volume, 

enthalpy and entrophy are based on these equations. However, the supplied 

table for Prandtl number disagrees significantly with tables available 

to us. Since the supplied Prandtl number table suggests a critical pressure 

of between 350 and 375 bar, we suspect that we have been supplied with 

a Prandtl number table for a fluid other than water. 

2. The Baseline Case 

2.1 The basic model 

The basic model follows from earlier work of Bennett et al and assumes 

that the main mechanisms of heat transfer are: 

(i) Convective heat transfer from the wall to the vapour 

(ii) Convective/conductive heat transfer from the vapour to the drops 
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These two concepts are incorporated in a system of equations which are 

integrated along the tube. 

For transfer from the wall to the vapour the following equation 1.s used 

= H (T - T ) 
W V 

where the heat transfer coefficient H 1.s determined from the Heineman 

equation, see section 2.2 below. 

In the transfer from the vapour to the drops it is assumed that evporation 

is controlled by the transfer of heat to the drop. The rate of change of 

vapour temperature is then determined from the following equations. 

The change of drop size 1.s given by 

dd 
dz = 

the change of drop velocity 

= 
C (u - u )2 

D v D _ _j_ P1 - p v o. 75 -------- p ( ) 
V U p 

d UD PL D L 

the change 1.n mass quality 

dx 1 - XBO 
- 3 d2dd (: 

dz = dz 
d;o 

and the ehange in vapour temperature by 

dT 
V 

= dz (4<P - DG (h - b_ ) dx) l 
v -""Ls dz DG UD C pv 

2.2 Heat transfer to vapour 

The single phase Heineman equation for steam has been used 1.n the 

present analysis:-

<P D = 0.0157 
p <U >D 

(V V )0•84 

11vf 

l 
Pr 3 (L/D)-~04 , 6 <L/D<60, 

vf 



= 0.1033 
p <U >D 

( V V ) 0'84 / 6 Prvf , L D> 0 
µvf 

2.3 Drop/vapour heat transfer coefficient 

The equation of Ranz and Marshal 1 is used for the heat transfer coefficient 

to the drops. This is a single sphere equation and has been chosen after 

an examination of several equations against a bank of experimental data. 

The equation is 

Nu = 2 + 0.6 Re~5 Pr0~ 3 

A correction factor has been applied to this equation, taken from the 

work of Hoffman and Ross, which accounts for the slowing down of heat 

reaching the drop by the outward movement of cooler vapour emanating from 

the surface of the drop. Therefore 

Nu = Nu ( 1 ) ~6 
o 1 + B 

where Bis the dimensionless Spaulding number 

2.4 Drag coefficient 

The equation of Schiller and Nauman has been used for calculation of 

drag coefficient 

where 

C = 2 4 (1 + 0 • 15 ReD 0-6 a 7) 
D R7) 

Re = 
D 

2.5 Initial drop size 

The initial drop size is specified by means of the correlation of 

Azzopardi et al (1980) 

d dt (1.9 
Re o•1 

t 

Weo-6 
t 
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pv u dt 
where Ret 

V = 
lJV 

pv u2 d 
We 

V t = t a 

In the calculations no allowance has been made for the distribution of drop 

sizes. Earlier unpublished computations show that the use of a distribution 

of drop sizes produces only a small difference in the results, predicting 

slightly higher wall temperatures than when a mean size is used. This 

effect requires a little further investigation. 

3. Droplet Concentration Distribution 

The exercise notes present the topic as one of the main subjects for 

the calculation exervise. It is part of a broader problem of allowing 

for phase, velocity and temperature profile effects so that terms such 

as <ph>, which appear in the conservation equations-, can be resolved into 

a product of terms <p> <h>. 

section averaging operator 

(The notation <---> indicates the cross-

! IA--- dA). 

It is shown here how the analysis of .section 2 may be altered to allow 

for the radial droplet concentration distribution. Only those features 

of the model of section 2 which are directly influenced by droplet 

distribution effects are discussed. 

3.1 The distribution parameter 

The droplet concetration is unknown in detail but droplets can be assumed 

to be confined to the central region where velocity profiles, and hence, 

by Reynolds Analogy, also temperature profile, are fairly flat. A 

distribution parameter c ,which quantitatively allows averages of products 
0 

to be reduced to products of averages, can then be introduced: · 

C 
0 

<(1 - a)j> 

< 1-a><j> 
=- = 

< j > 

T - T 
w vc 

T - <T > 
W V 

where f is the frication factor given by 

1/ff • 4 log Reff - 0.4, Re = 

- 4 -
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The second and fourth component of the above distribution parameter equation 

set are based on the concept of droplets being confined to the flatter part 

of the velocity profile, and the third component is based on Reynolds 

analogy. 

3.2 Wall temperature equation 

The analysis of section 2 allowed the wall temperature to be obtained 

from an analysis of the heat transferred to the gas after thermal non­

equilibrium was allowed for:-

(T - T ) 
w s = 

The first right-hand side term was obtained from the Heineman equation, 

and the second right-hand side term, which allows for thermal non­

equilibrium, was obtained by considering the heat transferred from the 

superheated vapour to the droplets. 

An additional effect exists if droplet concetration effects are allowed 

for:- droplets are cooler than the mean vapour temperature not only 

bacause of local thermal non-equilibrium, but also because droplets are 

confined to the cooler region of the vapour temperature profile. When 

the second effect is allowed for using concepts outlined in section 3.1, 

the above equation becomes 

(T - T ) w s 
= 

This can be regarded as the Reynolds analogy heat transfer version of the 

Zuber-Findlay drift flux slip equation. The form of equation indicates that 

plots of T - T against T - <T >maybe more readily interpreted than 
W S W V 

plots of <T > - T against T - T as suggested in the notes. 
V S W S 

3.3 Flow quality 

The flow quality x = <p U a>/ <p U a + o.. U1 (1 - a)> is obtained from g g g g ,-L 

the system enthalpy as obtained from the energy equation:-

Gh 

For liquid at saturation temperature and vapour at a uniform superheated 

temperature, it is readily shown that this reduces to a relation between 

flow quality and thermodynamic equilibrium quality x eq 
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h_ (1 - X ) + h X 
-LS eq vs eq = h_ (1 - x) + <h > x, -LS g 

an equation which is implicit in the analysis of section 2 and indeed in 

most current thermal non-equilibrium models of post-dryout heat transfer. 

Phase and temperature distribution effects, for which the present assumptions 

are that, locally, h = h for a< 1, lead to an additional term on 
V VC 

the right-hand side of the quality equation, which now becomes (as a first 

approximation) 

Neglect of the additional term leads to an underestimate of the difference 

between the true quality and the thermodyanamic equilibrium quality. 

4. Results 

Ccrrect progrann:ning of the equations of section 3 to allow for droplet 

distribution effects was not achieved in the time available, so predictions 

for the flow conditions suggested in the exercise notes were made using 

the baseline model described in section 2. 

Predictions were made for the post-crisis region of a 10 m tube. The 

crisis position was predicted using the HANA code with zero inlet sub­

cooling. Notes pertinent to the present·exercise, are given in table 1. 

Predicted post-crisis conditions are shown in the attached figures together 

with relevant data of Scrutton and Chojnowski and of Barzoni et al. In 

comparing the predictions with the data it should be kept in mind that 

neither these data nor any other post-dryout data were used in the formu~ 

lation of the predictive method. 

5. Notation 

A Area 

B Spalding number 

CD drag coefficient 

C specific heat 
p 

c distribution parameter 
0 

d droplet diameter 

D tube diameter 

f friction factor 

G mass flux - 6 -



h specific enthalpy 

H heat transfer coefficient 

k thermal conductivity 

L distance from dryout location 

Nu Nusselt number 

Pr Prandtl number 

Re Reynolds number 

T Temperature 

6TvL Local vapour liquid temperature difference 

U local velocity 

x quality 

z axial position 

a local voidage 

cp heat flux 

A latent heat 

p density 

Subscripts 

BO burnout 

C centre line value 

D droplet value 

eq thermal equilibrium 

e entrained value 

f film temperature value 

L liquid value 

s saturation value 

V vapour value 

'W -wall value 

<--> quantity is averaged over flo-w cross-section 
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TABLE 1 

Conditions Studied for 1981 ETPFG Meeting Exercise 

D p G <P Notes 
tmn bar kg m-2s-1 kW m-2 

19 165 400 200 
I 19 165 700 200 X = 1 not reached in 10 m I 

eq 

I 

19 165 1000 200 Dryout not predicted in 10 m 

19 165 1250 200 Dryout not predicted in 10 m 
I 

19 165 400 400 

19 165 700 400 

19 165 1000 400 X = 1 not reached in 10 m 
eq 

19 165 1250 400 X = 1 not reached in 10 m 
eq 

19 165 400 600 Run terminated due to predicted negative slip 

19 165 700 600 

19 165 1000 600 

19 165 1250 600 

12 50 500 200 Dryout not predicted in 10 m 

12 50 1000 200 Dryout not predicted in 10 m 

12 50 500 600 

12 50 1000 600 

12 50 500 1000 Program failed - faulty 1/P data? 

12 50 1000 1000 Program failed - faulty 1/P data? 
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ABSTRACT 

Viscous sublayer velocity and temperature-profiles in the near-wall region of rough wall flows 

,ire modelled by a smooth-tube flow with suitably-chosen altered viscosity and thermal c:onductiv,Ly 

values over a region corresponding to the range of influence of the roughness elements. This 

modifes the form of classical smooth tube turbulenc:e theory boundary conditions and lc,1ds L<> 

expressions in which the single roughness parameter equations of classic:al theory arc repl-lc,!d by 

multi-parameter roughness expressions, thus allowing thermohydraulics for different roughness Lypc·,; 

to he adequately desc:ribed by the model. 

NOMENCLATURE 

8 

C 

Nu 

Pr . 
q 

Re 

Constant 

Constant 

Specific heat 

Constant 

Fanning friction factor 

von Karmon constant 

Factor 

Nusselt number 

Prartdt1 number 

Heat flux 

Reynolds number 

Local velocity 

Non-dimensional velocity 

u* Shear velocity 

V Cross-section averaged velocity 

v+ Non-dimensional wall distance 

y Wall distance 
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Greek 

Cl 

i' 

6T 

6 

'1 

K 

Heat transfer coefficient 

Surface roughness function 

Volume fraction of spheres 

Temperature difference 

Reference position 

Roughness height 

Non-dimensional roughness height 

Nikuradse's sand roughness 

Viscosity 

Smooth tube flow values 

Thermal conductivity 

Density 

Wall shear 

<>Cross sectional averagej value 



J. INTRODL'CTION 

Classical turbulence theory has provided a 

reasonably firm basis for equations describing 

~ean velocity distribution and wall shear for 

turbulent flow in smooth ducts. These equa­

tions are Reynolds number dependent and are 

regarded as having a "universal" character. 

The theory has also provided a basis for 

similar equations in the case of flows in "com­

pletely roughened" ducts. These equations are 

independent of Reynolds number - this is the 

basis for the description :completely rough" -

and instead depend on a dimensionless roughness 

height. Although the equations are well estab­

lished, it is recognised that the basis for 

them is not as sound as it is for smooth ducts. 

This is largely because the roughness influence 

is characterised by a single parameter, whereas 

in reality, roughness, and hence its influence, 

is not a one-parameter property. 

Classical theory is also conceptually 

applicable to flows in partially roughened 

i11cts, this description bc-;ng applied to flow 

conditions when the wall shear depends on both 

~eynnlds nu~ber and roughness characteristics. 

"""'c:'·er, wr.ereas a single roughness characteri-

0: ic l0ads =~ adequate equations for co=;letely 

-uugh w:dl ::ows, this is not so in the :ransi­

: '.,ri regio-. ::ietween smooth wall flows a:-.::! com-

lete Lv rou;h wall flows: the characteristics 

--·rend eo7 ~-ughness type as well as mag:-.itude. 

�~� ,a r._, s 11 l: . existing design character is: i cs 

~epend more on empiricism than classica: 

:heory. S:s.'1dard texts usually consider two 

-uch charac:eristics, those for commercial 

:ubes, whic~, fortunately, are describe<:! by an 

~mpirical but nevertheless very neat sy~thesis, 

jue to Cole::irook (1939), of rough wall and 

smooth wall equations and, secondly the empiri­

cal curves of Nikuradse (1933), applicable to 

~niform sand grains from a particular source. 

(As noted bv various authors; e.g. Robertson 

et al (1965), different curves are obtained for 

sand collected from different sources.) 

~xamples of other transition region character­

istics can also be found in work of Robertson 

et al (1965), Ruffel (1977) and Gudmundsson 

et al (1977), among others. 
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As with fluid m,:chanics smooth duct heat 

transfer is comparatively well understood. 

This has been achieved through the application 

of Reynolds analogy concepts, relating eddy 

diffusion of heat and momentum, to fluid 

mechanical equations developed from classical 

turbulence theory. 

On the other hand, application of Reynolds 

analogy concepts to rough ducts is complicated 

by the fact that the augmentation of shear 

stress by transmission of turbulent stresses to 

the wall through pressure forces acting on pro­

truberances has no analogy for heat transfer. 

Furthermore, roughness effects on heat transfer 

are, for the same reason, less than on wall 

shear, so there has been less incentive to 

understand rough wall heat transfer. The 

current situation is that a specific form of 

heat transfer equation, containing an unknown 

function of dimer ionless roughness height, has 

been derived on the hypothesis that the 

influence of roughness on heat transfer is 

confined to the region near the wall (Dipprey 

and Sabersky, 1963). The form of the unknown 

function has been determined empirically by 

various authors. The lack of agreement ,etween 

various proposals indicates that a general form 

is still evolving. A fuller description of the 

current state-of-the-art for rough wall heat 

transfer is given in the review by Bergles 

(1979) and Dalle Donne (1979). 

In this paper, the effect of roughness on 

thermohydraulics is examined by considering the 

alteration to the velocity and temperature 

pro· Les in the region of the roughness 

elements. This allows rough duct flows to be 

analytically mr, elled by smooth duct flow of 

fluid with changes in physical properties near 

the wall, the changes in physical properties 

being chosen to produce profiles simulating 

those in the rough duct. By this method, the 

comparatively well established equations for 

smooth duct flow can be extended to provide 

rough duct equations which are more general 

than those existing at present. 

The analysis neglects form drag on rough­

ness elements, and, as such, does not extend to 

artifically rib-roughened and similar surf~ces. 



Equations describing the thermohydraulics of 

such surfaces can be found in the analysis by 

Lewis (1975). 

For simplicity, the model is presented for 

round tube flows. Extension to other geomet­

ries can be achieved through the application of 

one of the various transformations summarised 

by Dalle Donne (1979). 

Since the model is based on the results of 

classical turbulence theory for smooth ducts, 

and since it is desirable that equations deve­

loped from the model be matched with existing 

equations for rough wall flows, it is necessary 

to summarise relevant aspects of classical 

turbulence theory before presenting the model. 

2. CLASSICAL THEORY OF TURBULENT PIPE FLOW 

Local velocity u is considered as a 

function of wall distance y, viscosity IJ• 

density p, wall shear Tw' and a character­

istic surface roughness height c: 

u u (y, IJ• p, r,:.,,c 

from which dimensional analysis gives 

+ 
u + + + u (y , £ ) 

(l) 

(2) 

where u+ = u/u* is a non-dimensional velocity, 

y+ = v p u*/IJ is a non-dimensional wall 

distance, and c+ r p u*/IJ is a non-

dimensional roughn, , height. In these 

definitions, u* = y'rw/P is the "shear 

velocity". 

For a full description of roughness, the 

roughness height c in equation (1) should be 

replaced by a set of length parameters A, 

each term describing one aspect of the rough-

ness. In considering a single parameter of 

the set, classi~al theory can only be applied 

to ducts with geometrically similar roughness: 

a single parameter can completely specify the 

roughness of a set of different roughnesses 

with geometric similarity. In principle, 

classical theory must be re-applied to each 

different roughness type, producing different 

roughness-type expressions for u+. 

A feature of classical turbulence theory 

is the .. velocity defect equation .. applicable , 

to the turbulent core of the flow: 

+ + 1 ln (y/6) (3) u u6 + K 

where 6 is a suitably chosen reference 

position. If the buffer region between the 

viscous-dominated near-wall region and the 

turbulence dominated core is neglected, it is 

convenient to choose 6 as the assumed turbulent 

core boundary. 

For smooth tubes, equations (1) and (2) 

reduce to 

and 

u 

+ 
u 

. 
The velocity profile in the near wall 

region for smooth tubes is determined by 

Newton's law of viscosity: 

du/dy =: IJ u/y 

(4) 

(:>) 

( ()) 

which can be re-expressed in terms of 

previously-defined dimensionless quantities as 

+ 
u 

+ y ( 7) 

This is assumed to apply to a limiting u+ 

value given by 

C (13) 

a "universal" constant. 

Substitution of (8) and appropriate 

empirically-based numerical values for C and K 

into (3) leads to the smooth tube core region 

velocity profile 

+ u 5.66 log y+ + 5.66 

which, when averaged over the flow section, 

results in the Nikuradse friction factor: 

Reynolds number relation 

(9) 

1/Vf 4 log Re y { - 0. 4 , (10) 

where f �~� 2 Tw/( p v2) is the Fanning friction 
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factor, Re 2 p v D/~ is the Reynolds number, 

and vis the cross-section averaged velocity. 

(The coefficients in equation (9) differ 

from those usually presented in standard texts. 

The equivalent equations usually presented are, 

however, incompatable with the Nikuradse 

equation. Equation (9) is not. For the 

remainder of this paper, when generally-quoted 

local velocity equations are inconsistent with 

generally-quoted friction factor equations, 

which are in effect the cross-section averaged 

local equations, coefficients in the local 

equations are altered to produce consistency 

with their friction-factor equivalent 

equations.) 

For "completely rough" tubes, parameters 

relating to wall shear are independent of fluid 

viscosity, and, in classical theory, equations 

(1) and (2) are re-expressed as 

and 

u 

+ u 

u(y,Tw,p,c:) (11) 

+ u (y/c) (12) 

The boundary for equation (3), for a given 

roughness type, is of the form 

B (13) 

In the special case of roughness due to 

sand grains from a particular source, Nikuradse 

found B to be 8.5, which, together with the 

appropriate value for von Karmon constant K 

reduces equation (3) to 

+ u 5.66 log y_ + 8.5 
CS 

(14) 

where the cs indicates the value for the 

special case of Nikuradse's sand roughness. 

For the remainder of this paper, 8.5 is 

replaced by 8.62 to produce consistency with 

shear stress data. 

The friction factor expression obtained by 

integrating equation (14) with 8.62 is 

1/ Vf = 4 log (D/c: ) + 2.28 
s 

(15a) 

- ':11.1~ 

In order to show the similarities between 

this, the friction factor equation for smooth 

tubes (equation 10), and later equations, it is 

convenient to e~ess equation (15a) as 

1/ Vf - 0.4 - 4 log (0.214 t /D) 
s 

( !Sb) 

In accordance with expectations based on 

geometric siailarity arguments given above, the 

constant "B" of equation ( 13) differs from that 

appropriate to Nikuradse's sand roughnesses 

when different types of roughness are used. A 

survey of relevant studies on this is contained 

in the work of Robertson et al (1965). Since 

equations (14) and (15) are well established, 

it has become convenient from an engineering 

viewpoint to consider roughness height for a 

particular type of "completely rough" tube not 

as s0111e mean actual roughness height, but 

instead as an "equivalent sand roughness" whose 

value, when substituted in equations (14) and 

(15), produces consistency of those equations 

with the rough tube. 

Equation (!Sa) indicates that resistance 

is proportional to the square of the velocity 

in the "completely rough" region of pressure 

loss characteristics. Since form drag also 

obeys a velocity-squared law, cla~sical 

turbulence theory considers that friction for 

"completely rough" pipes is due to form drag 

acting on roughness elements projecting into 

the turbulent core of the flow. 

Although the equivalent sand roughness 

concept is able to overcome some of the short­

comings due to characterising roughness by a 

single parameter, at least in the completely 

rough region of friction characteristics, the 

benefits do not extend to the "partially rough" 

region of the characteristics since the rough­

ness type which influences the characteristics 

here cannot be adequately incorporated into a 

single roughness parameter. 

Because characteristics for two types of 

roughness - that found in co111Dercial pipes, and 

the sand-grained roughness studied by Nikuradse 

- are well established, emphasis will be placed 

on these roughness types later in this work. 



For commercial pipes, friction factors 

agree with the smooth tube equation, equation 

(10), at low Reynolds numbers; decrea~e 

monotonically with Reynolds number but with a 

steady deviation from equation (10); and 

asymptotically approach the Reynolds number 

independent curve, equation (15a), for the 

appropriate equivalent sand roughness. 

Although classical theory has not been able to 

model these characteristics, Colebrook (1939) 

produced an elegant empirical synthesis of 

equations (10) and (15b): 

1/...,r-r- • - 0.4 - 4 log 

(0.214 £ /D + 1/Re v"1"""") 
s 

(16) 

which has been found to be a very good descrip­

tion of colDllll!rcial pipe friction characteris­

tics. In view of the importance of commercial 

pipes in industry, th, ~xistence of the above 

simple friction factor equation is very 

fortunate. 

The uniform sand grained roughness studied 

by Nikuradse has different friction character­

istics. At lower Reynolds numbers, friction 

factors, although above those for smooth tubes, 

are much closer to the smooth tube equation 

(equation 10), (and indeed may be approximated 

by this equation) than friction factors for 

commercial papers of equivalent sand rough­

nesses. ~ith increasing Reynolds number, the 

sand roughness friction factors reach a 

minimum, then increase and asymptotically 

approach the completely rough region of the 

curve described by equation (15a). 

The difference between the above two types 

of roughness friction factor curve is conven­

tionally explained as being due to the diffe­

rence in the uniform sand roughness height and 

the more random roughness height distribution 

of commercial tubes. It is argued that the 

roughness influence is due to roughness 

elements extending into the turbulent core, 

i.e. being larger than y+ • 5. With commercial 

tubes, a gradually increasing number of rough­

ness elements will protrude into the turbulent 

core with decreasing sublayer thickness defined 

by y+ • 5 and hence with increasing Reynolds 

numbers, hence the gradual deviation from the 
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smooth tube equation. On the other hand, so 

the argument goes, all roughness elements of 

uniform sand roughness will remain within the 

sublayer for,+ <5, hence the closeness to the 

smooth tube equation. With decreasing sublayer 

thickness (i.e. increasing Reynolds number), a 

critical value is reached when all roughness 

elements then protrude into the turbulent core. 

The existence of a buffer region between the 

sublayer and turbulent core is regarded as 

preventing the transition from smooth-tube type 

characteristics to completely rough tube 

characteristics from being too abrupt. 

Although the transition region for sand 

roughness is usually presented as empirical 

curves, usually in terms of "B" of equation 

(13) as a function of,:, Nedderman and Shearer 

(1964) used the above explanation to provide a 

two-region semi-empirical description for 

Nikuradse's data as the smooth tube equation 

(equation 10) for ,: < 11.8, and 

- 0.4 - 4 log { 0.214 

(
£ 5 v'z". )} 
/-Re~ 

(17) 

for 's > 11.8. It should be noted that, if the 

buffer region is neglected, the transition 

between the sublayer and turbulent core occurs 

at y+ = 11,8, 

In the case of heat transfer to turbulent 

flow in a pipe, Reynolds analogy between eddy 

transport of heat and momentum leads to 

_q_ 
T C w p 

<AT> - AT 
6 (18) 

where q is the heat flux, cp is the specific 

heat, AT the temperature difference between the 

heated wall and the point of interest in the 

flow, 4*·-o> denotes the cross-section averaged 

value, and other symbols are as defined 

earlier, 

For smooth walls, the heat transfer in the 

molecular-transport dominated near wall region 

given by 



q • A (19) 

where A is the thermal conductivity. Equation 

(19) is analogous to equation (6). From 

equations (6) and (19), 

_L -
T" C w p 

t.T6 _A _ 
'IC p 

(20) 

Eliminating t.T6 from equations (18) and 

(20), 

<-u>_{_1_+-;-;-,.T_.6._(.,...~-c-A ___ 1"T)""'}- (21) 

which re-arranges to 

Nu 
!. Re Pr 
2 

l + 5 {f (Pr - 1) 

(22) 

where Nu• a D/A is the Nusselt number, a is 

the heat transfer coefficient and Pr= 'I cp/A 

is the Prandtl number. The coefficient Sin 

the denominator is based on the limit y+ = S 

for the sublayer, rather than the intersect of 

the sublayer and turbulent core velocity 

profiles at y+ = 11.s. 

As stated previously, the situation for 

rough pipe heat transfer is less resolved. 

However, the general analyse of Dipprey and 

Sabersky (1963), which leads to 

Nu 

f 
2 Re Pr 

(23) 

where~ (c+, Pr) is a function which allows 

for surface roughness effects, is generally 

regarded as appropriate. Various empirical 

versions of the functional form of~ are 

summarised by Bergles (1974). 

). A SMOOTH TUBE ANALOGUE OF ROUGH TUBE 

THERMOHYDRAULICS 

This smooth tube analogue of rough tube 

thermohydraulics is summarised in Figure 1. 

The main features are: 

(1) The region of influence of roughness on 

velocity profile extends beyond the position of 

an appropriately defined mean roughness height 

c by a factor M. This must be the case for 

non-uniform roughness, and is also expected for 

uniform roughness. In order to avoid the 

problem of form drag on roughness elements 

protruding into the turbulent core, the present 

model is confined to the case where Mc lies 

within the viscous-dominated sublayer region. 

· (2) The velocity profile in the region y < Mc 

for a rough wall flow with fluid viscosity'} is 

similar to that for a smooth tube flow of fluid 

with viscosity 'le> 'I. Although a suitably 

chosen varying viscosity would more exactly 

model the roughness region velocity profile, 

our present knowledge of the velocity behaviour 

in the roughness region is such that there is 

little to be gained by such an approach, so the 

simpler treatment involving a constant 'le in 

the region y <Mc is followed here. 

The near-wall velocity profile then obeys 

T = 'le du/dy :::, Tw' y < Mc (24) 

(3) The velocity profile is continuous at 

y s Mc and in the outer viscous dominated 

region is controlled by 

T (25) 

The upper validity limit of this equation is 

given by u+ = 11.8. As with the-summary of 

classical theory presented earlier, this upper 

limit neglects the exitence of a buffer region. 

A buffer region can be readily allowed for, but 

is omitted from this analysis because its 

inclusion produces algebraic complexity and has 

little effect on the main consequences of the 

model. 

(4) As in the general case of classical turbu­

lence theory, the turbulent core is described 

by a logarithmic equation. However, wherea& 

there is a unique well-defined reference posi-

tion (y = 0) for this logarithmic layer in the 

case of smooth tube flows, it does not follow 

that the position y (u • 0) 2 0 is by defini-

tion the appropriate reference for the logari-

thmic layer in rough tubes. Indeed, many 

experimenters studying artificial roughness, 

e.g. Perry and Joubert (1963), have reported 
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that the logarithmic velocity profile does not 

necessarily have its origin at the base level 

of the roughness elements. This is allowed for 

in the present model by having an origin at y0 , 

which may be regarded as one of the parameters 

required for a full description of roughness. 

As a result, the velocity defect equation 

(equation 3) is replaced by 

u 
u* 

ux 1 Y - Yo 
-"!. + - ln u* K 6 - y 0 

( 26) 

Equations (24) - (26) are similar to their 

smooth tube equivalents, equations (6) and (3). 

The classical turbulence theory development of 

equations (6) and (3) can thus be adapted to 

equations (24) - (26). 

From equation (24) 

T 
w 

u 

and at y = M 

From equation 

T 
w '1 

y..Jv 
'1 

( 25) 

(u -,tt) 
y - Mt" 

y < Mt 

y < Mt 

Mt �~� y < 6 

which, with the aid of equation (29), 

rt>arranges to 

u 

( 27) 

(28) 

(29) 

(30) 

Mt �~� y < 6° (31) 

Together, equations (25) and (31) can be 

regarded as components of the sublayer 

equation 

+ u + y (7) 

This interpretation incorporates a change 

in the definition of y+ at y = M due to the 

change in effective viscosity at this 

position. 

The classical theory upper limit to 

equation ( 7), 
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+ 
6 C (8) 

is assumed to apply also in the present case of 

a two-level sublayer, producing 

-~6 __ 

..JTJp 
C (32a) 

6~ Mt Fwp ( '1 ) and C + 1 - -- (32b) 
'1 '1 'le 

Equation (32b) implies that the sublayer 

thickness in the case of a rough tube is 

thicker than for a smooth tube with the same 

flow conditions, even though the same boundary 

conditions apply to the two systems. 

Applying the limits expressed by equations 

(32) to the velocity defect equation (equation 

26), leads to the core region velocity profile 

equation: 

u 

+~ 
C 

(C - ! ln C) + ln 
K K 

y - yo -
--'1-- ~p 

[ (1 -~) �~� -
'1 [ '1 

y > 6 (33) 

Considered in conjunction with equation 

(7), equation (33) indicates that the 

"universal" profile for smooth tubes also 

applies to rough tubes if the definition of 

y+ changes not only at y = Mc but also at 

y = 6. (This feature of the model is not 

altered by the inclusion of a buffer region 

between the viscous sublayer and the turbulent 

core, if an additional definition of y+ is 

also allowed for in this region.) 

Although y0 is an as yet unquantified 

parameter of the model, the reasons for its 

inclusion suggest y0 < Mc • Since the present 

model is confined to the case where Mc lies 

within the viscous region, we can then make the 

assumption y - y0 :::: y over the range of 

validity of equation (33). This approximation, 

together with appropriate smooth tube flow 

values for C and K, reduce equation (33) to 



u {( _c-;:-Jl Y ~TwP 
5.66 - 2.46 ln �~� 

+ 0.08 \' (1 - ;J-0.08 : 0
} 

u+ > 11.8 (34) 

The above development has omitted the 

buffer layer region of the velocity profile. 

When this is included in the analysis, equation 

(34) is replaced by 

u , .•• -, ... i.{(' ?T 
+ 0.2 : ' (1 -:J-0.2 : 0

} 

(35) 

Averaging this equation over the flow 

section leads to the fri~tion factor e9uation 

- Q.4 - 4 log { (Re ...JT>-l 

+ 0.142 M; (1 - ~J- 0.142 :o} (36) 

Heat transfer for rough wall flows is 

modelled in a similar way to the above treat­

ment for fluid mechanics. The fluid tempera­

ture profile in the sublayer region will be 

flatter in the region of roughness elements, 

and this effect is simulated by a smooth tube 

model with a larger fluid thermal conductivity 

~E' over the region of influence of the 

roughness elements. For simplicity, that 

region is assumed to be the same as for the 

roughness region of influence for fluid 

mechanics, i.e. y <Mt. 

Adapting the classical theory summarised 

earlier, the core region heat transfer is, as 

before, 

(18) 

From equations (27) and (30) 
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T - ~, u6 - ~, 
w 

M,/ 'lt (6 - Mt)/ '1 

TV 
u6 

~: & - Mc 
(37) 

'le '1 

A similar treatment for heat transfer leads to 

q 
!L + &- H6 

(38) 

A, A 

Eliminating & from (37) and (38) 

(39) 

which is an extension of equation (20). As in 

the development of equation (22) from equations 

(18) and (20), the heat transfer coefficients 

for the smooth tube simulation of rough tubes 

is obtained by eliminating 6T6 from equations 

(18) and (39), and replacing u61<u> by 5 .,/U2. 
The final equation is 

Nu • 
aD 
A 

f Re Pr 
2 

1+5 V !2 (Pr-1) + !!L_ !. Re 
D 2 

4. DISCUSSION 

Considering fluid mechanical aspects 

first, it can be seen from equations (35) and 

(36) that the model has led to a four parameter 

t , M, (1 - 11 /11£) and y0 description of 

roughness effects on turbulent pipe flow 

instead of the one's• of classical theory. 

Moreover it is reasonable to suppose that the 

parameters M, (1 -'1/'lt) and y0 are all 

related to roughness element density and shape. 

This aspect will be examined in more detail 

later. 

The increased number of roughness para­

meters incorporated in equations (35) and (36) 

places these equations in a better position to 

be adapted to the various empirically obtained 

characteristics for different roughness types 

than the one-parameter roughness modelling of 

classical theory. Since roughness data tend to 

be presented as B (t!), where Bis defined by 

equation (13), a comparison of the present 



equations with data is best achieved by 

expressing the present equations in terms of 

B. 

Considering the large, asymptote of 

equation (35), 

it is clear that this can be equated to the 

"completely rough" sand roughness equation, 

equation (14), by the substitution 

t 
s 

(41) 

From the definition of Bas 

B 
+ u - 5.66 log y/ts , 

equation (35) can now be expressed as 

B 

The choice of the product o: the roughness 

parameters M and (1 - 'l l11c> in the relation of 

the actual mean roughness height t and the 

equivalent sand roughness Es• as given in 

equation (41), ensures that equation (42) goes 

to the correct asymptote at large c:. At 

~~aller t!, the value of B depends on the 

value y 0 Which defines the origin for the 

logarithmic region of' the velocity profile. 

In the case of a random distribution of 

roughness element size, there appears to be 

only one position in the roughness region which 

would form a well-defined origin for the 

logarithmic layer - that at y = O. This choice 

reduces B to 

B [ { + -1 
5.66 l - log (ts) + 

which, in fact, is the form appropriate to 

commercial tube of random roughness size. 

(43) 

This 

can be more readily seen by substituting equa­

tion (41), and y a 0, (which reduced equation 

(35) to (43)), into the friction-factor 

equation for the present model, equation (36). 

These substitutions convert that equation to 

the empirically-based Colebrook equation, 

(equation 16), which has been found appropriate 
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for commercial tubes. 

In the 0 case of uniform roughness distribu­

tion such as was examined by Nikuradse with his 

artificial sand roughened tubes, the position 

of the tops of the roughnesa element also 

presents a well defined position with respect 

to the roughened region. Moreover, it is 

conceivable t· at this position might be a more 

suitable origin for the logarithmic region than 

y • 0: the rather abrupt transition at the 

outer edge of the roughness layer could inhibit 

the turbulence generation mechanism within the 

roughness layer. Now, although 's represents 

the size of sand grains used by Nikuradse, the 

coatings on the grains necessary to cause 

adhesion to the surfaces studied means that the 

actual roughness protrusions were slightly 

larger than 's· Allowing a· factor 1.25 for 

the ratio of coated to uncoated grain size 

(Robertson et al (1965) quote figures which 

suggest that this is reasonable), a choice 

then piaces the origin of the logarithmic 

region at the surface of the roughness 

elements. This choice of y0 reduces equation 

(42) to 

B 5.66 {1 - log ( > + o. 005) } 
s 

( 44) 

This equation is compared with Nikuradse's 

data in Figure 2. The agreement with the low 

c! data indicates that concepts behind equation 

(44) are reasonable up to c! �~� 7. Also shown 

is the "smooth tube" relation 

B 5.66 (1 + log c:) (45) 

which is usually regarded as being appropriate 

for low values of artificial c;. It is seen 

that equation (44) is more appropriate; a 

situation which reflects the fact that, 

although low Reynolds number sand-roughness 

friction factors are close to the smooth tube 

friction factor - Reynolds number relation, 

they are slightly above. It follows from 

equation (44) that the appropriate equation for 

sand-roughness friction factors in the low 

Reynolds number region is 



1 / 1 ES} 
-- • -0.4-4log \(Re v'T°)- - 0.036 D (46) 
Vi 

The deviation of Nikuradae's data from 

equation (44) at higher t! Values require a 

form of equation (42) which intersects equation 

(44) in the region c! • 10. Trial and error 

indicates that a choice of y0 given by Y6 • 
11.8, which is the position of the intersection 

of the 1-inar sublayer equation (equation 7) 

and the turbulent core equation (equation 9) 

for turbulent smooth tube flow of constant 

viscosity, provides 

B • 5.66 { 1 - log (0.3 - 1.36/ ,;) } (47) 

which adequately describes Nikuradse's high c! 

data (Figure 2). (The discrepancy at very high 

t! values is associated with the previously 

mentioned slight discrepancy between velocity 

profile coefficients as obtained from velocity 

profile data and as obtained from shear stress 

data. The coefficients of the present equa­

tions are chosen to ensure agreement with 

accepted shear stress equations.) 

The friction factor equation corresponding 

to equation (47) is 

- 1-,. -0.4-4log { 0.214 (~ -
v7 D 

4.56V2. 21 48) 
ReVf 

which is close to equation (17) proposed by 

~edderman and Shearer (1964). 

The similarity between equations (17) and 

(48) and :,etween equations (44) and (45), 

camouflages the fundamentally different bases 

for the different pairs of equations. 

Recalling the classical arguments presented 

earlier, the classical concept is that 

roughness only manifests itself if roughness 

elements protrude into the turbulent core. 

Consequently, uniform roughness elements within 

the viscous sublayer have no influence (hence 

the "smooth tube" relation, equation (45)) and 

if the roughness elements protrude into the 

core region, the effective significant rough­

ness is the true roughness height minus the 

sublayer thickness (hence equation (17)). 
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On the other hand, the present model con­

siders the effect of roughness confined to the 

viscous dominated region to be generally signi­

ficant. In fact, it has been demonstrated that 

the classical arguments supporting the "smooth 

tube" relation, equation (45), provide instead 

a basis for the semi-empirical commercial rough 

tube equation proposed by Colebrook. In the 

present work, the shape of uniform roughness 

characteristics is explained by the logarithmic 

region oriain being the minimum of the outer 

layer of the roughness region and the position 

where the turbulent region would have started 

in the absence of the roughness, (Since, the 

the present model, the roughness is considered 

as being entirely in the viscous sublayer, the 

second option for the log-layer origin 

indirectly supports the current view that the 

viscous dominated sublayer is not entirely 

devoid of turbulence.) 

Further study of friction characteristics 

of roughnesses types other than those analysed 

above requires knowledge of the relation 

between the actual roughness height and the 

equivalent sand roughness. Although other 

characteristics can probably be curve-fitted 

through simple choices of y0 in equation (42), 

as has been done above, adequate interpreta­

tions of y0 values so obtained might not be 

achieved without knowledge of the relation 

between t and Es· In the case of the above 

analyses of Nikuradse's sand-roughness data, 

for example, the interpretation of lower values 

of y0 as the actual height of the uniform 

roughness depended on an estimate of the height 

(which represent coated sand grains) in terms 

of the stated uncoated sand grain dimensions. 

With regard to the relation between t 5 and 

actual roughness parameters, work at Babcock 

Ltd. (Ruffel, 1977) has examined (and is 

examining) the inter-relation between friction 

factor - Reynolds number characteristics_ and 

actual roughness characteristics for different 

roughness types as obtained from a Talysurf 

machine. An inter-relation between the two has 

not been successfully achieved, possibly 

because the single parameter 'equivalent sand 

roughness' of classical theory cannot readily 

incorporate different roughness types. It is 



conceivable chot the present model, with 

several parameters included in the description 

of roughnes», couJ ,) assist in the coupling of 

Babcock's friction and roughness character­

istics. 

Although a full analysis which relates 

actual roughness t and equivalent sand rough­

ness 'sis beyond the scope of this work, some 

general aspects of the influence of roughness 

element shape and density of packing can be 

obtained by considering the role of the equiva­

lent smooth tube_ viscosit~ 'le used to model the 

velocity in the roughness region. 

It has been shown by Einstein (1906) that 

the viscosity of a liquid containing non-inter­

acting solid spheres can be approximated by 

", = 'I (1 + 2.5 'Y) 

where 'Y is the volume fraction of the spheres, 

for low values of'Y. The approximations used 

in thP final stages of Einstein's analyse~ can 

be adapted t" yield instead 

,, 

~hlch in fact agrees with available data (see 

foT ,,xamp;,. Sar',er and Lee, !974) to higher 'Y 

,•,dues. 

The coefficient 2.5 in Einstein's analysis 

is a consequence of the spherical shape assumed 

for the solid objects within the fluid. 

Different shaped objects could be expected to 

yield different coefficients. 

Thus, Einstein's analysis suggests that 

the effective smooth tube viscosity 11t of this 

work can be described by 

I - (49) 

where the proportionality factor is a function 

of the shape of roughness elements, and 'Y is 

the volume fraction of roughness elements in 

the roughness region. 

If the roughness influence range multi·· 

plier His assumed to be a constant for a given 

roughness element shape, it follows from 

equations (4l) and (49) that 

t / £ 
s 

K 'Y (SO) 

where K is a function of roughness shape only. 

Figure 3 shows that this is a reasonable desc­

ription for artificial roughness elements made 

from rods, slats, spheres, spherical segements 

and cones, at least in the lower voidage region 

where the assumed linear voidage - effective 

viscosity relation is more plausible. 

Turning now to heat transfer character­

istics, we note that the present heat transfer 

model contains an extra degree of complexity 

d, to the introduction of an extra variable, 

the effective sublayer conductivity in the 

roughness region. For this reason, the heat 

transfer equation derived from the model, 

equation (40), has not been further developed 

by comparison with data as was done with the 

purely fluid mechanical aspects of the model. 

Nevertheless, there are several aspects of 

equation (40) which can be noted: 

(1) The form of equation (40) is consistent 

with the general form proposed by Dipprey and 

Sabersky (1963), equation (23). However 

equation (40) suggests that the function 

6 (t+, Pr) of equation (23) cannot be 

separated into the form 6 1 Ct+) 62 (Pr) 

as was supposed by Dipprey and Sapersky (1963) 

and Webb et al (1971). 

(2) Just as 11t can be modelled as depending on 

roughness element shape and volume fraction, as 

described above, so can >-c· However, the 

modelling for >-c must be different, leading to 

a different dependence on shape and volume 

fraction. Knowledge of equivalent sand rough­

ness (cf. equation 41) is thus not sufficient 

to quantify the term Mt (ri/rit - A/Ac) 

appearing in the heat transfer equation 

(equation 40). 

(3) Since heat transfer through the roughness 

region involves heat transfer through both 

roughness elements and liquid, the effective 

thermal conductivity >-t required for smooth 

tube modelling of the roughness region 



temperature profile will involve both the fluid 

thermal conductivity and the wall conducti­

vity Aw· For example, for unif~rm height 

roughness elements of parallel sides it is 

clear that A,• (1 - a) Aw + 'Y A. According 

to equation (40), the overall Nusselt number 

will therefore depend slightly on the tube 

thermal conductivity, a feature not included in 

equation (23), but nevertheless consistent with 

empirical observations {Kiapton and Lyall, 

1972; Mantle et al, 1971). 

A particular point of discussion concerns 

the nature of the smooth tube, double viscosity 

model of rough wall lows. Although the model 

may appear somewhat artificial, there are, in 

fact, some experimental data which support the 

concept behind it. 

The most directly relevant data is that 

obtained by Fleming et al (1972), who measured 

shear stresses due to turbulent mercury flow in 

copper tubes. Two tubpq were used, each initi­

ally clean. Initial f:~e plots agreed with the 

smooth tube relation, but later friction 

factors behaved as if in rough tubes: the 

friction factors became independent of Reynolds 

number, at least, up to a limit to be discussed 

below. Moreover, the effective apparent 

roughnesses increased with time, and was more 

apparent in the smaller tube. 

Although detailed explanation of the 

phenomena could not be given by the authors, it 

was recognised by them that the effects were 

due to the growth of a viscous layer of amalgam 

of mercury and copper at the tube wall. 

Although actual thicknesses of the amalgam were 

not measured, the friction factor behaviour is 

in qualitative agreement with the two-viscosity 

model proposed here. Water flowing through the 

amalgamated tubes had smooth tube characteris­

tics, suggesting an amalgam-surface origin for 

the logarithmic layer during the water 

experiments. 

In addition to the above experiments, 

there are a substantial number of data from a 

particular type of system involving the 

simultaneous flow of gas and liquid. At high 

velocities with very small fractions of liquid, 
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the liquid flows predominantly along thv walls 

of the duct, with the gas flowing in the core 

region of the flow (annular flow). Although 

these flows are not fully understood, the beat 

current models for very thin films at not too 

high values of Reynolds number are based on the 

idea of gas flowing in an effectively roughened 

tube, with roughness elements consistina of 

waves on the liquid film (Hewitt and 

Hall-Taylor, 1970). It could be argued that 

the characteristics are due instead to diffe­

rences in the gas and liquid viscosities. The 

characteristics therefore qualitatively support 

the present model, suggesting it is not that 

the film acts as a roughened surface, but 

rather a rough surface acts like the film 

region of annular flow. In principle the pre­

sent model can be developed to qualitatively 

test this interpretation of two-phase annular 

flow. In practice, the additional variable due 

to non-constant radial density has not yet been 

satisfactorily incorporated into the model. 

As already pointed out, the present model 

of roughness is based on the concept of an 

influence in the viscous dominated region of 

the flow, a view which contradicts currently 

accepted concepts of roughness effects in 

turbulent flow. Having quoted data pertaining 

to mercury flow in copper tubes and annular 

two-phase flow, it is relevant to point out 

that these same data are also relevant to the 

present modelling of roughness for roughness 

elements that may protrude into the turbulent 

core. 

As pointed out, the mercury flow Reynolds 

number independent friction factor which 

increased with time can be explained in terms 

of the present model by the growth of a high­

viscosity region near the wall. However, this 

behaviour was observed only at lower (but 

nevertheless turbulent) Reynolds numbers. At 

high Reynolds numbers, the friction factor data 

reverted back to a dependence on Reynolds 

number, and an independence of time (i.e. of 

the region of higher viscosity). However, the 

f:Re relation differs significantly from that 

usually encountered, reflecting an alteration 

of the coefficients of the velocity defect 

equation from those usually encountered. (The 



usually encountered form is an integral part of 

the present model.) 

Similarly, unlike the lower Reynolds 

numher annular flow situation described above, 

higher Reynolds number two-phase annular flow 

friction factors appear to be independent of 

film thickness, and, instead, depend on 

Reynolds number, with the dependence being 

different from the usually-encountered smooth 

tube equation (Beattie, 1977). 

A possible explanation of the above is 

that higher Reynolds number place the turbulent 

core boundary within the higher viscosity 

region of the amalgamated mercury and the 

two-phase flow systems. The influence of the 

increased viscosity is then not confined to the 

effect within the viscous dominated sublayer, 

and the effect in the turbulent core is to 

change the turbulence characteristics, not just 

the turbulent core boundary conditions, as is 

the case in the present analysis. 

The higher Reynolds numher flow character­

istics described above, in conjunction with the 

present model, suggest that friction character­

istics for roughness elements which would pro­

trude into the turbulent core, actually become 

independent of the roughness, and instead 

revert to a dependence on Reynolds number, with 

characteristics above those for smooth tube 

flows. There are at least some roughened wall 

friction characteristics (Gudmundsson et al, 

1977; Ruffel, 1977) consistent with this 

decription. 

5. SUMMARY AND CONCLUSIONS 

Roughness elements in duct walls alter the 

fluid velocity and temperature profiles in the 

roughness region. These effects may be 

analysed in terms of a smooth tube flow with 

altered viscosity and thermal conductivity in 

the near-wall region. The effective viscosity 

required to produce the same effect as 

roughness elements is a function of roughness 

element shape and density as well as the fluid 

viscosity. The effective thermal conductivity 

is a function of roughness element shape, 

density, fluid thermal conductivity, Rnd Rlso 
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duct wall conductivity. The equivalent sand 

roughness for fluid mechanical calculation is a 

function of the mean roughness height, 

roughness element shape, and roughness element 

density, Due to different dependence, of th~ 

effective wall region conductivity and 

viscosity on roughness parameters, the 

hydraulically-based equivalent sand roughness 

is not appropriate to heat transfer calcula­

tions except insofar as the heat transfer 

depends on friction factor. 

The origin of the logarithmic layer of the 

turbulent flow may be altered by roughness 

elements. The position of the origin may be 

regarded as a length parameter relevant to a 

full description of roughness, and differences 

in its value for different types of roughness 

are the prime cause of different types of 

roughness effect on turbulent flow. Random 

sizes roughness elements have the origin at the 

base of the roughness elements; roughness 

elements of uniform size present an alternative 

well-defined suitable origin for the log-layer 

at the outer edge of the roughness layer. 

The model has been used to develop general 

equations relevant to rough wall thermo­

hydraulics. The equations relevant to fluid 

mechanics were further developed by examining 

the nature of "equivalent sand roughness" and 

the origin of the turbulent core log-layer. 

Colebrook's empirically based equation evolved 

naturally from the model by considering a base­

level for the log-layer origin; Nikuradse's 

sand-roughness data were described by the same 

equations, but with the origin of the log-layer 

being given by the minimum of the sand rough­

ness height and the position where the turbu­

lent core boundary would be in the absence of 

the roughness elements. 

Roughness elements need not protrude into 

the turbulent core to influence thermohydraulic 

characteristics. Roughness elements cause an 

increase inthe extent of the viscous dominated 

region, so are more likely to remain within 

this region than is ~onsidered by earlier 

roughness models. The influence on the flow 

characteristics is due to the widening of the 

viscous-dominated region. Roughness elements 



protruding into the turbulent core may alter 

the turbulent structure of the core as well as 

the boundary conditions to the turbulent core. 

Available smooth-tube variable viscosity 

shear-stress data are in qualitative agreement 

with the model presented here and thus support 

the concept of a smooth-tube two-~iscosity flow 

simulation of rough wall pipe flow. 
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I. INTRODUCTION 

Despite the importance of pressure drop in two-phase flow processes, and the consequent 
extensive research into the topic, there is still no satisfactory method for calculating two-phase 
pressure drop. The best current methods are cumbersome in structure, heavily dependent on 
empirically determined coefficients, and have considerable uncertainty. Simpler forms or firmer 
theoretical bases for predictive methods can only be achieved with a narrowing of the ranges of 
applicability. 

In this note, a theoretically based, flow pattern dependent calculation method is adapted to 
yield a simple predictive method in which flow pattern influences are partially allowed for in an 
implicit manner and therefore need not be explicitly taken into account when using the method. 

2. METHOD 

It has been shown that pressure drop equations derived from mixing length theory are 
applicable to two-phase conditions provided flow pattern effects are taken into account (Beattie 
1977). However, the correct allowance for flow pattern effects is not understood. If it is 
assumed that coefficients appearing in mixing-length theory are the same as those in the 
single-phase application of the theory, loss of generality occurs. However the familiar Cole­
brook-White equation relating Fanning friction factor /, Reynolds number Re, and surface 
roughness/diameter ratio E/ D, is found: 

1 vf = 3.48-4logl0 [2E/D+9.35/(Re y/)]. [l] 

Despite the loss of generality, [1] remains valid for many two-phase flow situations provided 
flow pattern effects are considered in the definition of the friction factor and Reynolds number 
(Beattie 1973). Especially relevant to this note are definitions applicable to bubble and annular 
flows. For these flows, Re and / are the same as in the homogeneous model: 

pD[dp] 
I - dz E 

- 2G2 

DG Re=­
µ 

t Attached from AAEC Research Establishment, Private Mail Bag, Sutherland, 2232, Australia. 

[2] 

[3] 

tPresent address: Department of Engineering Science, University of Oxford, Parks Road, Oxford 
"' OX! 1 3PJ, England. 
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where [dp/dz]F is the frictional pressure gradient, G is the mass flux, µ is the two-phase 
viscosity, and p is the homoieneous density given by 

!=..£+1-x 
P Pg Pi 

where x is the gas mass flow fraction (quality), pg is the gas density and p1 is the liquid density. 
Flow pattern effects are allowed for in the viscosity definition. For many bubble and annular 

ftows, the appropriate definitions are 

µ = µ1(1 + 2.513) (bubble flow) [4] 

and 

µ = µ,(1 - /3) + µg/3 (annular flow) [5] 

where {3 is the homogeneous void fraction 

µ 1 is the liquid viscosity and µg is the gas viscosity. [4] and [5] approach µ 1 as the void fraction 
tends to zero. 

The bubble flow definition [-4), is based on the theoretical work of Einstein (1906). Direct 
measurements of bubble viscosity (Huige & Ohki 1972) have confirmed the validity of a 
variation of [4] up to a voidage of about 20%. The equation found valid by Huige & Ohki (1972) 
reflects the surface chemistry of liquids studied by them, and their results indicate that [4] is 
applicable for. fluids usually encountered in gas-liquid systems. The applicability of [4] to 
friction factor calculations at very much higher voidage (Beattie 1973 and 1977) appears to be 
due to an overestimate of the viscous sublayer void fraction, taken as /3, being compensated for 
by the coefficient 2.5, which data suggest is too low at high void fractions. 

The annular flow definition, [5], is based on the concept that, due to interfacial waves, the 
viscosity at the outer region of the viscous sublayer intermittently changes between µ 1 and µg, 
with the intermittency fraction (i.e. local voidage) being assumed to be {3. 

We propose that [4] and [5] be replaced by a hybrid definition 

(6) 

The structure of (6) is consistent with the form that might be expected for some gravity 
dominated flows such as horizontal stratified bubbly flow or vertical bubbly/slug flow. For such 
flows, it might be expected that the viscosity for annular flows, [5], applies provided µ 1 is 
replaced by [4] to allow for entrained bubbles in the liquid region of the flow. 

The assumption that mixing-length theory results apply to horizontal flows is based on the 
observation (Beattie 1972) that opposite sides of asymetric flow profiles often coincide when 
normalised with respect to the distance between the wall and the position of zero shear stress. 

The proposed method thus involves (1-3, 6). A special feature of the model is the use of [I] 
for all values of Re, even for those values where single-phase behaviour would suggest its 
replacement by a laminar flow relation. This is because turbulent-like characteristics extend to 
very low Reynolds numbers in two-phase flows. This is perhaps not surprising because even in 
the absence of turbulence, Reynolds stresses can be expected in two-phase flow due to the 
interaction of gas-liquid interfaces with the flow field. 
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3. COMP A RISON WITH DAT A 

Since the proposed method aims to allow approximately for flow pattern effect without 
specific knowledge of flow pattern boundaries, a proper test of the method should involve a 
comparison with data covering various flow patterns. Clearly, the method would not, for 
example, compare as favourably with bubble flow data as well as the bubble flow model which 
involves [4] instead of [6]. In order to achieve an adequate test of the method, use was made of 
a proprietary adiabatic, round tube pressure drop data bank covering both horizontal flow and 
vertical upflow (HTFS 1981). This data bank covers a wide range of fluids and flow conditions. 

The results of the comparison are summarised in table l. Calculation methods commonly 
used in two-phase flow are also included in table l. The correction factor of table l is the 
average value of 

actual total pressure drop 
calculated total pressure drop 

and the range factor is the factor by which the corrected calculated value must be multiplied 
and divided to give the range for 99% probability and 95% confidence. Thus, the accuracy of a 
particular predictive method is best improved by multiplying the prediction by the correction 
factor. Multiplying and dividing a prediction thus corrected by the range factor produces a 
range which has a 95% probability of including 99% of relevant data. The range factor is thus a 
measure of the spread of errors. 

The method proposed here predicts only the frictional component of the pressure drop, 
whereas the test of the method involves also the estimation of the accelerational pressure drop, 
and, in the case of upflow, the gravitational pressure drop. The accelerational pressure drop was 
calculated using the homogeneous model. The number of data points in the bank with 
significant contributions from the accelerational head are small enough for error statistics of 
table l not to be influenced by errors in the estimate of the accelerational head. 

On the other hand, sufficient of the vertical flow data of the data bank had significant 
gravitational pressure drop contributions for the error statistics of table 1 to be influenced by 

Table I. Comparison of pressure loss correlations with HTFS (1981) data bank 
--

Non Steam/Water Steam/Water 

Frictional Pressure Horizontal Vertical Horizontal Vertical 
Drop Correlatio~ 

Correction Range Correction Range Correction Range Correction Range 
Factor Factor Factor Factor Factor Factor Factor Factor 

HTFS (1981) 1.00 2.6 1.13 2.0 0.82 2 .4 0.97 1 .5 

Baroczy (1966) 0.92(1) 2.4 I. 1 7( 1) 2. 2 o. 77(1) 2.8, 0.97(1) 1. 5 
I 

Friedel (1979) O. 77( 1) 4.0 1.01(1) 2.0 0.85 2.4' o. 97 J.6 

Lockhart-Martinelli 0.99 2.8 0.96 1. 9 0.43 3.9 o. 59 3.3 
(1949) 

Martinelli-Nelson 0.58 2.6 d. 76 2.2 
(I 948) 

Thom (1964) 0.87(1) 2.4 o. 93(1) 1. 7 

Chisholm (1978) o. 74 4.8 0.94 2.1 0.68 2.9 o. 92 1.6 

Isb!n et al (I 954) 1 .07 3.8 2.00 3.8 0.94 2.6 1. 16 2.2 

Owens ( 1961) 0.53 9. 1 1. 39 4.6 0.85 2.6 1. JO 2.2 

Cicchitti et al ( 1960) 0.61 6.2 1 .53 4. 1 0.89 2.6 I. 12 2.2 

Dukler et al (case 2) 1. 18 3. 1 2.08 3. 9 o. 97 2.6 1. 20 2.2 
( 1964) 

Equations 1, 2, 3 ,6 1.05 3.1 1. 16 2. 1 o. 94 2.5 1.01 I. 7 

Number of data points 7168 2011 1236 3095 

Note: (l) indicates that, due to limitation on the correlation applicability range, comparison has been 

made with a reduced number of data. 
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the sravitational pre11ure drop calculation method. Since the I1bin ,t al. (1954), Owens (1961), 
Cicchitti 11 al. (1960) and Dukler 11 al. (1964) methods can be reaarded as variations of the 
bomopneou1 model, the sravitational head for these model, was calculated using the homo­
pneou1 void fraction model. The sravitational head for the other pressure loss models was 
calculated using an unpublished void fraction correlation (HTFS 1981), an independent examina­
tion having shown this to be the most reliable for the range of conditions covered by the data bank. 

Although the error statistics for the vertical flow cases of table 1 depend on the gravitational 
pressure drop calculation method, the use of an apparently reliable gravitational method or, in 
some cases, a gravitational method consistent with the frictional method, means that the error 
statistics for vertical up low can be primarily associated with errors in the frictional methods. 

4, DISCUSSION 

Table 1 indicates that, despite its simplicity, the proposed frictional pressure drop cal­
culation method generally gives more accurate results than alternatives tested apart from the 
HTFS correlation. At first sight this is unexpected: the proposed method gives a two-phase 
multiplier approximately independent of mass ftux, whereas this multiplier is known to be strongly 
influenced by mass ftux. Indeed, the HTFS, Baroczy (1966), Friedel (1979) and Chisholm (1978) 
correlations specifically allow for this effect. However from an examination of the data it seems 
probable that a large contribution to the range factors occurs because of the inability to allow 
for effects such as entrance conditions which are known to effect two-phase pressure drop. The 
comparatively good performance of the present method suuests that errors due to the neglect 
of mass flux effects are not as significant as those due to the neglect of other effects. 

The present method has been tested only against adiabatic, round tube, data. It has not been 
compared with diabatic or complex geometry data, which are known to have different pressure 
drop characteristics (Beattie 1977). However, the characteristics for these systems are similar to 
those for round tube adiabatic flows, particular_ly at low void fraction, and it is expected that 
application of the present model to diabatic and complex geometry systems should give 
reasonable results though with a larger error than for adiabatic round tube flows. The larger 
error will arise, for example, from additional flow disturbance effects, such as from spacers in 
rod bundles. The present model underpredicts condensation pressure drop by a considerable 
margin. A preliminary comparison with condensation data indicates that [1-4] give reasonable 
estimates of pressure drop during condensation. 

5. SUMMARY AND CONCLUSIONS 

A mixing-length theory model of two-phase pressure drop has been adapted to give a simple 
calculation method, of the same form as that used for single phase flow, in which flow pattern 
effects are partially accounted for implicitly. Comparison of the method with an extensive 
adiabatic round tube data bank shows it to be aa sood as most alternative, more complex, 
methods. Errors in the pre111nt method are due primarily to the ne,tect of effecta such 11 

entrance effect, rather than the nealect of ma11 ftux effect,, 10 method, which more correctly 
allow for man ftow effect• do not nece11arily rt1ult in more reliable prediction,. Except for 
conden1ina flows, the method 11hould al10 yield reasonable preuure 10111 estimate11 for dlabatic 
and/or complex aeometry ftows. 
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SYNOPSIS This review outlines a program of investigations on the prediction of thermohydraulics 
aspects of a loss-of-coolant accident in a water-cooled nuclear reactor. It includes mathematical 
modelling of the transient coolant conditions, modelling of fluid conditions in a containment 
structure, and information on relevant two-phase flow and heat transfer characteristics. 

1 INTRODUCTION 

A number of important aspects of nuclear reactor 
safety have been investigated in a thermohydraul­
ics program at the AAEC's Research Establishment 
at Lucas Heights, New South Wales. Most of the 
work is relevant to both research and power 
reactor systems. Projects directed at specific 
problems in the AAEC's HIFAR research reactor, 
such as evaluation of the emergency core cooling 
system, have been excluded since they are 
specific to that reactor type. 

Of particular concern is the behaviour of 
water-cooled nuclear reactor systems under loss­
of-coolant accident (LOCA) conditions, such as a 
fracture of the primary circuit pipework, which 
could lead to severe overheating of fuel in the 
reactor core. A number of computer codes have 
been developed to model overall thermohydraulic 
characteristics of the primary circuit of such a 
system, including the effects of a LOCA. Some 
of these codes are quite complex. The AAEC code 
NAIAD is relatively s_imple but has certain advan­
tages in modelling the transient conditions. 

The reactor containment structure is of key 
importance to reactor safety. To develop suit­
able methods for predicting the conditions which 
such a structure must withstand following a LOCA, 
a number of relatively small-scale experiments on 
blowdown from a small vessel, containing heated 
water under pressure, into a much larger vessel 
representing the reactor containment have been 
made. In an international program under the 
auspices of the Organisation for Economic Co­
operation and Development (OECD) Nuclear Energy 
Agency Committee on the Safety of Nuclear 
Installations (CSNI), the results are being com­
pared with predictions from computer programs 
developed to calculate conditions encountered in 
the containment during such transients. 

Calculations of transient conditions are 
dependent on the development of suitable models 
of thermohydraulic behaviour for liquid/vapour 
coolant flows and, in particular, on relation­
ships developed from data on two-phase flow and 
heat transfer characteristics. This has led t0 
investigations of flow structure, pressure drop 
and choked flow for two-phase flow conditions, 
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and aspects of heat transfer including the onset 
of boiling 'burnout' (critical heat flux) and 
heat transfer coefficients under burnout con­
ditions. 

2 MODELLING OVERALL THERMOHYDRAULICS IN THE 
PRIMARY CIRCUIT OF A WATER-COOLED REACTOR SYSTEM 

The computer program NAIAD [1] was developed as a 
means of testing numerical methods used in 
thermohydraulics calculations for water-cooled 
nuclear reactors. The finite difference method 
used in this code is rather different from that 
used in earlier programs. All quantities are 
evaluated at one set of finite difference nodes 
rather than at nodes and 'half-nodes' in the 
usual staggered mesh approach. Thus a direct 
solution method is used and large time steps are 
made when slow changes are occurring. This 
results in reduced computational times. The 
formulation of the finite difference equations is 
carefully chosen to ensure that the steady-state 
solution is as accurate as possible for the 
specified number of nodes. The choke flow 
boundary condition is arranged so that the flow 
model specified is automatically used to deter­
mine the choke flow [2]. A new approach to the 
'water packing' problem has been included. This 
is a numerical problem which occurs in calcula­
tions involving transitions from a two-phase 
fluid to a liquid phase and arises because of the 
associated large step change in compressibility. 
The new method allows completely smooth phase 
transitions [3]. 

The method used to solve the complete set 
of equations describing the network is highly 
efficient, solving all the linear equations by a 
direct method, making use of the network struc­
ture to identify tridiagonal sections of the 
overall matrix, and only using an iterative 
method for non-linear relationships in the net­
work (pumps and choke flow points). Unusual 
hydraulic components can be included in the net­
work by means of user routines. 

Most of the simulations with NAIAD have 
been made in conjunction with the CSNI working 
group on emergency core cooling (ECC). Solu­
tions were submitted for five standard problems 
on emergency core cooling. Further calculationr 
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of one of these have since been completed [4] in 
an attempt to resolve differences between cal­
culated and measured coolant temperatures. The 
Italian IETI-1 test rig simulated in this stand­
ard problem is shown in Figure 1. Figure 2 
shows the excellent agreement between calculated 
and measured masses of coolant during the 
experiment. Quite good agreement was also 
obtained between calculated and measured press­
ures and wall temperatures. 

Recently the ECC working group began a new 
series of international comparison problems. 
The Australian solution to the first problem in 
the series was the only one both numerically 
stable and able to resolve all the phenomena. 
Details of the problem and the NAIAD solution 
are contained in reference [3]. 

3 MODELLING BLOWDOWN INTO A CONTAINMENT 

Investigations into the conditions likely to 
arise within a containment during a LOCA were 
started at Lucas Heights in 1974. A small blow­
down and containment rig was built with a press­
ure vessel of about 14 dm 3 capacity to contain 
fluid at up to -14 MPa and 345°C, connected to a 
vessel of 1.8 m3 capacity which represents a 
reactor containment structure. The current 
arrangement is sketched in Figure 3. 

During an experiment, the pressure vessel 
is first evacuated of air, then a measured 
amount of water is added and an electric immer­
sion heater in the base of the pressure vessel is 
used to boil the water and attain the required 
pressurisation. To start the blowdown, a copper 
disc in the bursting disc assembly, which blocks 
the passage between pressure vessel and contain­
ment, is ruptured. Measurements of the transient 
conditions of pressure, temperature, or flow rat·e 
are made at various points in the system and 
transmitted to a computer. These data may sub­
sequently be accessed, analysed and plotted 
locally or transferred to a large central com­
puter. Until 1981, the containment was a single 
compartment and runs were made for a range of 
initial conditions in the pressure vessel, i.e. 
water content and pressure, and different outlet 
flow restrictors, initial air pressure in the 
containment vessel ranging from near vacuum to 
one atmosphere [5]. 

A small computer program was written to 
calculate conditions in the rig and to investi­
gate methods of calculating heat transfer co­
efficients. A measurement system was developed 
to monitor heat transfer from the bulk fluid to 
the containment walls during the transient [6]. 
This system measures the temperature transient 
at a point within a thin metal rod which is in­
sulated except at an end surface exposed to the 
containment atmosphere (see Figure 4). The 
temperature and heat flux at this surface are 
calculated by a Fourier transform method and 
used, together with a measurement of bulk fluid 
temperature, to calculate the heat transfer co­
efficient (h.t.c.) transient. From a survey of 
methods used in computer codes for calculating 
such heat transfer coefficients, it was found 
that these are generally inadequate because they 
are usually based on data from steady state 
experiments and do not take into account the 
highly turbulent conditions during a blowdown. 
Also they sometimes fail to account satisfactor-
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ily for the presence of air and its effect on 
condensation (5,7]. An alternative was devised, 
which depends on the instantaneous energy of the 
fluid inflow [6,8]. This gave h.t.c. transients 
similar to the measured transients and resulted 
in calculated pressures closer to the measured 
values. 

The containment was divided into two com­
partments to allow investigations into multi­
compartments. The OECD/CSNI working group on 
reactor containment requested that experimental 
results be provided as a Containment Analysis 
Standard Problem (CASP) so that the computer 
codes used by member countries could be tested 
against a different scale and arrangement of 
model to that used in previous CASPs. The 
results of the experiment have been made avail­
able for this purpose. The pressure transients 
from this experiment are shown in Figure 5 and 
the heat transfer coefficient transient obtained 
from measurements in the top compartment is 
shown in Figure 4. Also included in these 
figures are the AAEC calculated transients using 
the ZOCO V computer code [9] with modifications 
to the heat transfer correlations and inter­
compartment flow computations in this code [10]. 

4 TWO-PHASE FLOW CHARACTERISTICS 

Mixing-length theory has been used to formulate 
voidage [11] and velocity (12,13] defect equa­
tions for two-phase (gas/liquid) flows. Differ­
ent sublayer structures (bubbly, vapour only, 
attached wall bubbles, etc.) mean different 
boundary conditions and lead to non-dimensional 
logarithmic velocity profiles with dimensionless 
group definitions which depend on the sublayer 
structure [14]. Coefficients in the logarithmic 
profile may differ from those of the single 
phase equation, but remain constant for flows in 
a given 'friction regime' (14,15]. 

As with single phase flow, friction factor 
expressions [14,15] have been obtained by aver­
aging the non-dimensional velocity profile. The 
Reynolds analogues of these expressions then 
provide heat transfer coefficient equations; 
however, this has only been verified for the 
important case of post-dryout flows (13]. Aver­
age voidage for annular flow has been derived 
from the relation between film thickness and 
film flow rate obtained by integrating the velo­
city profile over the film region with allowance 
being made for core and film entrainment [14,15]. 
Average voidage for distributed flow has been 
derived using the Zuber 'drift-flux' equation, 
the distribution parameter values being obtained 
from the friction factor (Table 2) [12-13]. 
When coupled with the heat transfer coefficient 
equation, the Reynolds analogue of the drift 
flux equation enabled thermal nbn-equilibrium to 
be evaluated [13]. 

A general form of the two-phase flow dist­
ribution par.ameter in terms of higher order 
correlation coefficients has been utilised to 
deduce momentum and kinetic energy fluxes. These 
enable the prediction [12,13] of propagation 
phenomena such as sonic velocity and choked flow 
which are important in safety analyses. Although 
developed for flow through round tubes, the 
various theoretical expressions are also applic­
able to flow through ducts of complex cross­
section; however, values of the coefficients 
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may be different under these conditions [16,17]. 

Specification of friction regime in terms 
of sublayer type and non-dimensional velocity 
profile coefficients is necessary for prediction 
of the various parameters mentioned above. On 
the basis of approximately 10 000 world pressure 
drop data, recommendations have been given for 
high pressure steam water flows [14]. With some 
qualifications, the regime boundaries are con­
sistent with a requirement for continuity of 
wall shear stress at the boundaries. This con­
tinuity does not extend to some of the other 
characteristics, and the discontinuity in criti­
cal heat flux at a friction regime boundary 
provides an explanation for the heat-flux­
independent 'limiting quality' boiling crisis 
and also upstream dryout (18]. Similarly, the 
dry wall friction regime boundary provides a 
zero heat flux limit of the boiling crisis 
quality [19]. The interrelation between fric­
tion and critical heat flux characteristics is 
shown in Figure 6. This figure also demon­
strates the good friction factor predictions 
achieved using the friction regime concept. 

The theory described here has been based on 
an analysis of world data supplemented by data 
obtained from experiments on air-water (Table 1) 
and adiabatic and diabatic Freon-12 at 1 MPa in 
a 1 cm dia. x 80 cm long tube. A summary of 
some equations developed in the AAEC's research 
program on two-phase flow characteristics is 
given in Table 2. These equations are for 
developed flows in round tubes; values of the 
coefficients may be different for non-developed 
flows and/or other duct geometries. 

5 CRITICAL HEAT FLUX AND POST-DRYOUT 
EXPERIMENTS 

5.1 Critical Heat Flux Experiments 

On the basis of preliminary investigations at 
the UKAEA's Atomic Energy Establishment at Win­
frith, Dorset, into the use of Freon-12 as a 
model fluid for high pressure water in critical 
heat flux (CHF) experiments, a CHF experimental 
program was carried out at Lucas Heights on the 
AAEC Freon-12 heat transfer rig [21]. These 
experiments used uniformly heated vertical round 
tubes, annuli and a rod cluster [22-25] (see 
Table 3) to obtain information on the effects of 
coolant conditions (mass flux, pressure, enthal­
py) on CHF, and some effects of flow channel 
geometry, including in particular, effects of 
spacer elements in the case of annuli [26,27]. 

5.2 Correlation of CHF Data for Round Tubes 

When the CHF data obtained in the AAEC Freon-12 
rig for uniformly heated round tubes were com­
pared with published CHF correlations [28,29], 
there were substantial discrepancies, par~fcu!~r­
ly at low mass fluxes (less than 500 kg s m ) 
[30]. To achieve a more satisfactory correla­
tion, a dimensional analysis approach was used 
in which dimensionless groups were interrelated 
with other dimensionless groups not only in the 
usual simple product relationship but also as 
power functions of each other (31]. This led to 
the formulation of a CHF correlation for Freon-
12 which was so general in form that only minor 
modification was needed for it to be applicable 
to water data [32,33]. Subsequently, this 
correlation was compared favourably with nitro-
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gen data [34]. The correlation is as follows: 

where 
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and B 130.5 exp {5.0 exp (-0.02 L/D)}. 

This correlation applies over a wide range 
of coolant conditions and tube dimensions pro­
vided that dryout qualities are greater than 0.1 
and coolant mass fluxes are greater than 300 kg 
s-1 m- 2 • For mass fluxes less than 300 kg s-1 
-2 

m , a second correlation has been developed 
which is also of a general form [35], and has 
been verified against the limited experimental 
data available at these low flow rates. This 
correlation is: 
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V 
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0.25 Re 
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0.046 (L/D) 1 • 12 (D/L ) l • 6 s 
s 

exp {25 x 103 LFN - 0.038 P9,/pv} 

LFN Go/(p£µ£\). 

5.3 Correlation of CHF Data for Rod Bundles 

In a nuclear power reactor core, the fuel is 
usually in rod bundle assemblies. A significant 
difference between these assemblies and round 
tubes is that the local conditions at the onset 
of burnout cannot be as well represented in 
terms of radially-averaged flow and simple 
geometric parameters alone. The development of 
rod bundle CHF conditions is therefore likely to 
be much less successful. Nevertheless, more 
than a score of rod bundle CHF correlations are 
available; these are generally based on intuit­
ive adaptations of round tube or annulus CHF 
correlations, the empirical coefficients being 
optimised on rod bundle CHF data. 

Used with discretion, these rod bundle CHF 
correlations provide a simple means of predict­
ing the onset of burnout in reactor fuel ele­
ments. Whereas they have been replaced by a 
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aubchannel analyais approach which can be more 
accurate in reactor design applications, they 
are 1till uaeful where speed of solution to cover 
a wide range of conditions is important, as in 
reactor safety analysis. However, very little 
guidance has been given on their use. Accuracies 
have been quoted for somewhat small sets of data 
in which the parameters, although seemingly wide 
in their ranges are not simultaneously repres­
ented at their limits. Other data falling within 
the same parameter ranges are often.not correla­
ted with the same accuracy. To examine the 
limitations of these correlations an extensive 
bank of experimental data on burnout in water­
cooled rod bundles has been compiled [36], and a 
computer program developed to analyse the perfor­
mance of these burnout correlations over selected 
parameter ranges. An example of contour plots of 
correlation accuracy with simultaneous variation 
of two parameters is given in Figure 7. Empiri­
cal coefficients can be re-optimised to improve 
performance in certain areas, and the perform­
ances of different correlations compared to 
indicate the best for selected conditions. Such 
analyses will provide the knowledge required for 
discerning use of these rod bundle burnout 
correlations. 

5.4 Post-dryout Heat Transfer 

A sensitivity analysis [37] of the blowdown phase 
of a hypothetical LOCA in a pressurised water 
reactor showed that maximum surface temperatures 
for the cladding of a nuclear fuel element at 
relatively low coolant mass fluxes are highly 
dependent on the heat transfer relationships 
assumed to apply for the onset of dryout and 
during the subsequent post-dryout conditions (see 
Figure 8). An experimental investigation into 
post-dryout heat transfer was undertaken with 
Freon-12 as the coolant, and electrical power 
transients were applied to a tube serving as the 
heat dissipating surface. Initially, tests were 
conducted in which the uniform heat input to the 
whole tube was increased in steps until dryout 
was induced over the exit region of the tube [38]. 
Later a short downstream section of this tube was 
heated independently while the heat input to the 
upstream section was maintained constant; the 
power of the short exit section was increased in 
steps until this section reached dryout [39]. 
Experiments are now being performed in which the 
short exit test section has a high thermal capa­
city. 'l'his enables heat transfer to be studied 
under slow dryout and rewetting conditions. 

The experimental data obtained from each of 
these test programs are in the form of wall 
temperature transients. Such data are analysed 
by matching recorded responses with those cal­
culated with the transient thermal hydraulic code 
THETRAN [ 40] • This code contains models for the 
onset of dryout, the post-dryout transition 
region, the minimum heat flux film boiling 
region, an intermediate film boiling region, 
and a high temperature film boiling region 
(Figure 8). !t has been found [41] that the 
relative extent ot these regione can vary sub-
1tantially1 in particular, the minimum heat flux 
film boiling region may cover a very wido or a 
very narrow range of surface temperatures. So 
far, it has been found that for Freon-12 
(a) experimental data for the minimum heat flux 
region may be correlated by 4min • A (DG/uv) 0 ' 54 

(Figure 9), where A is a function of the proper-
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ties of the coolant [42] - this correlation 
applies provided the minimum heat flux is less 
than 70\ of the CHF1 (b) the data for the 
intermediate film boiling region are represented 
by the equation 

1 + 3.65 exp {11,0 [(T -T )/T] L /L} 
w s s s 

where qfb is the surface heat flux corresponding 
to the high temperature film boiling region; 
and (cl the data for the high temperature film 
boiling region are correlated by 

qfb 0.85 exp {1.33 (D/LD0 ) - 0.15 L/Ls}qDR 

where LD is the length in dryout and q is the 
surface 0 heat flux given by the Daugall~RRohsenow 
film boiling correlation [43], i.e. 

k 
0.023 V Pr 0•4 

D V 

DG 0•8 
(-) 

I.Jv 

[x+(l-x)p /p 0 ] 0 " 8 (T -T ). 
V ,, W S 

6 CONCLUSIONS 

The AAEC program on thermohydraulics aspects of 
nuclear safety research has contributed signifi­
cantly to an understanding of the processes in­
volved in predicting the consequences of a loss­
of-coolant accident in a water-cooled nuclear 
reactor system. This contribution has enhanced 
our knowledge of (i) modelling relatively simple 
thermohydraulic transients, (ii) fluid conditions 
associated with depressurisation into a contain­
ment vessel, (iii) two-phase flow relationships, 
and (iv) heat transfer under dryout conditions. 
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Table 2 Some equations developed in the AAEC program for two-phase flow characteristic• 

,,1evant dim•nH!iionless grou[Js 

(~ • voll.Uf\ettiG flow f.raction 
of vi1pour 

loi:Al f10w velucity 

y di.stance tram wall) 

Vc.ii.dage ".iefect equation 

Bubble Flow 

= 2 1,,/llP£0-Bl + ovBJ<j>2 } 

Re= DG/[u 1 11+2.56)] 

+ 
J 

y + y Ne/f/2/D 

(subscript 'o' denotes value at a reference position) 

Velocity profile 

Fr1ct1on factor (smooth tube) 

LJistribution parameter 

Average voidage (upflow) 

(S �~� liquid film thickness) 

Heat transfer coefficient 

(T 5 a;; saturation temperature) 

Thermal non-equil ibr iurn 

(x = flow quality 

x8 q as equilibrium value of x) 

Sonic velocity 

Choked flow 

+ 
J 5.66 log y+ + 5.66 

1;/i' = 4 log (Relf) - 0.4 

C 1+2.6/f 
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C0 <j> + l.4(ngc\c,/o~2)i 
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Table 3 CHF experiments with 

Shroud Inner Tube 
Heated Coolant 

Geometry Tube Outside 
Length Pressure 

Exit 

Tested Bore Diameter 
MPa 

Quality 
mm 

mm mm 

Round 16 .1 N/A 2860 0. 89 0.035 

tube 1. 60 - 1 

Round 15. 3 N/A 2850 0.96 O.OG7 

tubes 16. l 3940 - l.05 - o. 78 

21. 5 

Round 8.5 N/A 2870 0. 90 0.19 

tubes 16. 8 - 3700 -• l. 32 - 0.86 

21. 3 

Annuli 9. 5 8. 0 457 1.04 o. o4 . 26. 6 - 18. 6 + 4280 - l 

Annuli 21. 0 ( 14. 4} 1830} o. 83 0. 002 

22.1 15. 9 2740 + l.65 + o. 76 

22. 7 

19-rod 114 15. 9 1250 1.05 0.49 

cluster + 1. 69 + 1 
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Boiling Annular Flow 

We 
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+ 
J jv2/f/< j> 

y + y We f/0 
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+ + 
J 22.63 log y + 2.49 

1//f a 16 log(We f) - 13.4 
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' Fi ; 
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s 

s + i (1-<o>}We f 
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To be determined 

To be determined 

+ + 
J dy 

Post-dryout r low 

Re 

+ + 
J = 5.66 log y + 5.66 

1//f = 4 log(Refi) - 0.4 

C 1 + 2.6,,f 
0 

(1-<o.>) .: (1-B)/C 
0 

qD 
k (T -<T >) 
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0.023 Re0 · 8 (Prv)o.4 

[ + 

See ref. [13) 

See ref. [13) 

vertical upflow of Freon-12 

Mass 
Flux Heating Distribution Reference 

kg 
-1 -2 

s m 

200 Unif-::irm I 221 

- 4100 

450 Uniform I 231 

- 3850 

380 Uniform and axially non-uniform I 301 
+ 2800 

660 Ill Shroud on 1 y, I 24) 

+ 4160 I 2) Inner tube only, or 
I 3 l Both shroud and inner tube; 
Uni form in each case, also 
chopped cosine axially for 
case ( 2 I 

670 Heated t,iHuud or inner tube - I 25) 

+ 4200 axially 1-1niform 

47 Axially uniform - shroud not I 25) 
260 heated 
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